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II 6 A K H
Zd fiyeiq g x o v  mjyaipb yia x tjv  *IQdxrj, 
va evxeaai vdvax paxpvq 6 dpdpoq, 
yepaxoq nepinszeieq, yepaxoq yvcbaeiq.
Tovq Aaiaxpvydvaq xai xobq Koxteonaq, 
zdv Qvpcopevo IIooEibcbva prj (poffdaai, 
xexoia g x o v  dpdpo g o d  noxe g o d  dev 9a fipeiq, 
dv p iv  if oxeipiq g o o  bif/rjhj, dv kxtexxrf 
ovyxivrjoiq xo Txvevpa xai xo acbpa g o v  ayyi&i. 
Toix; Aaioxpvyovpq k o j  xobq Kuxteonaq, 
xov dypio JlooEiSajva dev 9a ODvavnjaeiq, 
dv dev xoix; xovfiaveiq peq oxrjv y/vxi g o o , 
dv ff y/vxrf g o v  dev xoix; oxrjvei kpnpoq g o v .
Nd edxsGai vdvai paxpvq o dpoptoq.
JJoXXa xa xaAoxaipiva npcoid va elvai 
nov pe xi evxapioxrjai, pe xi XaPd>
9a pnaiveiq ae tepevaq npcoxoeidcopevoix;• 
va oxapaxjfaeiq a' kpnopeia Qomxuca,
Koi xeq xaAeq npaypaxeieq v &noxx?jaeiq, 
aevxeqna xai xopaAha, xexpipnapia x  efievovq,
Kai rjdovixa pvpcodixa xaBe Aoyrjq,
o g o  pnopeTq mo dxpOova rjdovixa popcodixa*
<72 noteiq Aiyvnxiaxeq no Ate; va ndq.
va ptWeiq xai va padeiq an xoix; onovdaapevovq.
Ildvxa g x o v  vou g o o  vaxeiq xrjv *Iddxrj.
To <p9doiuov kxei elv o npoopiopoq g o v .
’AAAa prj pia&iq xo xa&Idi dioAov.
KaAtexepa xpdvia noAAb va diapxeaer
xai yepoq nia v’ dpdqeiq oxo vrjai,
nAobaioq pe oca xepdiaeq g x o v  dpdpo,
prj npoadoxcbvxaq nAobxrj va ok dcbaei fj *Wdxrf.
*H 'Iddxrj g * edcoae x' cbpaio xa£eldi.
Xcopiq abxrjv dev ddfiyaiveq g x o v  dpdpo. 
mAAAa dev exsi va oe dcbaei md.
Ki dv nxcoxixif xrjv PpeTq, fj TBaxrj dev ae yeXaae. 
"Exai aotpoq nov eyiveq, pe xoorf nelpa, 
rjdrj 9a xo xax&lafieq rj 'fflaxeq xi arjpaivovv.
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ITHAKA
As you set out for Ithaka 
hope your road is a long one, 
full of adventure, full of discovery.
Laistrygonians, Cyclops, 
angry Poseidon— don’t be afraid of them: 
you’ll never find things like that on your way 
as long as you keep your thoughts raised high, 
as long as a rare excitement 
stirs your spirit and your body.
Laistrygonians, Cyclops, 
wild Poseidon— you won’t encounter them 
unless you bring them along inside your soul, 
unless your soul sets them up in front of you.
Hope your road is a long one.
May there be many summer mornings when, 
with what pleasure, what joy, 
you enter harbors you’re seeing for the first time: 
may you stop at Phoenician trading stations 
to buy fine things.
mother of pearl and coral, amber and ebony, 
sensual perfume of every kind—  
as many sensual perfumes as you can: 
and may you visit many Egyptian cities 
to learn and go on learning from their scholars.
Keep Ithaka always in your mind.
Arriving there is what you’re destined for.
But don’t hurry the journey at all.
Better if it lasts for years, 
so you’re old by the time you reach the island, 
wealthy with all you’ve gained on the wav. 
not expecting Ithaka to make you rich.
Ithaka gave you the marvelous journey.
Without her you wouldn’t have set out.
She has nothing left to give you now.
And if you find her poor, Ithaka won’t have fooled you. 
Wise as you will have become, so full of experience, 
you’ll have understood by then what these Ithakas mean.
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Abstract
The aim of the work described herein is to provide the background, 
underlying assumptions and considerations, as well as describe the tools 
necessary for the development of reliability-based strength criteria for the 
design of the structural components of fast, multi-hulled ships (Chapters 1- 
4) in general, and SWATH ships in particular.
An overall view of the current state and future prospects of the fast marine 
transportation market, highlighting the limitations and advantages of the 
application of such advanced marine concepts is provided in Chapter 1. The 
challenges, both strategic and technological, that would have to be 
overcome before these concepts enjoy a more widespread acceptance from 
the passengers, operators, and governments, are identified and form the 
background within which the work described herein develops. It has been 
inevitable that a large number of topics had to be covered in order to 
provide the reader with the overall picture of the structural design 
problems expected and their solutions in this novel form of transportation. 
As a result, no claim for completeness is made herein, but instead an 'in 
width' study of the topic was felt as most appropriate for establishing the 
degree of interrelation and interaction of the various aspects of structural 
design, and has therefore been actively pursued.
The problem of estimation of both primary and secondary loads on SWATH 
ships is tackled in Chapter 2, by reviewing the options and methods 
available to the designer. Of the secondary loads, the question of slamming 
load prediction on the underdeck of SWATH ships has been given some 
attention, via two sets of drop tests (one by the author) carried out at the 
Department of Naval Architecture and Ocean Engineering, University of 
Glasgow and the main results described herein. Current approaches for the 
determination of fatigue damage loading are also described.
Chapter 3 concentrates on the strength modelling aspects and the associated 
uncertainty as applicable to the fatigue design of both monohull and multi­
hull vessels. A brief description of the sources of fatigue strength reduction 
in welded structures and the possible repair measures, the background to 
the major steel and aluminium fatigue design codes is presented, coupled
IV
with a comparison of the major aluminium fatigue design codes. The 
probabilistic derivation of partial safety factors for fatigue strength 
expressions is also presented but not demonstrated.
In Chapter 4, the work has concentrated mainly in the area of strength 
modelling for the various structural components of the SWATH ship 
under all possible load combinations they might be expected to withstand. 
Although it stops just short of deriving appropriate partial safety factors for 
the various structural components and failure modes in a multi-hull 
structure, detailed guidance on how to do so is provided. The reliability- 
based design procedure to the structural optimisation, with respect to cost, 
weight and safety, of an example SWATH ship, the M.V. Patria is applied 
and described instead in Chapter 5. The conclusions of the research, 
recommendations on the most appropriate strength formulations and the 
areas which may benefit from further research are all finally identified in 
Chapter 6.
Note: Description of the various parameters used in individual Chapters is 
adequately covered in the Notation Section, unless otherwise presented in 
the text.
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A. Notation Used in Chapter 3
^crit
^  threshold
P
Y r
Y q
c
A K
AS
da/dN
E
K c
Kthreshold
m
Ms
M k
M ,
N
N b
Nc
N
n;
is the crack depth for a surface flaw or half width for a penetration 
flaw
instantaneous crack length
(= K c /n ap  is the crack length for unstable crack propagation 
crack length at which stable crack propagation commences 
Z /az , safety index
partial safety factor reflecting the uncertainty in the fatigue 
strength
partial safety factor reflecting the uncertainty in load values 
crack width
(= Y(a) AS tJksl ) applied stress intensity factor range
applied stress range
( k \V m
XAS'1' n j N  I , equivalent stress range 
Vi«l J
the crack growth rate
modulus of elasticity of the material
critical value of the stress intensity factor at which unstable crack 
propagation commences 
maximum stress intensity
stress intensity factor at which stable crack propagation begins 
inverse of the slope of the S-N curves and exponent in the Paris- 
Erdogan rule, as well as in the fatigue strength equation 
correction factor in the crack geometry function depending on the 
crack shape (a/2c)
correction factor in the crack geometry function dependent on the 
weld toe stress concentration, on the weld angle and a/B  
correction factor in the crack geometry function dependent 
upon the crack length to extreme boundary in the direction of 
propagation (a/B) and shape (a/2c).
£  rij , total number of cycles in the fatigue life of a detail
number of "blocks' to failure in the "Area Rule'
constant amplitude life at the greatest stress range in the
spectrum for applications of the 'Area Rule'
number of exceedances, per loading block, of stress Si used in the
application of the 'Area Rule'
number of cycles at a given stress range at any given instance
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Pi Si = P i Smax, as used in the "Area Rule'
Q mean value of the load distribution
R mean value of the resistance distribution
a direct in plane axial stress
<*Q standard deviation of the load distribution
Or standard deviation of the resistance distribution
oz standard deviation of the safety margin distribution
Si specific stress range (block) in a stress range spectrum
Smax maximum stress range value in a stress range spectrum
X shear stress
Y(a) crack geometry function dependent on crack geometry and size
elliptic integral in the crack geometry function dependent on the
crack shape (a/2c)
Z Z = R -  Q, mean value of the safety margin distribution
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B. Notation for the Design of Flat Plates Under Various Loading 
Conditions
a  (=a/b) plate aspect ratio
Ahaz area °f HAZ, equal to the plate thickness times the width of the
softened area. When used in the residual stress estimation A ^  
should be estimated according to Table 4.1 
As stiffener cross-sectional area
Aw cross sectional area of the weld deposit
a long side of rectangular plating
ae effective width of rectangular plating under transverse com­
pression loading
B^p reduction factor accounting for the effects of initial imperfections
on the ultimate strength of aluminium, unwelded flat plates 
b plate width
be effective width of plating
be reduced effective width of plating, as conceived by faulkner, to
account for the continuous loss of plate stiffness in compression in 
the post-buckling range 
p (= (b / 1) Tjoy /  E) plate slenderness parameter
y curve fitting to data constant as used by Valsgard in his expression
for biaxial loading (taken as equal to 1)
Aam reduction in compressive ultimate strength of steel plates due to
inelastic plate behaviour 
e strain under compressive loading, for plates in compression
t| curve fitting to data constant as used by Valsgard in his expression
for biaxial loading (taken equal to 0.25)
C correction factor to predicted strength values by the proposed
aluminium model accounting for the effects of initial imper­
fections in the plates 
Q  reduction factor to the ultimate compressive strength of
aluminium plates, accounting for the effects of positioning the 
welds elsewhere but at the toe of the stiffeners 
D (= E t3/ l 2 ( l - u 2)), plate rigidity
HAZ heat affected zone
E Young's modulus
Et tangent modulus to account for non-linear compressive be­
haviour of welded structures
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kz HAZ reduction of strength of parent material of aluminium alloys
as calculated in BS8118 
X column slenderness parameter
Le effective length of a column in compression as implied by the
boundary conditions assumed 
1, L stiffener length, plate length
Mp (=0.2512 Gy j i j l  -  v  + v2 ), plastic moment capacity of plate strip of
unit width and thickness t 
n material exponent in Ramberg-Osgood strain-stress relation
Pa,ei critical buckling load of plates (or plate elements) in compression
q, p uniform lateral pressure load (in N /  mm2)
P x (= < * x /0  non-dimensional longitudinal stress ratio
Ry ( = a y/ a yu) non-dimensional transverse stress ratio
r radius of gyration of the cross section of a column
g 01 compressive proof stress of the parent aluminium alloy at 0.1%
strain
g Q2 compressive proof stress of the parent aluminium alloy at 0.2%
strain
a o.2 (= w a02) reduced strength of parent material due to HAZ
softening in heat-treated aluminium alloys 
amax maximum stress in a flat plate under lateral pressure loading,
when analysed by elastic small deflection analysis 
G e edges stress in an effective width approach
a p (= Oy -a ^ )  proportional limit stress in a welded cross section
a rc locked-in residual compressive stress in a welded section
a y, a c compressive yield/proof stress of the parent material 
G xu ultimate strength of a plate under in plane axial com pression/
bending acting in the x direction ('long' direction) 
ultimate strength of a plate under in plane axial compression/ 
bending acting in the y direction ('wide' direction) 
x shear stress load in N /  mm2
xy (= Gy /V 3 ) yield stress of the material in shear
t plate thickness
tw thickness of stiffener web
v  Poisson's ratio
w plate deflection, used in the design of flat plates under lateral
pressure loading
16
w percentage of strength reduction of heat-treated aluminium
material due to HAZ softening 
w max maximum elastic deflection of flat plates under lateral pressure
loading, when analysed by elastic small deflection analysis 
w 0 initial plate deflection
w pt final maximum allowable plate deflection
w stiffener stiffener initial permaset deflection
x denotes the distance (orthogonal to the line of application of the
load) of the plate welds from the loaded edges of the plates. It 
does not correspond to the length of the weld.
2z0 extent of HAZ softened strength area due to. welding in
aluminium alloys, prior to reduction for end effects and raised 
temperature effects
2z ( = 2 a  T] zQ) extent of HAZ softened strength area due to welding in
aluminium alloys, after reduction for end effects and raised 
temperature effects 
2zw extent of HAZ softened strength area due to welding in
alum inium  alloys, for stiffener web in the stiffened plate 
structural arrangement
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C  Notation for the Design of Stiffeners
a  web panel aspect ratio
Af cross sectional area of stiffener flange
As cross sectional area of stiffener/ring frame
b stiffener spacing used in tripping analysis
b, bw transverse stiffener spacing in deep plate girders (or length of web
plate in aspect ratio estimation)-not for tripping 
b9 depth of transverse stiffener (usually flat bar) of deep plate girder
bf flange breadth of stiffener
T longitudinal warping constant of stiffener
y* optimum relative rigidity of stiffener (relative to the plate)
y ( = E Is/D d) actual relative stiffener flexural rigidity (relative to the
plate)
Cs (= E t3/ 3 ( l - u 2)b) stable rotational shell stiffness for flat plate
stiffeners
Con (= [e t3/ 3 L (l — u2)] [l + (n L/n R)2| ) stable rotational shell stiffness
for the nth mode for ring frames 
8 (=As / d t )  relative (to the plating) cross-sectional area of the
stiffener
d, dw plate width, web depth, in stiffener rigidity analysis and deep plate
girder stiffener design 
d web depth of stiffener/ring frames (in tripping analysis only)
dc depth of stiffener to mid-thickness of flange
d1 distance of outer shell fibre from the neutral axis of the frame
section containing an effective width of shell) 
dc (* dw + tf/2) distance of shear centre from the shell plating
D (= E t3112 (l -  u2)), flexural rigidity of plating
E material Young's modulus
Ete,Et structural tangent modulus
G shear modulus of material
h distance of neutral axis of plate stiffener combination from mid­
thickness of plating 
I vertical moment of inertia of the stiffener and its associated
effective width of plating about the strong neutral axis of the 
section
1^  moment of inertia of the stiffener flange about the web plane
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IQ polar moment of inertia about the toe of the stiffener/ring frame
Is moment of inertia of stiffener flange about its own neutral axis
parallel to the attached plate 
Iz moment of inertia about the web plane of the stiffener/ring frame
J St Venant torsion constant (= (dw sUf + bf 8tl( t?il0f)/3 for Tees)
k empirical coefficient by Faulkner catering for the stabilising and
destabilising effects of the plating on the stiffener at tripping 
1 effective stiffener length as used in tripping strength estimation
m number of buckling half waves along the length of shell
mp mode number for critical buckling of plate in compression
(number of half waves along the length of the stiffener) 
mT mode number for critical tripping of the stiffener in compression
(number of half waves along the length of the stiffener) 
mt / mj amplification factors for the critical rigidity requirement of 
stiffeners to account for the post-buckling behaviour of the 
associated plating
n number of complete buckling waves around the circumference
£ (= ctt/P t = (a^/pfy) (Rf/R.)>, tripping stress/tripping pressure ratio
o-o-c out-of-circularity
Pc5 (= (ay t/R)/ (l + y G)) pressure at which the applied circumferential
stress at mid-bay and mid-thickness reaches the shell yield stress
pe ^ 3 E(t/R)2) elastic buckling pressure for spheres
pd design pressure
pn Bryant's expression for the overall buckling pressure of ring
stiffened cylinders
p^ elastic collapse pressure for the shell and frame combination by
Bresse
p^ shell buckling pressure of ring stiffened cylinders in overall
collapse mode of failure (by von Mises) 
p9y pressure to cause yielding in the centroid of the ring frame
pm (= |o.919E(t /R)2j -0.636)) lowest elastic buckling
pressure for the unsupported shell between ring-frames
= (Et/R) [n2 -1  + k A,2 ] 1 |[n2 ~^2 + 1]2 + [t2/l2R 2 ( l -  v2)] [n2 -1  + X2 ]2|
where k=0.5 for hydrostatic pressure and k=0 for radial pressure 
(original von Mises expression after Kendrick's alterations)
Py (= P c5)
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Pfy (= (ay t Rf/R 2)/(l -  0.5 u -  y)) pressure at which the outer fibre of
the flange of a ring frame yields 
p Te external pressure to cause elastic tripping in ring frames
p Tui external pressure to cause inelastic tripping in ring frames
p ys ( = 2 oy t/R ) membrane yield pressure for a spherical shell
qae lateral (pressure) load per unit length to cause elastic tripping on a
pinned stiffener 
R mean shell radius
r = orc/ a y ratio of residual compressive stress to material yield
stress
a CT critical buckling strength of flat plate panel in compression
a e axial stress in the stiffener (usually edge stress based on an
effective width approach) 
o*a critical buckling stress of the weakest (depending on the load
condition) subpanel associated with the stiffener whose rigidity is 
considered
a E Euler column buckling stress of stiffener/effective width column
(in tripping analysis) 
a f stress in the centroid of the flange of the ring frame
a T elastic tripping stress of stiffener
a Ti inelastic tripping stress of stiffener
(= Pr a y) structural proportional limit for steel structures 
a y material yield stress (or 0.2% proof stress for aluminium alloys)
a yf yield stress of the flange material
xcr critical buckling stress of a web panel/plate in pure shear
t plate/shell thickness
t9 thickness of transverse stiffener (usually a flat bar) in plate girders
tw web thickness of stiffener/ring frames
x> Poisson's ratio
V average value of the ultimate shear force arising in a web panel on
either side of the vertical stiffener 
Vtt critical buckling shear load for web panels in deep plate girders
z distance of centroid of ring frame cross section toe of stiffener
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D. Notation for the Design of Unperforated and Perforated Girders
a  web plate aspect ratio
A, Aw web plate sectional area
Ac area of web perforation
Af sectional areas of the girder flange
b web plate length
be equivalent effective width of the tension band assuming to act
with a circular cutout reinforcement 
bf width of girder flange
bQ/ h0 length and depth of a rectangular perforation
c position of plastic hinges on the flanges from the corner of web
plate
cc/ct the positions of the plastic hinges on the compressive and
tensile flanges respectively 
cr position of plastic hinge on the reinforcement of rectangular
cutouts
8 extent of width reduction in the tension field due to the
presence of rectangular cutout
D (= E t3/ l 2 ( l -  u2)), web plate rigidity
E modulus of elasticity of the web plate
Ef modulus of elasticity for the girder flanges
G (=E/2 (l + u)) modulus of shear rigidity
d diameter of circular perforation
h web plate depth
hav individual sub-panel depth on either side of the longitudinal
stiffener in question
0 angle of inclination of the tension field in the web plate
0d angle of inclination of the diagonal of the girder web plate
Is moment of inertia of the effective stiffener section (including
effective width of web plating) about an axis parallel to the girder 
web plate
1 moment of inertia of the cross section about the neutral axis
If second moment of area for the girder flanges
kT reduced critical buckling coefficient accounting for the
detrimental effect of web perforations 
kQ critical buckling coefficient for an unperforated web plate in
shear
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8.98+5.6 (h/b)2 for c o l
(clamped boundary conditions)
5.6+8.98 (h/b) for a < l  
anchoring length of reinforcement for rectangular cutouts 
(= b0 + 21) length of opening reinforcement on the web plate
flanges when these are of equal dimensions, and including any 
reduction due to axial/bending loads acting in their cross-section 
(=M pf/h 2 t a y), non-dimensional flange rigidity parameter 
plastic moment capacities of the compression and tension 
flanges respectively
plastic moment resistance of the reinforcement of the cutout
(= 0.251 h2 a y) plastic moment capacity of the web
bending moment required to produce yield in the extreme fibre of
the compression flange assuming a fully effective web
Ramberg-Osgood's exponent accounting for material heat-
treatment and hence for various aluminium alloys
applied compressive force on girder flange
(=bf tf Gyf) squash resistance of girder flanges
concentrated load acting on a bearing stiffener
distance and maximum distance (when at the corner) of the
centroid of the opening (whether circular or rectangular) from
the centroid of the web panel
proof stress of web material, used in the expression in place of 
yield stress in the strength expressions, if the parent material is 
an aluminium alloy
level of tension field action to cause yielding in the web plate
yield stress of web plate material
material yield stress for the girder flanges
yield stress of reinforcement material
critical buckling stress in shear
reduced shear critical buckling stress of a web plate due to the
presence of a web perforation
(=oy/V3) shear yield stress
web plate thickness
thickness of girder flange
compression a n d /o r  tension
w percentage of strength reduction of heat-treated aluminium
material due to HAZ softening, relative to parent, unaffected 
material strength 
wr, t r width and thickness of the cutout reinforcement
V average value of the shear force acting on the web panels and
assumed uniformly distributed 
Vu ultimate strength of unperforated web plate in shear
Vy (=(ay/V3) d t) shear force causing yield in the girder web
Vv Vierendeel shear load
V^t ultimate strength of a web plate in shear in the presence of an
eccentric (to the tension diagonal) cutout
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E. Notation for the Design of Cylindrical Sections
Figure 4.61 may be consulted for additional information on the notation of 
the geometry of ring framed cylinders. This section also accounts for terms 
relating to stringers, cones and dome ends.
A = As (R/Rs)2, equivalent frame area at shell
As cross sectional area of ring frame, or, cross sectional area of stringer
stiffener, in design of orthogonally stiffened cylindrical sections 
aL 1.285 L/^r T
y ( = A (l-0 .5 v )/(A  + 1„ t + 2N  t/a))
Cn out-of-circularity in the nth mode
6p mean amplitude of interframe initial shell distortion of the
plating radially towards the stiffener, (5p/ t « 0.1) 
d overall depth of ring frames
E material Young' modulus.
G (2 [sinh0.5aL cos0.5aL + cosh0.5aL sin0.5aL]/(sinhaL + sinaL))
transcendental function of aL (Fig. 4.62) 
t| weld tension block parameter depending on weld conditions
0 semi-angle of conical transition joint
Ic second moment of area of combined stiffener plus effective length
of shell about the neutral axis parallel to the shell 
1  ^ second moment of area of stringer plus reduced effective width of
shell, se
Iz second moment of area of ring frame alone about its weak neutral
axis
X (=rcR/L)
\ c (=tcR /Lc)
L (= Ls -  tw) unsupported shell length between ring frames
Lc compartment length for general instability
Le effective length of shell
= 0.75 Ls or 
= 1.56 ^/RT or
= 1.556y[Rt N I  ^  1 + —  — Bijlaard's expression
Ls ring frame spacing
N (= (coshaL- cosaL)/(sinhaL + sinaL)) function of aL (Fig. 4.62)
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m number of half waves between ring frames
n number of complete buckling waves around the circumference
o-o-c out-of-circularity
pb (= a y t/R) external radial pressure to an infinitely long,
unstiffened, perfect cylinder which results in the hoop stress 
reaching the material yield stress level (boiler pressure)
Pc5 (= p b/ ( l - y G ) )  pressure at which the applied hoop stress at mid­
bay and mid-thickness reaches the shell yield stress
Pa (= ^ ^ ^ 3  (l -  u2) j  E (t/R)2) elastic buckling pressure for spherical
shell, by van der Neut 
pd design pressure
pn Bryant's expression for general instability of ring stiffened
cylinders
p^ elastic collapse pressure for the shell and frame combination by
Bresse
p^ shell buckling pressure of ring stiffened cylinders in overall
collapse mode of failure 
psy pressure to cause yielding in the centroid of the ring frame
pm elastic buckling pressure for the unsupported shell between ring-
frames
= (Et/R) [n2 -1  + k A.2 f  |[n2Xr2 + if + [t2/l2 R 2 (l -  v2)] [n2 -1  + A.2 f l
original von Mises expression after Kendrick's alterations, where 
k=0.5 for hydrostatic pressure and k=0 for radial pressure
(= ^0.919 E (t/R)2 j^L ,/y (R  t)j-0.636j) least value by Windenburg
Pyf ( = (Pb Rf/R ) / ( l - 0 .5 u -  y)) pressure at which the hoop stress in
the flange of a ring frame reaches yield level 
py9 ( = 2 a y t/R) membrane yield pressure for a spherical shell
p ^  hydrostatic pressure at which the von Mises equivalent stress (of
axial and hoop stress) at mid-bay and mid-thickness of the shell 
reaches the material yield stress
ph (=0.134 (VLR/t)°407) knockdown factor as used by Cho/Frieze for
hydrostatic pressure 
R mean shell radius
Rf radius to the centroid of the flange of the ring frame
Rm mean radius of shell in the conical transition joints
Rs radius to the centroid of ring frame
RX,R0 ratio of applied axial and hoop stresses to yield stress
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r = a rc/ o y ratio of residual compressive stress to material yield
stress
a rc residual compressive hoop stress induced in the shell due to
across and along the weld shrinkage 
orcl compressive hoop stresses in the shell induced by the along the
weld shrinkage
orc2 compressive hoop stresses in the shell induced by the welding
distortion of the plating radially towards the stiffener occurring 
due to across the weld shrinkage 
a T elastic tripping stress of ring frame
a y ' material yield stress (or 0.2% proof stress for aluminium alloys) 
a yf yield stress of the ring frame flange material (or 0.2% proof stress
for aluminium alloys)
G ys yield stress of the shell material (or 0.2% proof stress for
aluminium alloys) 
s stringer spacing
se effective stringer spacing in the post-buckling range
t shell thickness
taper R2 -  I^ / l^  where R2 > R1 for a conical section
tw web thickness of ring frames
x> Poisson's ratio
(J)x ratio of ultimate axial compression stress to yield stress
<J>0 ratio of ultimate hoop stress (corresponding to interframe shell
collapse pressure) to yield stress 
x distance of stiffener flange from the effective neutral axis
Z, ZL (=(L2 /R t ) ^ 1 - u 2) Batdorf parameter
Zs (= (s2/R t ) ^ l - u 2) Batdorf shell width parameter
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CHAPTER 1
1.0 Introduction
The best indication of the level of development of a country is the 
infrastructure and efficiency of the domestic transport system and the 
quality of links with the international physical distribution network. A high 
quality transportation system, encourages human travel, the exchange of 
ideas and experiences, supports better understanding between nations and 
geographical regions and provides a major boost to trade and industrial 
development. Indeed, worldwide economic growth has been and will be 
accompanied by an increase in the manufacturing of high-value-added 
products and international expansion of production bases, resulting in, and 
based upon, increased cargo movement. To cope with these changes, new 
means offering high-speed, high volume cargo transportation capabilities 
are needed. Conventional air and marine cargo carriers are not satisfactory 
as they both lie on either end of the speed-capacity range of requirements. 
Fast marine transportation can provide a middle of the road solution by 
blending to the extent required, high carrying capacity with increased speeds.
Therefore, the modal shift from land to marine transportation becomes 
increasingly attractive especially as land networks are experiencing 
trem endous congestion problems worldwide. Trailer transportation 
"bottlenecks' highways and when coupled to the dramatic increase in the 
number of cars on the roads results in traffic congestion and environmental 
pollution. In addition, the railway system in Europe and around the 
industrially developed countries, is overloaded, and considering that there 
is a limit to what can be carried by air, fast marine transportation seems to be 
the solution.
1.1 The Case for Fast Sea Transportation and Prerequisites for Success
The success of a fast marine transportation service depends on the balanced 
satisfaction of the client requirements, the shipowner's/operator's technical 
and financial constraints and the governmental or inter-governmental 
policies. These individual demands are described next.
1.1.1 The Passenger's Viewpoint
From the passenger's point of view, fast marine transportation can only
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compete with the other means of transportation on the basis of
• speed
• economy
• availability and frequency of service
• comfort.
One cannot identify a specific level of passenger acceptance for each of these 
elements, and the optimum solution, although very dependent on personal 
preferences, should be a balanced compromise of the above. This is obvious 
as the time of travel is more important for a passenger over short routes 
while over longer routes the issue of travel comfort and seasickness 
dominates preferences more. The passenger requirements are also expected 
to vary if the passengers are frequent or occasional travellers and are 
walkers, drivers or bus users. For example, for frequent travellers, whose 
travel distance is normally 1-25 nautical miles, fast marine transportation 
has no serious benefit as the routes and hence travel duration is anyway 
small and is perhaps more dominated by the incompressible time spent in 
port. The lower limit on travel duration really depends on maneuvering 
times which tend to cancel out the beneficial effects of extra speed on 
crossings that require less than one hour of actual navigation time. On 
longer routes an increased service speed can have greater impact.
On the other hand, occasional travellers, which are mostly found in longer 
routes, have different requirements. If on foot, the passenger has the option 
of fast trains on land or air transport, and hence time is of essence. "City 
centre to city centre' connections become more important for distances up to 
100 nautical miles while for larger distances where air transport becomes 
competitive, the ability of efficient links with the rail, road or indeed the air 
transport systems are of paramount importance. The fare as well as the 
relative waiting time prior to departure and after arrival will also play an 
important role in choosing sea transportation rather than air over long 
distances. Car drivers however, are more certain customers as neither rail 
and certainly air transport offer fare efficient transportation of the car. What 
they are mostly interested in is the time of their travel, although they might 
opt for the longer overnight conventional ferry crossings which provide 
more comfort and a large variety of on board entertainment. The fast craft, 
'airline style' transportation is not necessarily attractive as it will restrict the 
passengers to their seats for safety reasons, the feeling of boredom increasing
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with the duration of travel. Airline style entertainm ent can help in 
alleviating this problem but not as effectively as on the overnight ferries.
More specifically, current trends in traditional and fast ferry transportation 
indicate that the longer the crossing the more passengers tend to choose a 
fast ferry [1]. Indeed, a market research study on a conventional ferry on a 
crossing between Italy and Greece [2] showed that 96% of the passengers 
would travel with a fast ferry if the time of travel was halved at the same 
fare. This percentage would drop to 85% if the travel were to be undertaken 
by the passengers indoors (due to high speed) and hence confinement 
problems would be of greater importance. Small crossings will not be faced 
with this problem. In terms of fare costs, a large percentage of passengers 
would be prepared to pay 10% extra for a faster service while only 30% 
would be prepared to pay 25% extra!. It is worth noting that currently fares 
charged by ferry operators for fast craft services are about 10-20% more than 
those charged for passages by conventional ship [3]. Comfort and availability 
of service were assumed to be as found on current conventional ferries.
It therefore looks likely that fast sea transportation will face competition in 
the longer routes (150/200 nautical miles) where the overnight ferry 
provides the opportunity to transform the crossing to an overnight mini­
cruise. The shorter routes (50/150 nautical miles) are expected to be 
dominated by fast marine concepts. Such routes are indicated in Table 1.1 
from where the potential for use of advanced marine concepts in Europe is 
obvious. The northern European routes are more attractive than the 
southern mainly because of the relative density of the population and the 
difference in economic development. The routes in the south have the 
disadvantage of being longer but are less frequent which, when coupled 
with the influx of tourists from the north to the south, provides a 
considerable potential for development in this geographical area as well.
1.1.2 The Operator's Viewpoint
Shipowners are slow to embrace fast marine transport, mainly because the 
technology is largely untried and its financial and technical reliability is not 
well established yet. Despite this understandable view, some financial 
advantages on both the initial cost as well as the operational costs are 
possible. The higher initial costs arise primarily from the requirement for a
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larger and more powerful power plant, or indeed duplication of power 
plants (in the case of multi-hull vessels) may well be balanced, if not 
cancelled out, by the more standard and simplified accommodation 
arrangement observed in fast craft. After all the avoidance of overnight 
services (a direct result of high speed and proper management), eliminates 
the need for passenger and crew cabins, hence reducing the initial 
investment in hotel and catering service equipment. According to Dobler [4] 
the initial cost may be 3-4 times lower than for a conventional ship with the 
same daily carrying capacity. Of course, the consideration of faster speed and 
the investment into a more powerful and expensive power plant, will also 
be affected by the operational window of the vessel, as well as on the ability 
to maximise the ability of extra speed by adding extra trips a day to the ship's 
schedule. Machinery reliability then becomes important.
W hen considering operating costs, fuel expenses which are closely 
associated with engine fuel consumption and bunker prices will certainly 
discourage the choice of a more demanding high speed vessel. Technical 
considerations affecting the final choice are described in paragraph 1.3. Such 
considerations have to be properly balanced by the possibility of crew 
reduction and the associated cost saving that a high speed vessel has to offer. 
For example, a 450 passenger fast craft vessel can be safely operated by 15-20 
crew, while a conventional vessel for the same number of passengers would 
employ 90-120 staff depending on the importance of the catering services on 
the vessel's operation [4]. Additional fare earning space will result as well.
Apart from these purely economical considerations, the choice of an 
advanced marine vehicle in place of the traditional monohull, will also 
depend on more practical and operational factors.
Although the ships must be designed to match the sea conditions in the 
geographical area(s) of interest, their motion response should lie within the 
passenger's acceptance levels of comfort (usually O.lg acceleration level). 
Frequent travellers are more tolerant but it must be remembered that 
experience from the transportation of military personnel is not necessarily 
indicative of the behaviour of civilian passengers. Apart from ship design 
factors, psychological aspects will also contribute to the passenger's feeling of 
comfort or discomfort. Passenger dissatisfaction will be precipitated by 
confined spaces, which when coupled with the long-term exposure to
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seasickness may drive passengers away from a particular ship type and 
indeed service. The absence of on board entertainment (in the form of food, 
drinks, shops, i.e. 'aircraft type' entertainment) will accentuate the problem. 
In other words, one might be tempted to conclude that the operator's 
contribution would be to 'tame' the interrelated effects that the various 
technical, economical, and 'human' parameters in a way that will guarantee 
the attractiveness of the service. Hence, whether a distance is considered 
long or short for the application of advanced marine vehicles, will depend 
on the actual speed, bunker capacity, passenger facilities, and passenger 
habits all of which will determine the time the passengers are willing to 
remain on board. The catalytic effect that space and variety of on-board 
activities available to the passengers have on the aforementioned decisions 
and considerations should not in any case be underestimated.
Operational considerations require the selection of suitable sealanes for the 
vessel's operation, a selection closely linked with the selection of the port 
and terminal location and vice versa. The final choice will depend on the 
ship's size, the maneuvering characteristics, the traffic density and pattern as 
well as the regulations controlling the specific sealane. Obviously, it will be 
inefficient to select a port that will restrict the vessel to operate within 
sealanes of high traffic density an d /o r of considerable speed limit 
restrictions. Smooth connection of ports and terminals to the remaining 
transportation infrastructure is essential for guarantees on the fast and 
efficient transit of passengers and cargo to be made. This is only achievable 
by proper organisation and upgrading of facilities at the terminals. The 
considerable financial capital investment required for the construction of 
new infrastructure for the land transportation systems, could be drawn 
either locally or introduced through a wider governmental or inter­
governmental policy on transportation.
1.1.3 The Governmental Viewpoint
Government policies on fast marine transportation, at least in Europe, are 
directly affected by the new status introduced through the 'European 
Union'. The removal of national barriers within Europe is revolutionising 
the transport market which now has to meet the changing patterns of trade 
and customer requirements. The free and efficient movement of goods, 
people and services is one of the three (together w ith energy and 
telecommunication) policies expected to lead to European integration and
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encouraged by the Trans-European Networks Programme. Indeed, 
approximately ECU 220 bn has been allocated for transport infrastructure 
projects over the next few years [5]. The purpose of this programme is to 
interconnect the national networks and link island, remote and peripheral 
areas with the more central areas of the Union. However, the new 
transportation networks have to be balanced, efficient and environmentally 
friendlier, in order to avoid rerouting traffic to areas where congestion and 
pollution is already a problem. This will also encourage the positioning of 
industrial complexes away from densely populated areas. Unfortunately 
though, the phenomenon of modal shift form land to sea transportation 
observed in Japanese government policy (e.g. Techno-superliner project), is 
far from applicable to Europe, especially as it is against the Tree competition' 
spirit. Active national governm ent/Com m ission intervention which 
would require a transportation modal shift is discouraged as it may 
eventually prove discriminatory over other transportation modes. Even if 
environmental considerations demand such a shift, the problem exists of 
deriving a formula by which fast craft shipping is promoted but not against 
other means of transportation, whether sea. land or air. Free competition 
between the various modes of transportation is expected to remain the rule 
of the game for Europe.
1.2 Economic Considerations and Future Prospects
Having established the 'rules and limitations' under which advanced 
marine vehicles will have to operate, it is perhaps worth concentrating on 
the available prospects for their widespread application. Over the last few 
years the market for different types of high speed vehicles for both passenger 
and passenger/car transportation is witnessing a considerable growth 
reaching nearly $ 500 million in 1993 [6, 7]. This general growth trend which 
commenced in the early seventies is demonstrated in Figure 1.1 while the 
number of each of the types of high speed marine vehicles delivered in the 
period of greatest growth (1988-93) is summarised in Table 1.2. Recent 
increasing orders for large high speed ferries, e.g. HSS catamarans from 
Finnyards for Stena, Incat wavepiercers for Condor and Stena etc. (Table 1.3), 
indicate that this growth will continue. But the rate at which this will occur 
is greatly dependent on the ability of the industry to guarantee reduced 
economic and technical risk and enable concept comparison by the 
definition and standardisation of appropriate performance parameters. This 
is currently not the case as demonstrated in paragraph 1.3.
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In general, the fare level is of primary importance to the success of a fast 
marine service and proper market research should ensure that it remains 
competitive with that of other transport systems. Figure 1.2 demonstrates 
the considerable difference in fares among air, sea and land transportation 
(in japanese yen). Although the lowest fare level (irrespective of travel 
medium) tends to increase with service speed, fast sea transportation is 
clearly unable to compete in fares with any other means of transport. The 
fares are third only to those of the helicopter and the Concorde. 
Furthermore, despite the reduction in the level of unit fare (L, price per unit 
travel distance) observed in all modes of transportation for increasing 
distance travelled (Fig. 1.3), fast craft are still expensive but more attractive 
than ultra-fast trains and airplanes. A comparison of the normalised 
operational cost of the individual transport systems with the unit fare (Fig. 
1.4) is even more discouraging. In terms of operational costs, the most 
competitive means of transportation is the ultra-fast rail link for the 
complete range of distances travelled while other land transport systems are 
equally attractive for distances approximately up to 200 km, above which air 
travel takes over. Fast craft are however seen to be operationally cost 
efficient than the traditional ferry services. It must be remembered that the 
aforementioned figures and comments can be affected by national 
government policies on transportation and should therefore be treated only 
as indicative of the time the study [8] was undertaken (1992-1993). What one 
may conclude though is that fast marine transportation remains an 
expensive and costly service and its success will have to be based on routes 
where the vessels will not be expected to compete with conventional 
transport systems. Island or inter-island sea routes thus become attractive.
If set more simply, economic success depends on the ability of the service to 
generate a high return in relation to their mass. Humans are an ideal dense 
cargo as they load and stow themselves, take up low amount of space and 
even increase revenue by buying goods on board. Cars on the other hand, 
are not as attractive as they weigh approximately 15 times more then a 
passenger, take up more space than a human, do not buy duty-free goods 
and are not expected to contribute proportionately to the fares paid. Hence, 
the service of car transportation is there to satisfy the customer 
requirements rather than to provide additional revenue for the operator. 
The transportation of freight in standard containers is even a greater 
problem with regards to its weight and handling costs.
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Not surprisingly, as the payload capacity decreases with increasing speed 
(Fig. 1.5), the current trend is towards small, passenger carrying, fast craft. It 
is therefore obvious that for fast cargo vessels with increased payload 
demand and intended for longer routes, new, large displacement solutions 
must be considered. The more weight sensitive and hence complex design 
concepts are closely associated with high speed and payload limitations but 
for large ship sizes the simpler concepts are likely to be preferred [9]. For 
fast, large displacement (e.g 12,000 tonnes), cargo carrying craft, catamarans 
are seriously being considered in addition to SESs which are also attractive 
due to their operational efficiency. However, the complexities and design 
limitations of the systems supporting the air-bubble means that their 
maximum payload would be rather restricted relative to the catamaran 
option. For displacements up to 6,000 tonnes [9] they remain an attractive 
option and have been tried for payloads of 1,000 tonnes via the TSL project 
in Japan. For smaller sizes of vessels, where cargo payload capabilities are 
not usually a requirement, advanced technological concepts like hovercraft, 
foil-catamarans, SESs and WIG aircraft will be of much better value for the 
passenger transportation market. The question of passenger safety will have 
to be addressed very carefully though.
In terms of transport efficiency, SES and hovercraft achieve the highest 
values (Table 1.3), despite their higher initial cost and the difficulties in the 
development of lifting systems for larger size craft (higher than 120m, 3000t 
full displacement). Catamarans are generally viewed as having the greater 
potential for size increase, especially as they are able to reach transport 
efficiencies close to those of hovercraft. Recent orders (the Stena HSS) 
underline this prospect. Although the transport efficiency for SWATH ships 
does not seem to deviate from that of the monohulls [3], their speed is 
restricted to about 35 knots, since the resistance of such types increases more 
rapidly above this value. Fast monohulls were found [3] (Table 1.3) to 
possess slightly lower transport efficiencies than those achieved by 
catamarans and provide equally great potential for size increase as 
catamarans do. After all their construction is a lot easier and cheaper than 
that of multi-hull vessels.
Fast sea transportation is not just a question of sailing at high speed. It is 
also a question of upgrading or establishing new transport systems where 
ships, shore facilities and management services are all geared up and 
appropriately tuned for the speediest and more efficient operation. As costs
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at the port interface have been identified as normally lying between 50-80% 
of the sea freight [5], the efficiency of port operations are of tantamount 
importance. By reducing the time of cargo/passenger handling in port, the 
time spent at sea can be increased (if operational strategies permit), the 
resulting lower speed requirement having 'knock-on' effects on propulsion 
machinery, fuel costs and eventually payload capabilities. The possibility of 
speed reduction will reduce freight rates (or increase profit margin). If 
however, speed reduction in transit is not a strategic aim, freight rates can 
still be reduced from the increased frequency of departures and the increased 
cargo quantities per day thus carried.
Reduction of time in port would require an investment in cargo/ passenger 
handling facilities which should also be properly and smoothly linked to 
road, rail or even air services. Terminal installations will therefore have to 
be especially designed to accommodate the geometrical characteristics of the 
vessel and its operational pattern, allowing the fast and safe berthing and 
unloading of passengers, cars and cargo. Cargo handling on board the vessel 
should be reduced to the minimum necessary and completed in the port 
area while intermodal transportation between the manufacturer and the 
customer using the same cargo unit all the way is becoming more and more 
important. Extensive application of electronics and image recognition 
systems for faster handling of documentation and customs clearance will 
speed the process considerably. On-land reception facilities should be 
characterised by the constant availability of services, their reliability, 
punctuality  and adaptability  to custom er needs, sim ultaneously 
maintaining high safety standards. Airport traffic management may well 
prove a helpful guide towards any necessary changes and adaptations.
1.3 The Comparison of Advanced Marine Transportation Concepts
The classification of these advanced marine vehicles is based on the means 
by which both buoyancy and speed are generated and is described in greater 
detail in Appendix 1.1. Figure 1.6 demonstrates the relation between the 
various forms of lift, the sizes roughly indicating the numbers of vessels of 
the individual concepts existing worldwide. The current trend is more 
towards hybrid solutions combining two or all three of the lift forces, the 
most popular being the surface effect ships.
In trying to identify what is meant by 'small' and 'high speed' no widely
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accepted agreement is available. Instead the view of the Committee V.8 of 
the 1994 1SSC [10] may be used as indicative, which incidentally is based on 
an earlier proposal by Blyth [11]. It is recommended that an upper limit to 
the displacement factor ( tonnes /  (L xB)15) of approximately 0.04 will 
identify a 'small' vessel while a minimum limit on the volumetric Froude 
number (V / ( g x  V^3)05) of approximately 1.0 (Fig. 1.7) will imply a 'fast' one. 
Apart from identification and categorisation difficulties, the evaluation of 
relative performance is hindered by the lack of worldwide standardisation 
in the description of parameters which would allow the owners, operators 
and even the banks to evaluate the performance and economics of the 
various design concepts.
It is difficult to establish a methodology for effectively evaluating and 
comparing the performance of advanced marine vehicles, due to the large 
variety of criteria (35 in number presented in [12] and some in [7]) and 
concepts available. Any combination of criteria can be inadequate or 
misleading unless a particular service requirement an d /o r operational 
characteristics are identified for which the optimum design for each type of 
craft will then be obtained. This difficulty is best demonstrated if one 
compares a SWATH ship with a monohull. If the criterion is set to be the 
payload (or displacement), assuming the same speed and endurance, the 
SWATH ship will be larger and more costly (appro. 20% [13, 14]) than a 
monohull. This cost difference is not necessarily due to the more complex 
construction methods but mainly due to the larger weight fraction of the 
SWATH that would require a larger structure for the same payload 
capability. On the other hand, if the criterion is seakeeping performance a 
monohull having equivalent seakeeping performance to a SWATH would 
be 29% bigger and cost 27% more [14]. As it is obvious that preferences will 
change if the criterion is changed, Betts [13] recommends the comparison to 
be made on an 'equivalent mission' basis. This implies considerations, 
appropriately weighted to relative importance, of payload, speed, operability, 
production cost, manning, operating costs, overall availability, and turn 
around times.
Lang and Slogett chose to compare the various fast marine transportation 
concepts by their calm water performance and the effect of waves on the 
performance, transport efficiency, motions and operational capabilities. 
Figure 1.8 compares the non-dimensionalised drag coefficient Cd / E
37
(=2 D/(A^3 pV3 V2)) with the Froude number for a variety of marine craft in 
calm water. D is the drag force, E is the propulsive efficiency, V is the 
vehicle speed, p is the fluid density and Cd is the drag coefficient. The figure 
indicates that the SWATH concept is superior to the other vessels for 
Froude numbers within 1.2-1.5 and superior to monohulls and catamarans 
in the range 1.5-2.2. Although the propulsive efficiencies of SWATH vessels 
are higher than those of monohulls, the higher wetted surface in the former 
results in drag coefficients at the lower Froude number range which are 
70%-75% greater than that of monohulls. However, SWATH vessels have 
much less wavemaking drag than monohulls so their values for Cd /  E 
tend to be lower than those of monohulls in the transition region between 
the displacement and planing operational modes. In rough water the 
performance curves of the SWATH vessels and hydrofoils would not 
change appreciably but those of the other vessels would rise considerably 
especially in the higher seastates. Figure 1.9 demonstrates the advantage in 
powering requirements that SESs have over the other types of vessels and 
especially over SWATH vessels which seem to be the most demanding type 
in this respect.
In rough weather, it is the reduction in speed in waves as well as the level 
of vertical acceleration that can characterise the performance of a vessel. 
Figure 1.10 shows the wave effect on reducing the speed of various vessel 
types. The SWATH and hydrofoil remain nearly unaffected by waves and 
are expected to operate at much higher seastates while monohulls, SES and 
hovercraft suffer considerably. The air-bubble loss occurring at high sea 
states is to blame for the considerable reduction in speed observed in 
hovercraft and SESs. All other types of vessels suffer a less dramatic drop in 
speeds. Generally, SWATH and hydrofoils exhibit much less acceleration 
(limit of comfort O.lg) in waves than hovercraft and SES. (monohull 
acceleration limits would be expected to lie between the two sets of craft but 
closer to the monohulls and the SES [15]. Table 1.4 presents data for existing 
hovercraft, SES, hydrofoils and SWATH vessels showing that waves 
significantly reduce the transport efficiency (this time expressed in terms of 
passengers) of the hovercraft and the SES craft but not those of the hydrofoil 
and the SWATH vessels. In the smaller waves the hovercraft and the SES 
are the most efficient of the four concepts but for the larger waves the 
SWATHs and the hydrofoils take over. When the vertical acceleration of 
the vessels midships is considered (Fig. 1.11), the superior seakeeping 
characteristics of the SWATH concept become apparent, with a considerably
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low acceleration relative to all other fast craft types. The deep-V monohull 
is the second best type in this respect with the monohull providing the 
worst comfort on board.
In general, it is the ability of a concept to carry out a pre-specified operation 
and the criterion of performance for that task that will be the ultimate and 
most accurate indication on which the final selection should be based.
1.4 The Technical and Strategic Challenges
In the years to come, high speed marine transportation will be of increasing 
commercial importance for both passenger and cargo transportation and is 
therefore expected to become part of everyday life. However, the 
combination of the revolutionary developments in basic technologies 
required and the considerable involvement of larger industrial groups is 
expected to change the fast maritime industry from boat-building to a highly 
international in basic technology and operation, 'aviation-type7 industry. 
The resulting challenge to technical and operational expertise will require 
close co-operation in many areas, both nationally and internationally.
The main hurdles to be overcome for the widespread application of 
advanced marine vehicles are generally of research and development, 
operational and industrial nature. Industrially, the technology has to 
overcome the obvious disadvantage of the high initial investment cost and 
the great risk involved in it. The obvious cost of prototype construction and 
the uncertainty in the market volume that would otherwise guarantee the 
investment are adding considerably to the problem. In the operational 
field, the large liability of the human factor to marine accidents needs to be 
effectively controlled, especially as the speeds are now much greater leaving 
no room, or time, for corrective actions or mistakes. Hence, improvements 
and international standardisation on training and crew communication 
procedures, standardisation of operating compartments and development of 
effective navigation and coastal traffic systems, are essential to guarantee the 
small numbers of accidents enjoyed by the aircraft industry. Even the level 
of competency as well as evaluation of the crew should perhaps approach 
those requested by the aviation authorities. Research and development 
efforts are currently concentrating on the load, response prediction and 
motion control for individual designs, as very well demonstrated in [loc. cit. 
8, 1993]. The driving force behind this research is the need for the
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development of computational fluid dynamic-based tools that will 
substitute time consuming and relatively more expensive model test data. 
The latter are of course essential for the validation and calibration of the 
computer codes currently actively pursued worldwide (Japan, Korea, 
Germany, United Kingdom, Norway) for a variety of fast craft types. More 
details on these projects are available in Appendix 1.2. Structural design of 
these vessels should be supported by a fresh look into current codes and 
procedures. The uncertainties in loading and construction, coupled with the 
lack of experience and the need for light-weight structures, encourages a 
shift from the deterministic, allowable stress approaches to a reliability- 
based, limit state representation of structural capacity. The specific research 
and development needs are very well outlined by Faulkner and the reader 
is referred to [16,17,18] for further information.
Apart from 'structural' aspects, the efficiency of propulsion and machinery 
systems requires considerable research and development input [19], 
especially as they will have to abide to stricter regulations on emissions and 
a variety of operational requirements. The large number of machinery 
failures observed in DNV classed vessels (Fig. 1.12), suggests that machinery 
reliability at highly competitive environments is still a problem.
Although a recent visit to Japan and Korea of a number of UK experts on 
fast marine transportation [9, 20, 21] confirmed that the West can compete at 
the technical level with the Far Eastern builders in this emerging field, it 
also concluded that there are still lessons to be learnt on the organisation or 
re-establishment of the R&D rules of competition between national 
industries to enable them to effectively compete at the international stage. 
A long-term strategy based on partnerships, rather than short-term 
collaboration that would result in bitter competition in one or two years 
time, seems to be the policy of the Far East and looks the only way forward. 
Government fiscal policies characterised by co-operation rather that 
protectionism, coupled with a sound transportation policy aiming in the 
years ahead will greatly encourage inter-firm collaboration. In Japan, such a 
'nationalistic' approach to industry is possible and is strongly encouraged by 
a strong governmental commitment to a modal shift to sea transportation 
and the presence of a local market for the new technology. As already 
described earlier (para. 1.1.3) under European Union laws this is not 
possible, following a more 'European' policy, with its disadvantages in
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terms of organisation and effectiveness. After all the Far Eastern yards seem 
to be quite happy in dictating the future trends rather than following suit 
developments imposed on them by their international competitors.
However, irrespective of any actions at the political and strategic levels, 
success is also greatly dependent on the existing organisation and industrial 
culture. The belief in continuous improvement, teamwork, and workforce 
commitment to long-term company objectives, have proved to be extremely 
successful in all industrial sectors in the Far East for so many years, and is 
believed will be the factors that will decide on who will eventually control 
the market of Fast Marine Transport Vehicles.
1.5 Aspects of Structural Design of Advanced Marine Vehicles
The number of repairs carried out worldwide, on the existing fleet of fast 
craft can provide an indication of the designer's experience on matters of 
structural material selection, the adequacy of available load estimation 
procedures as well as being informative of the degree of shipyard 
qualification in carrying out the complex construction tasks required, the 
adequacy of classification rules and, nonetheless, the operational habits of 
the owners. According to Wiklund [19], those damages that have to be 
repaired back to the original standard, are not due to poor design, but due to 
structural overloading. When however the structure has to be improved or 
rewelded, it is poor design or workmanship by the yard that are to blame. 
Reinforcement of the structure will almost certainly imply inadequacy of 
classification regulations. Based on these comments and with reference to 
Figure 1.13, one may conclude that most failures are due to load prediction 
methods and that the available technology is still under development. It is 
unfortunate that a 'learning from damages' approach is difficult to achieve 
by the present classification and operation system. A lot of in-service 
experience, and significant information on structural damages is either 
'swept under the carpet' for reasons of maintaining the image of service 
reliability, or simply because a significant number of vessels are deleted 
from the class after one or two class periods and their repair records are 
either incomplete or lost.
As a first step in improving the reliability of the fast marine structures one 
needs to have a fresh look at the design practices currently used. Two 
methods for structural design are generally available, design by rides and
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design from firs t  principles. The advantages of rule-based design of ease of 
application and the very near lack of expertise required to apply them, is 
overshadowed by the general nature of their application to the variety of 
fast marine concepts, without the support of any extensive in-service 
experience and data. Although the guidelines draw from the extensive 
experience on the more traditional means of sea transportation, the specific 
needs of fast marine vehicles are obviously not sufficiently addressed and 
hence any design recommendations and load estimations for these cases 
will not be much different than educated guesses! Perhaps not surprisingly, 
these empirical method^ of load estimation and scantling derivation should 
also not be expected to act in the interest of construction or indeed weight 
saving. Any individual seaway load and response estimations, no matter 
how detailed and accurate they are, they will have eventually to stand up to 
the test of the regulator's empirical but conservative predictions, a test at 
which the most conservative predictions usually prevail. The risk of 
overdesign or indeed under-design is always present.
As Faulkner [16] points out, the design rules for small fast monohulls  have 
evolved slowly through the experience of the world's navies although this 
is not the case for multi-hull forms. For these concepts, the regulations have 
not evolved  but simply have 'm ushroom ed ' within brief times, primarily 
in response to market needs, and thus following developments instead of 
dictating them. The lack of design and operational experience for these craft 
has added to the problem which resulted in regulations [22-27] that 
demonstrate inconsistencies in their load estimation procedures [28], 
account for the structural slenderness in a conservative manner rather than 
using ultimate limit state criteria, and introduce non-uniform levels of 
safety in the structural components. DNV are considered to be the most 
comprehensive, having spent more time and investment than any other 
classification society in researching the loads and structural response of 
these craft types. But usually such efforts are carried out in support of a 
wider national research collaboration. A brief review of the major national 
research and development efforts worldwide are presented in Appendix 1.2 
and form considerable input to the current review of the IMO regulations 
concerning these craft. The previous Code of Safety for Dynamically 
Supported Craft adopted in 1977 is being substituted by the Code of Safety for 
High Speed Craft with a renewed safety philosophy which is based more on 
a risk analysis approach coupled with the traditional philosophy of passive 
protection in the event of an accident. Human factor engineering, active
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safety systems, quality management risk assessment all now become 
important aspects. The weight sensitivity of the fast marine structures has 
been recognised and permission is granted for the use of non-conventional 
lightweight materials on the basis of maintainance of the same safety 
standard as required from the traditional ships. Stringent navigational and 
operational requirements are also imposed in view of minimising the risks 
of collision at high speeds. More details and the outline of the new IMO 
Code may be obtained from [29].
From the above discussion, it becomes obvious, that a f i r s t  principles 
approach to design would be more suited to the random requirements and 
operating profiles of individual fast craft designs and routes. This approach 
also suffers from the lack of relative service experience of similar sizes and 
types of vessel, the lack of detailed information on the use of more exotic 
materials, and the presence of unknown loads and structural responses. The 
complexities encountered in 'first-principle' design are:
• proper material selection to address the structural requirements of the 
specific application
• accurate estimation of primary and secondary loads
• limit state strength modelling should be used to account for the post- 
buckling behaviour of structural elements especially as the slenderness 
and complexity of structural arrangements and failures by buckling 
and/or fatigue are increasingly probable
• rational review of the safety factors used in design is essential, to ac­
commodate the larger uncertainties in fast craft structural design. A pro­
babilistic approach to their derivation is more appropriate (para. 1.5.3)
• cost, weight and construction requirements tend to impose conflicting 
requirements
• the need for expensive, full scale structural testing for novel design
concepts, is essential to establish the level of stress loads in the
structural components.
Such considerations may only be addressed by a reliability-based, limit state 
structural design approach, consisting of four stages; (a) development of 
accurate load prediction tools, (b) limit state modelling, (c) probabilistic 
modelling and (d) reliability evaluation. These are briefly presented in the 
following paragraphs.
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The main advantages of a probabilistic approach to structural design is that, 
via the introduction of appropriate partial safety factors, it provides 
consistent levels of reliability over a range of different design situations 
(loads and structural elements) and hence the large differences in implicit 
safety levels for different failure modes in a structure are eliminated. The 
provision of a framework for sensitivity measurements and the implied use 
of partial safety factors allows the more rational and explicit consideration 
and evaluation of uncertainties associated with the individual design 
variables (e.g. loads, material properties and strength modelling). This is 
particularly useful for novel designs for which the ability for comparison of 
alternative designs is missing. The generation of designs that are efficient in 
terms of structural weight and safety is thus possible. In addition, the 
acceptable risks of failure can be adjusted to the consequences of failure. The 
determination of efficient and more economical inspection and repair 
strategies (e.g. determination of frequency of inspection/repair, warranty 
clauses, spare parts requirements etc.) is also possible [30, 31]. Hence, new 
design concepts can be created with relative confidence and without prior 
need for large scale experimental tests which are expensive and time 
consuming. On the other hand, the main disadvantages are 'user' orientated 
as statistical concepts are alien to engineers. The designer is required to 'see' 
and treat the variables as random and not as of fixed, deterministic nature. 
Such a change in fundamental thinking requires training and time.
1.5.1 The Evaluation of Applicable Load Actions
Loads for high speed vessels are both local and global in nature and their 
values are a function of the of the vessels' geometry, operational envelope 
(speed, sea-state, heading), and displacement. Loads used in current design 
procedures are based on empirical formulations recommended by 
classification societies and other regulatory bodies. As these expressions 
have been derived from the known performance of monohull structures 
already in service, it is questionable whether they would produce the most 
appropriate answer and correctly model the physical phenomena for new 
ship concepts and designs.
In the attempt to identify the significant load actions on the vessel, all 
severe environmental events which are likely to occur during the intended 
lifetime of the ship should be considered (e.g. dead loads, live loads, 
accidental loads) requiring proper definition of the intended operational
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profile of the vessel. It is also essential to account for the effects of wave 
energy spreading on the response and load levels. For non-linear sea-ship 
systems and large amplitude motions the load evaluation should be carried 
out in the time-domain, a time consuming and computationally intense 
procedure. If the system is linear, or may be modelled as linear, the simpler 
analysis in the frequency domain is available, permitting both a short-term 
or long-term structural response estimation. Systematic studies are essential 
in order to determine empirical formulations for both primary and 
secondary loading estimation addressing the possibility of load interactions. 
In secondary loading, slamming is the attracting most of the research effort 
both at the theoretical and experimental levels. Proper accountability of the 
angle of impact, forward speed effects, hydro-elastic and cushioning effects 
in empirical formulations that would properly consider the panel area is 
essential and is currently addressed by current research work.
A detailed fatigue analysis should be carried out for all components/joints 
at which fatigue damage may lead to structural collapse. On the contrary, for 
secondary members, where fatigue failure will only lead to load shedding, a 
simplified fatigue analysis is sufficient. In the former case a complete and 
rather detailed description of the applied stress ranges is necessary based on 
environmental considerations for all operational modes over the vessel's 
lifetime. After all fatigue damage is a cumulative phenomenon and should 
be treated as such over the ship's lifetime. In the latter case, a simplified 
description of the long-term stress range history is more than sufficient.
1.5.2 Limit State Modelling
Strength modelling requires the definition of all possible failure modes in 
the structure at both the local as well as global structural levels and the 
description of the component strength for each of these modes by means of 
an expression of deterministic nature. The extent, level and type of the load 
fields applicable to the individual structural components should be derived 
based initially on a 3-D linear finite element modelling of the structural 
response to externally applied loading of the complete structure, followed by 
a more detailed analysis of the primary and secondary structural elements. 
Such an analysis and decisions on the structural areas to be modelled will 
vary from design to design, and are dependent on the designer's experience. 
The strength expressions can be placed under two main headings depending 
on their purpose:
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• ultimate limit states (resistance to failure)
• serviceability limit states (stiffness and strength criteria).
Ultimate Limit States account for the maximum load carrying capacity of a 
member at failure and its ability to withstand the most damaging 
combinations of extreme lifetime forces. Failure may be in either of three 
forms:
• local or global instability
• fatigue damage
• material plasticity or excessive yielding.
On the other hand, the Serviceability L im it States  are associated with 
constraints on structural members to guarantee that their functional 
requirements are met and that a sufficient level of load carrying capability 
before reaching ultimate strength is achieved. These include
• limits on acceptable deformations and deflections
• local instability on stiffeners
• material yield
• vibration.
It is therefore essential to identify first the primary and secondary structural 
elements of the structure in question and both serviceability and ultimate 
limit state criteria should thus be derived for each mode of failure of the 
components, not all of which have the same degree of seriousness.
Stability considerations dominate the provision of ultimate limit states for 
the main structural elements and provide the main thrust of the work 
described herein (para. 1.6). These should preferably be addressed by the 
provision of closed form solutions (wherever possible) describing their 
behaviour under prescribed stress fields and stress field interactions. The 
accuracy in their predictions is generally checked against experimental 
and/or numerical data, this calibration leading eventually to their stochastic 
description in terms of a bias and standard deviation. The sources of 
uncertainties in the description of strength and guidelines for good 
modelling, are briefly described in paragraph 1.5.3.
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From the serviceability point of view, the acceptable elastic or plastic 
deformations should not adversely affect the normal operating conditions 
and/or appearance. It is essential that the final limits imposed on their 
values are carefully considered and balanced against the possibility of 
accepting future repairs depending on their extent and cost extent and cost. 
Fatigue strength limit states, are associated directly with the damaging effect 
of repeated loading on welded structural components and joints, which may 
lead to the loss of a specific function or to structural collapse although the 
latter is less likely.
It is worth noting that system strength is not considered herein, but is 
treated instead by Pu in [32]. A component failure approach to design, adds 
an inherent level of conservatism to the final recommendations as it 
neglects completely any level of redundancy and alternative load paths that 
a specific structural arrangement may provide.
1.5.3 Probabilistic Modelling
The second step in a reliability-based structural design procedure is that of 
probabilistic modelling which accounts for the uncertainties involved in 
the modelling of loads, structural strength and in the values the various 
design variables can attain in reality. Of these uncertainties, the objective 
ones are beyond the control of the designer and cannot be altered (e.g. 
environmental loading). On the other hand subjective uncertainties can in 
principle be reduced but their estimation requires a considerable amount of 
judgement and testing.
Of the subjective uncertainties, statistical uncertainties arise because of a 
limited number of observations available, but is rarely evaluated by 
engineers. It is incorporated in reliability analyses by letting the statistical 
parameters which describe the probability distributions (such as mean, 
variance, etc.) be random variables themselves. The second subgroup of 
subjective uncertainties are the modelling uncertainties which really arise 
from omissions, simplifications in the theoretical modelling of both 
strength and load effects. They are determined by the comparison of the 
theoretical predictions with experimental/numerical data and identified by 
the bias (equal to the ratio of the actual response over the predicted 
response) and a COV value. The modelling uncertainty is usually assumed 
to demonstrate a normal distribution and is the largest and most influential
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uncertainty (as Faulkner points out [33]). Typical modelling uncertainties are 
shown in Table 1.5 (as presented by Faulkner [33]). These values should be 
treated as indicative only, as the actual uncertainties will be dependent on
presented in Chapter 4. According to Faulkner in [34] a good strength model, 
must demonstrate the following qualities:
• should preferably provide mean value predictions over the complete 
design variable range, the mean bias lying within 0.95 and 1.05
• the modelling uncertainty should be as low as possible and preferably 
below 15%
• sample sizes on which modelling uncertainties are based should be as 
high as possible (at least 30). Shooman [35] developed the following 
expression for estimating the sampling error in the estimated 
probability of failure:
where N is the total number of simulations (sample size) and pf is the 
probability of failure. The aforementioned expression assumes that 
there is a 95% confidence level that the actual error in the estimated pf 
is less than e. Techniques exist which may reduce the error without 
increasing the sample size. These techniques are known as variance 
reduction techniques (Bayesian statistics) and are described in more 
detail in [36, 37]. Faulkner has used the approximation of setting the 
error s equal to l - p f/ the probability of non-failure which leads to (by 
neglecting the expression of the error £ in terms of percentages)
Hence for 8=0.1 and pf=0.9, then N=44 while for £=0.15 and pf=0.85, N 
drops to 31.
• the modelling parameter Xm should show low correlation with any 
basic design variables. If this is not the case then it should be evaluated 
(together with the associated COV value) in ranges of the design 
variable or groupings of design variables
the individual component and failure mode considered. Specific values are
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• models should be as simple as possible without sacrificing weight 
efficiency and prediction accuracy due to over-simplifications. It is 
important, that formulations should reflect the mechanics of the failure 
as far as possible. Curve fitting to experimental data should be kept to a 
minimum
• local failure modes (e.g. local buckling of stiffener elements) should be 
properly designed out.
The last category of errors in strength estimations that reliability analysis 
indirectly accounts for, is that of hum an  uncer ta in ties  which are 
considered to be the primary cause of major structural collapses and 
accidental damages. Estimates of the frequency of such errors vary between 
50% and 90% and 85% has been quoted as a typical value for marine 
structures. Faulkner in [33] presents a very good and extensive presentation 
of these errors and indeed of all the modelling uncertainties and should be 
consulted for further details.
1.5.3.1 The Uncertainties of the Random Design Variables
The identification of the variability in the design parameters should be 
undertaken in advance of any design application. These parameters are the 
design variables constituting the strength expressions (geometrical and 
material variables) as well as the load effects on each of the structural 
elements (e.g. bending moments, axial or shear forces, etc.). The 
randomness of the variables is prescribed in the form of probability density 
functions usually identified by their corresponding mean and standard 
deviation values and usually obtained via a series of extensive 
experimental tests, which are usually time and money consuming.
The uncertainties involved with the Toad' side of the failure equation are 
characteristic of the individual loading cases and cannot be generalised. 
They are mostly dependent on the geographical location and operational 
profile of the individual vessel. Generally, loads which are fixed throughout 
the weight of the structure, are assumed to possess a normal distribution to 
their values. On the other hand, for time-varying loads, it is the distribution 
of maximum load values throughout the operational lifetime of the 
structure that is of interest, if the target reliability is expressed over the 
lifetime of the structure. Chapter 2 provides detailed guidance on the final
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choice and application of various distributions for the estimation of both 
primary and fatigue loading.
The uncertainties involved with the 'strength' side of the failure expression 
are associated with material parameters (yield strength and Young's 
modulus), and geometrical parameters (overall structural dimensions and 
thicknesses).
The strengths of most ductile materials are well represented by log-normal 
distributions [38] which satisfy the practical requirement that the frequency 
of negative values should be zero. For materials failing in a brittle manner 
the same reference recommends a Weibull distribution. When the data 
sample size is small for a particular material property (i.e. less than 50 tests), 
Bayesian statistics [37, 39, 40] can be used to enhance the variance. This 
method recognises that the parameter statistical values are themselves 
random and therefore statistical uncertainty is associated with confidence 
limits. The actual characteristic values of material strength are usually 
defined as the 5% fractile of the strength distribution. More detailed 
information is available on the subject in [41]. Relatively high COV values 
should be used on yield stress if it is the compressive value that is used in 
the validation procedure. The compressive value exceeds the tensile value 
of steel by between 4% and 15% [42].
Furthermore, most dimensional variables can be adequately modelled by 
normal or log-normal distributions. In case of variables which are physically 
bound a truncated normal distribution is appropriate [38] while the 
coefficients of variation of structural dimensions are generally found to be 
less than 5% [38]. Deviations in plate thickness values result from the 
variety of manufacturing treatments but mostly from rolling as well as 
surface treatment. ISSC [41] proposes a COV for steel plate thickness of 
approximately 4%. In support come Baker's measurements [43] which 
resulted in values of 3.6% and 0.7% for 6 mm and 50 mm plates 
respectively. No measurements on aluminium plates have been reported so 
these may be assumed as similar to steel.
Faulkner [33] presents the following uncertainties as being generally 
applicable:
50
Item Distribution
type
COV
%
Bias
c,%
Yield Stress LN 6-9 10 to 15
Young's Modulus LN 1-3 -2 to 2
Plate Thickness N 1-4 -2 to 2
Cross Section of Scantlings N 2-4 -2 to 2
Welding Stresses LN*" 10-15
Plate Distortions N* 30-50
Stiffener Distortions N* 10-15
N=Normal Distribution, LN=Log-Normal Distribution
(*) the same type of distribution as for cross sectional dimensions assumed
(**) the same type of distribution as for yield stress assumed
A detailed discussion on the selection of appropriate distributions and the 
level of their uncertainty for a number of design variables can be found in 
[41,44,45].
1.5.4 Structural Reliability Evaluation
The final stage in a reliability-based structural design procedure is that of 
reliability evaluation. This stage requires the identification of the fa i lu re  
f u n c t io n ,  g(X) (or safety margin Z) which connects the load with the 
component strength (Fig. 1.14)
Z = g(X) = R -  Q = 0 at failure
X being the set of random variables both for the strength and the load 
components of the expression above, R and Q are the resistance (strength), 
and the external load on the component. The probability of failure, Pf, of the 
structural component is then defined as
pr= JgW dx
8 (X )£ 0
where g(X) is the joint probability density function for X. The measure of 
safety most widely used, is that of reliability index p defined as
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P , = o ( - P ) - P ( z s o )
where O is the standard normal distribution function. The failure 
probability should not exceed the pre-specified value set via the safety index, 
P = Z/az (Fig. 1.14b). Methods for obtaining the probability of failure and the 
reliability level of the structure or of anyone of its components are 
presented and described briefly next.
1.5.4.1 Methods of Checking Structural Safety and Selection of Safety 
Factors
Current methods for checking the resistance capability of structures and 
their components, fall within one of three categories, namely Levels 1, 2, 3.
Level 1 methods are the traditional deterministic approaches to the 
description of the failure criterion, in which both capacity, R, and demand, 
Q, are treated as deterministic quantities. Safety is therefore introduced and 
guaranteed by means of an empirical factor, which allows for the 
uncertainties in the design process in the following manner:
R > SF x Q
It has been common practice to use nominal (characteristic) values for the 
basic variables of the load and resistance factors, and deterministic partial 
safety factors are ensuring that this is the case.
Level 2 methods account for the randomness of both resistance and load, by 
modelling them as random variables. Their randomness is fully described 
by their second moment statistical properties of mean (R, Q) and standard 
deviation (a R, a Q) rather than their complete distributions as required by 
Level 3 methods. Not surprisingly, these methods are also called First-Order 
Second Moment methods because they require a linearisation of the failure 
criteria in terms of the design variables (first order) and they also use second 
moments of the random variables. Non-linear structural problems are 
linearised and the safety check is then carried out only at a selected point on 
the failure boundary rather than as a continuous process (e.g. Level 3). 
Reliability levels are defined by the concept of the safety index (or failure 
probability Pf = O (- p)). Two main classes of level 2 methods, depending on
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the choice of the linearisation point exist, requiring:
• linearisation about the mean value point. The point on the failure 
surface identified by the mean values of the random variables is chosen 
and the surface linearised about this point using Taylor's expansion:
The major drawback of this method, is its lack of invariance to 
mechanically equivalent re-statements of the failure function. At such 
an instance, p can only be used as a relative measure of reliability for 
cases where the failure function is predefined and fixed. This approach
comparisons between alternatives at the initial stage on the basis that its 
is much simpler to use than the advanced method. This method was 
first applied to ships in 1974 [46].
• linearisation using  advanced f i r s t  order second m om ent methods  
(Hasofer and Lind). In this case linearisation of the safety margin 
expression using Taylor's expansion does not occur about the mean 
design point but about some other point for which the reliability index 
is minimum. Hence the safety index is determined by
where \ilf xj are the mean and 'design' values of the random variable i
failure function for the design point. An iterative procedure is required 
to solve the above expressions, the first iteration of which will be with 
the mean value as input. The advantage of this method is that it can be 
as accurate as Level 3 methods, enables the calculation of partial safety 
factors which can be used directly in design and enables the calculation 
of sensitivity factors that can be used to indicate which variables have
R -Q  Z 1 where
does not provide partial safety factors but can be used to make
and hence x‘ = p Gj where
respectively, Gj is the standard deviation and gj(-) is the value of the
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the greatest influence on strength and pinpoint where the maximum 
effort should be concentrated from the quality control point of view.
Major contributions to the development of Level II methods have been 
made by Cornell [47] who first introduced the concept of the safety index, 
Ditlevsen [48], Hasofer and Lind [49], Paloheimo and Hannus [50] and 
Veneziano [51] and Rackwitz/Fiessler [65]. Very good reviews of these 
methods are available in [38, 52]. These methods have been extended to 
system reliability [53-56].
Level 3 methods determine the exact probability of failure of the structure 
or a structural component. They require the expression of all design 
variables in terms of their full probability distribution functions rather than 
just the mean and standard deviation values. The probabilities of failure are 
then evaluated by the computation of convolution integrals (Fig. 1.15).
Pf = p(R -Q < 0) and Pf = jFR(x) fQ(x) dx
o
The cumulative distribution FR(x) represents the probability that the 
strength R of the structural component will be less or equal to some value x, 
while fQ(q) and fR(r) are the probability density functions of the strength 
and load respectively (Fig. 1.14). fQ(x) represents the probability that the load 
effect Q acting on the structural component has a value between x and x+dx 
as dx tends to 0. R and Q are assumed uncorrelated and time invariant 
random variables. The integral above can only be solved numerically, but as 
the number of variables increases so does the computational time. Monte 
Carlo simulation techniques [57-59] offer an alternative procedure by 
random generation of the basic variables and the estimation of the failure 
probability by the ratio between the number of failures over the number of 
non-failures. Therefore Level 3 methods can mainly be used as a check of 
accuracy of the simplified Level 2 and Level 1 methods. Application to 
everyday design practice is prohibited by the complicated nature of the 
solution and therefore Level 2 methods should be preferred instead. Level 3 
methods were first introduced by Freudenthal et al [60] and first applied to 
ships in 1972 [61, 62]. The background to the method and its development 
and applications is briefly presented and adequately referenced in [63, 64].
Advanced First-Order Second Moment methods (AFOSM) are most suitable
54
for design and code development for reasons stated earlier. The need 
however exists for the transformation of non-normal variables to normally 
distributed ones, so that they can be represented by their two statistical 
moments only. This is achieved by the Rackwitz-Fiessler transformation 
[65]. This transformation is chosen in such a way that the values of the 
original density functions f and the original distribution function Fx for 
the random variables X; are equal to the corresponding values of the 
density function and the distribution function for a normally distributed 
variable at the design point. The only disadvantage of transformations is 
that they complicate the limit state functions by making them usually more 
non-linear [33]. The more accurate option exists of substituting the failure 
function at the design point by a quadratic surface instead of linearising it 
(SORM methods) [52]. The computational complications that will however 
arise are not worth the resulting accuracies in the final result and are 
seldom justified.
1.5.4.2 The Choice of Target Reliability
The rational choice of a target reliability to which a safety equation is 
calibrated is important as it controls and determines the values of the PSFs 
which in turn are strongly linked to structural weight. An increase in the 
required level of safety, almost certainly leads to an increase in structural 
weight. Whether this increase will have any effect on the actual structural 
safety will largely depend on the level of the original level of safety ir. the 
structure. Increases in notional levels of reliability originally in the low 
band (p« 2 -2 .5 ) will also almost certainly guarantee improvement in the 
actual level of safety [17].
Figure 1.16 and Table 1.6 (from [33, 66]), presents approximate values of 
reliability levels as implied by structural design codes worldwide for a 
variety of structural systems and components. The high safety level implied 
in current designs of merchant ships and British bridges is noteworthy 
while German bridges are more structurally and materially efficient than 
their equivalent British designs. Merchant ships are generally found to nave 
a wide spread in reliability which is even more pronounced between 
transversely and longitudinally framed ships. They are still though 2-3 
orders of magnitude safer than naval vessels [17].
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In a reliability-based design procedure, lower target reliabilities can be 
accepted if a high standard construction may be achieved and design is 
carried out based on relatively accurate load and strength models. Structural 
redundancy should also affect the value of assumed target reliability in the 
structure and according to Frieze et al [42] a value of p=3 is appropriate for 
structures with reasonable redundancy. Even conservative assumptions in 
the load distributions, expressed through log-normally distributed dynamic 
loads, can justify the use of a lower reliability index.
Such reductions are perhaps, not applicable to the design of fast marine 
vehicles mainly due to the variety of novelties and complexities associated 
with their operation, response prediction and construction. What has 
generally been the trend, is that for cases where designs are derived from 
first principles (e.g. TLP structures) a (3 value in the range 3 to 4 is seen to be 
preferred. The RCC selected p=3.72 (pf =10-4) as the TLP target reliability. 
Hence, a target reliability of 4 can be considered as acceptable for fast craft 
marine applications, until more operation experience on the reliability of 
design is collected.
1.5.4.3 The Formats of Safety Check Expressions
The choice of an appropriate code format for the safety check expressions, 
requires choices to be made in the:
• number of PSFs
• positions of the PSFs in the design equations.
Of the large number of options that are thus formed, some may be 
uneconomical in the use of materials and some may introduce levels of 
safety for components which are not acceptable when compared to a 
uniform reliability for the complete structure. Simple formats should be 
preferred if the consequent cost of the conservatism introduced is within 
acceptable limits. But the positioning of the PSFs in the strength expression 
remains of paramount importance in ensuring that m in im um  deviations 
from  the predetermined target reliability levels are attained. A number of 
combinations should therefore be tried before the final choice is made.
The basic and simplest partial safety factor combination that a code format 
may take is [67]:
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where yQ is the mean PSF related to applied load uncertainties, <j>R relates 
to strength uncertainties (e.g. material and fabrication factors) and yf relates 
to the degree of redundancy present in the structure and any economic and 
loss of life consequences of failure. R and Q are mean values for resistance 
and load respectively. Subscript k accounts for the preference of 
characteristic values. This expression requires the resistance and load 
functions to be uncoupled and the random variables to be statistically 
independent. The assumption that both <J>R and Yq are less and greater than 
1 respectively is implied. This method was first applied to ships in 1978 [63].
A brief description of other safety expression formats as found in civil 
engineering [68-75] and marine codes [36, 71, 76, 77, 79], is available by Frieze 
et al [42] (Table 1.7). As a general comment it may be said that the use of PSFs 
in civil engineering codes follows the general principles described in the ISO 
2394. The various civil engineering formats differ in the ways they account 
for different load sources in buildings (e.g. dead, live, wind, snow and 
earthquake loads). Differences are also apparent in the way that the various 
responses to external loads are grouped together. This of course affects the 
values of PSFs finally used. Frieze et al [42] may be consulted for a fuller 
discussion on the subject.
1.5.4.4 The Rational Selection of Partial Safety Factors
Partial safety factors represent the ratio of the value of each random variable 
at the fa ilure  point to either (Fig. 1.14) its mean value, or a lower 
probability characteristic value. In the first instance, these partial safety 
factors are non-dimensionalised by the mean value of the variable:
4-
Yi . <t>i =  — =  1 - P < X |  v,
X i i n
(Xj is the direction cosine at the failure point and is a measure of the 
sensitivity of p to changes in the design variables (para. 1.5.4.1). It is 
negative for loading variables and PSFs, y if and positive for resistance 
variables and PSFs, <J>j. The influence of the required level of safety is 
introduced via p. Vj is the coefficient of variation corresponding to the ith 
variable.
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Some design design codes use characteristic strength values in the safety 
check equation:
, x‘ 1 -p a j V ,
Yi/4>i = —  = . . Lxlk l ± k , v ,
The positive sign in the denominator applies to loading variables and PSFs, 
Yi, and the negative sign to resistance variables and PSFs, <J>j. If for example 
the 5% lower fractile of the variable is required then 0.05=<X>(-kR). Structural 
dimensions are usually represented by their mean values while geometrical 
imperfection and material properties are usually used in their 5% or 1% 
fractiles. Dynamic loads are also generally used in their pth fractile of their 
extreme value distributions corresponding to a reference time period 
(usually the ship's life), p being the probability that the extreme load value 
will not be exceeded within the same time period. Reference [80] provides a 
more detailed information on typical values of load and resistance PSFs as 
implied by various organisations.
The selection of a set of appropriate partial safety factors to match a given 
target reliability level is an optimisation problem. The solution involves 
the systematic (trial and error) generation of sets of partial safety factors 
which would lead to a failure probability level very near (and preferably 
equal) to the target probability of failure chosen, for a very large randomly 
generated number of designs. It is indeed a minimisation problem of the 
difference of the resulting failure probabilities for each design and the target 
failure probability:
s = ( P i ( r ) - P .)2
S is the attribute functions that needs to be minimised, pt is the required 
target safety index and (3; (y) is the safety index as calculated for each of the 
designs for a given set of partial safety factors y tried in the fa ilure func tion  
under consideration. This approach calibrates the code component by 
component. This approach is also recommended by CIRIA 63 [38] and is 
presented in Appendix 1.3. References [36, 42, 45, 63, 67, 76-78, 81-91] provide 
only a few examples of both civil engineering and marine applications of 
this procedure. The positive effects of redundancy are omitted. Such an 
omission may give as high as a two to three fold global factor of safety 
against system failure beyond first component failure [92].
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The alternative approach exists by which a global failure probability is 
chosen to which the complete set o f failure expressions are calibrated to. 
The difference with the previous approach lies in that in this case it is the 
total target reliability of the system  that has to match the required failure 
probability. Understandably, it is a more difficult and time consuming 
method, as a very large number of partial safety factors has to be treated 
simultaneously by the optimisation routine, and it will be very difficult to 
find a set of y  that would satisfy the minimum difference requirement [93]:
s = f> ,  (Pi (y)-p,)2
i~l
where w ; is a set of weighting factors indicating the relative importance 
that the failure of an individual component under a specific failure mode 
will have on the structural integrity. The advantage however, of such an 
approach is that it pays due considerations to those structural components 
and failure modes that will mostly influence the final level of safety, 
without penalising those components that have the least contribution. 
Figure 1.17 demonstrates graphically the procedure.
A limit should be introduced on the number of partial safety factors, which 
should be kept as low as possible and certainly below the number of basic 
random variables. However, too little variables may result in loss of 
accuracy and potential increase in structural weight and in lack of 
invariance of the resulting level of safety to the type of failure function 
used. At times, grouped PSFs are preferred in an attempt to keep the 
overall number of PSFs down to numbers that are easy to handle. 
Therefore, groupings of no more than five PSFs, especially for those design 
variables whose sensitivity factor is small, are not uncommon (e.g. DNV, 
BS5400). The decision to allocate a partial safety factor to a variable or group 
it with other factors, will be solely based on the dependence of the strength 
formulations on each of the design variables. This dependence is identified 
by checking the variation of the modelling uncertainty (bias) of the strength 
expression against variations of each of the design variables separately. 
Alternatively, a high value of the sensitivity factor, af, for the variable 
should serve as a strong indication of dependence. If such a dependency of 
the strength bias to specific design variables is observed, additional partial 
safety factors, should be introduced to the strength expression, in order to 
maintain a consistent level of reliability. These partial safety factors should 
be functions of the dominating design variables.
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1.6 Aims and Scope of Current Work
The earlier paragraphs of this Chapter have introduced the aspects that 
affect the design and operational characteristics of fast marine vehicles in 
addition to the challenges that face designers and operators if this new 
technology is to continue growing. Of these challenges (para. 1.4) it is those 
pertinent to the structural design aspects of fast marine vehicles that have 
been the centre of this study. As has already been mentioned, the 
uncertainties in loading and construction, coupled with the lack of 
operational experience and the need for light-weight structures, encourages 
a shift from the deterministic, allowable stress approaches to a reliability- 
based, limit state representation of structural capacity. The main stages in 
such a rational design procedure also adequately reflect the areas that 
require particular attention and re-evaluation. These stages are:
• the selection of the structural material, which for the case of weight 
sensitive structures takes a distinct place in the design spiral
• the accurate estimation of primary and secondary loads by definition 
of the operational profile (heading, speed, geographical location) of the 
vessel and associated sea statistics, using appropriately derived RAOs. 
The estimation of the loads on the structural components, carried out 
via elastic FE analyses of varying degrees of accuracy is essential
• the estimation of the fatigue loading on the vessel during its lifetime
• the identification of the best ultimate limit state strength models and 
serviceability requirements for all structural components and failure 
modes
• the identification of the level of safety to be inherited in the structure, 
via the selection of a suitable target reliability according to which...
• the values of the partial safety factors in the strength expressions 
should be probabilistically calibrated well prior to the checks of the 
integrity of the structural components
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• the optimisation of the structure with respect to cost, weight and safety 
is the last stage in the procedure. These three attributes often tend to 
introduce conflicting requirements and hence a multi-attribute op­
timisation routine would be very helpful at this stage.
The aim of the work described herein is to provide, for each of the above 
areas, the background, underlying assumptions and considerations as well 
as describe the tools necessary for the development of reliability-based 
strength criteria for the design of the structural components of fast, multi­
hulled ships (Chapters 1-4) in general, and SWATH ships in particular. The 
work has concentrated mainly in the area of strength modelling for the 
various structural components of the SWATH ship under all possible load 
combinations they might be expected to withstand. Although it stops just 
short of deriving appropriate partial safety factors for the various structural 
components and failure modes in a multi-hull structure, detailed guidance 
on how to do so is provided. The reliability-based design procedure to the 
structural optimisation, with respect to cost, weight and safety, of an 
example SWATH ship, the M.V. Patria [124, 125] (Chapter 5) is applied 
instead. The conclusions of the research, recommendations on the most 
appropriate strength formulations and the areas which may benefit from 
further research are all finally identified in Chapter 6. It is worth noting that 
system strength is not considered herein, but is treated instead by Pu in [32].
This Chapter has so far dwelled upon the merits and peculiarities of fast 
marine transportation and has presented the structural reliability tools and 
considerations necessary for the derivation of more rational safety checks. 
Detailed reference and description has also been provided of the method for 
deriving the partial safety factors in any strength check expression based on 
a pre-specified level of target reliability. The remaining of this Chapter is 
devoted to helping the designer make the right choice of material by 
presenting him with the available options and a brief comparison of the 
advantages and disadvantages of the choices available to him. Special 
attention is paid to aluminium and its two marine alloys, mainly because of 
its increasing use in primary structural elements of middle sized vessels and 
because it is the structural material of the example ship used herein. The 
Chapter concludes with a presentation of advantages and disadvantages of 
the SWATH concept as identified mainly by research in the U.K. and the 
U.S.A. The results of detailed parametric studies on the main dimensions of
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existing SWATH vessels undertaken in the U.S.A. are also presented in 
view of providing the reader with a first way of establishing primary 
dimensions at the concept design level. The implications on structural 
design of the arrangement particular to SWATH ships are finally discussed.
The problem of estimation of both primary and secondary loads on SWATH 
ships is tackled in Chapter 2, by reviewing the options available to the 
designer. Empirical formulations on the estimation of primary and 
secondary load effects on this type of vessels are presented and reviewed 
although the international effort in theoretical prediction of the load and 
response of SWXTH ships is also briefly described but sufficiently 
referenced. Of the secondary loads dominating the structural weight of the 
wet decks and side plating, it is in slamming loads that the work described 
herein has concentrated. Current approaches for the determination of 
fatigue damage loading are also described with reference to their 
applicability to design procedures for the US and Royal Navies.
In order to review and identify the most appropriate ultimate and 
serviceability limit states applicable to the ultimate strength design of 
SWATH ships, it is essential to identify first the p r im a r y  structural 
elements of the structure in question, namely (Fig. 1.18) the cross-deck, the 
'knee-joint' (connection of the cross-deck with haunch), the haunch, the 
strut and the underwater cylindrical hulls. These can, in turn, be 'broken 
down' to their secondary components, the (a) cross-deck deep web plate 
girder, (b) transversely, longitudinally stiffened flat plating, (c) ring and 
stringer stiffened shells, (d) stiffeners, and (e) deep plate web of 'knee-joints'. 
In general both serviceability and ultimate limit state criteria should be 
defined for each mode of failure of the above components. Ultimate limit 
state criteria have been defined in detail in Chapters 3 and 4, but the 
presentation of serviceability criteria is somewhat incomplete. Serviceability 
limit states associated with the vibration and material yield are not 
considered herein except those associated with the deformations of plating 
under lateral pressure and the local buckling criteria of stiffener 
components (paras. 4.2.7 and 4.3.5, Chapter 4). Ultimate limit states 
associated with accidental loads such as collisions, fire explosion etc. have 
been neglected. Material yielding was not tackled directly as a serviceability 
criterion. Although a necessary addition to any structural design 
recommendations, it has been neglected on the assumption that the use of 
stocky sections of plating and stiffening systems should be discouraged by
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the need for weight efficiency, and the shift to post-buckling strength design. 
It is however indirectly accounted for, if it is involved in the final collapse 
mechanism of the component and its effects are introduced in the design 
through the strength model (e.g. tension field model for deep plate girder 
design).
Fatigue strength limit states, are associated directly with the damaging effect 
of repeated loading on welded structural components and joints, which may 
lead to the loss of a specific function or to structural collapse although the 
latter is less likely. Chapter 3 concentrates on the strength modelling aspects 
and the associated uncertainty as applicable to the fatigue design of both 
monohull and multi-hull vessels. A brief description of the sources of 
fatigue strength reduction in welded structures and the possible repair 
measures, the background to the major steel and aluminium fatigue design 
codes is presented, coupled with a comparison of the major aluminium 
fatigue design codes.
Stability considerations dominate the provision of ultimate limit states for 
the main structural elements and provide the main thrust of the work 
described in Chapter 4. Closed form solutions describing their behaviour 
under prescribed stress fields and stress Held interactions are reviewed and 
recommended while their accuracy is presented in terms of the bias and 
standard deviation relative to experimental and/or numerical data. 
Ultimate strength modelling of the behaviour of the cross-deck deep web 
plate girder, the stiffened flat plating under every possible in-plane load 
combination, inclusive of interframe plate induced collapse and stiffener 
tripping is reviewed and the best models proposed. The effect of lateral 
pressure loading has been considered and appropriate elasto-plastic strength 
criteria suggested. Particular attention has been paid to the behaviour of 
aluminium plating and the effects of welding on its behaviour, which 
resulted in the proposal of a model describing the ultimate strength under 
in-plane buckling loads of aluminium welded and unwelded plates. The 
model has not been extended to stiffened aluminium plates but indications 
are provided on how this may be achieved based on the extensive 
experimental and numerical research effort undertaken in the field of 
buckling collapse of aluminium columns.
Stiffeners for the cross deck girder are designed against a stiffness and a
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column criterion, for flat stiffened plating, stiffener strength should be 
checked against tripping and buckling and the appropriate models are 
therefore reviewed and the best recommended. Serviceability requirements 
on the stiffener dimensions are also proposed.
The stability of ring and stringer stiffened shells against pressure loads is 
also addressed (para. 4.7) by reviewing the available design methods for ring 
framed shells, conical transitions and spherical dome ends under external 
hydrostatic pressure.
Furthermore, the web plate in line of the cross-deck/haunch intersection is 
viewed as a 'knee-joint7, like those encountered in civil engineering 
practice. Hence research published in the open literature on steel portal 
frames has been reviewed and extended for application to SWATH vessels. 
The possible extension to aluminium construction of the model has also 
been attempted. The proposals recommended herein, however, remain 
mere suggestions until appropriate experimental data become available.
Finally, the thesis concludes, by applying these models to a global reliability- 
based optimisation procedure of all the main structural elements of a 
section of FBM Marine's SWATH ship, MV PATRIA, thus demonstrating 
that it is possible to consider safety, cost and weight aspects straight from the 
preliminary design level.
1.7 Aspects of Structural Material Selection
The materials used in weight sensitive applications are generally compared 
on the basis of specific strength  (strength per unit weight) and specific  
stiffness [94]. Figure 1.19a shows that on this basis, and although composites 
offer specific strength advantages over metals, it is only the high 
performance composites (also the most expensive) which can outperform 
the metals in terms of specific stiffness. It is therefore not surprising that 
fibre reinforced plastics are used more in smaller vessels where stiffnesses 
play a relatively smaller role. In terms of cost, none of the composites is 
found to be competitive with steel or aluminium in stiffness sensitive 
applications and only glass-based composites can compete but only in 
strength-critical areas (Fig. 1.19b).
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Material cost is a very important consideration as well (Table 1.8) but the 
relative cost advantages can be obtained only in terms of construction cost, 
and only on the basis of the same structural configuration. Loscombe has 
provided such a comparison of structural weight and production cost as 
functions of displacement for small SWATH ships of different materials [95] 
(Fig. 1.20). Considerable cost benefits are possible in using steel in a 
homogeneous construction or alum inium /FRP/steel in a hybrid 
construction. On the other hand, the largest weight benefits are observed by 
using aluminium throughout the structure, while in the case of hybrid 
construction the largest weight benefits are obtained from an FRP hull/alloy 
box/alloy superstructure construction arrangement.
Current marine applications use high strength steel for ships of 10,000 tonne 
displacement and above, while for ships of less than 1,000 tonne 
displacement aluminium competes with fibre reinforced plastics (Table 1.9). 
Intermediate size vessels have generally been constructed of mild steel as 
the weight advantages of using high strength steel in this displacement 
range are eventually cancelled by thickness margins against corrosion. It is 
also very difficult to construct lightweight ships of 1,000 tonne and above 
from FRP because of the high stiffness requirement that these materials 
cannot guarantee [10]. For high speed marine applications, Faulkner [96], 
based on Loscombe, suggests the following speed and displacement zones 
for efficient use of the various material options:
• GRP for A < 50 tonne and V<44 knots
• aluminium for all displacements and V>30 knots
• steel for A >120 tonne and V>20-30 knots and increasingly replacing
aluminium at higher speeds and displacements
• high strength steel for designs above 1000 tonne and 46 knots.
The shift to vessels greater than 75 m length, will necessarily lead to the re- 
evaluation of the materials used in fast marine construction as issues of 
stiffness and impact strength dominate the design thinking. Steel is likely to 
be used increasingly to provide that extra strength and stiffness required and 
is expected to be the norm for vessels greater than 120 m in length. The 
application of high strength steels will also have to address the problem of 
increased fatigue damages. Lightweight materials could also be used in 
secondary structure in the form of cladding, requiring good knowledge of 
detail design, joining methods and relative structural stiffness [97].
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The attraction of steel lies in its cost, manufacture, fatigue life and fire 
resistance and the familiarity of all yards with its handling and welding. Its 
main drawbacks however are those of corrosion and weight and its use is 
hence restricted to larger and less weight sensitive applications. FRP on the 
other hand, have the advantage of being easily adaptable to local stress 
requirements, being water resistant and having a high thermal insulation. 
The low stiffness levels and even lower fire resistance restricts, however, 
their application to secondary structural and superstructure components. 
Furthermore, the construction costs associated with these materials are 
similar to those for aluminium for sandwich structures but increase 
considerably for single-skin construction [98].
Aluminium is the material most favoured in the construction of medium 
sized, high speed marine vehicles mainly due to its low density, corrosion 
resistance and light weight. The alloying elements are generally used to 
enhance the corrosive protection of the material and magnesium is the 
most appropriate for this purpose. Copper alloys (e.g. 2000 and 7000 series) 
are therefore avoided in marine applications in favour of the 5000 and 6000 
series whose manganese and magnesium based corrosive resistance is the 
highest possible. The 5000 series alloys are used for plating while the latter 
for stiffening systems and extrusions. The characteristic strain-hardening 
behaviour of aluminium is more notable in the work-hardened 5000 series 
alloys (low Ramberg-Osgood coefficient, in the range 5-20) than the 6000 
series heat-treated alloys whose behaviour tends more towards that of mild 
steel. Aluminium's relatively small modulus of elasticity results in a 
structure which is particularly prone to buckling, and HAZ softening of the 
material strength weakens the structure and results in notch effects that 
may considerably reduce the fatigue life of welded structural details. 
According to Chalmers [99], in order to achieve acceptable fatigue life, the 
stresses in the joint have to be kept so low that almost counterbalance the 
aluminium's advantageous strength to weight ratio. Although no strength 
loss is observed at low temperatures, the material has a low melting point 
(650°C) and will burn at temperatures much higher than those expected on 
shipborne areas [99]. The relatively high values for both thermal expansion 
and conductivity (10 times higher than steel) create considerable weld 
distortion problems.
Apart from the structural weight benefits of aluminium, improvements in
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the handling of large structural components are also possible which in turn 
encourages the more cost and quality efficient modular, undercover 
construction methods. The resulting cost benefits may help in balancing the 
increased construction costs associated with inert gas welding (MIG and 
TIG). Details on aspects of welding aluminium may be obtained from [100]. 
Furthermore, the potential of the use of extruded sections provided by 
aluminium allows reduction in the construction costs and reduces the weld 
content and edge preparation in the structure considerably. A review of the 
use of large aluminium extrusions and considerations leading to the correct 
choice and their design in marine applications is available in [101-104]. 
References [105-108] may be consulted for very detailed information on the 
properties, applications and background literature and codes governing the 
use of aluminium alloys.
A very good review of the properties of marine structural materials, their 
advantages and limitations as well as of the areas of their applicability is 
provided by Chalmers in [99], paying particular attention to FRP materials. 
The role of composite materials in marine applications has also been 
examined in detail by Marchant and Pinzelli [109].
1.8 The SWATH Ship
Although the concept of multi-hulled vessels has been well known for over 
200 years since it first originated in Polynesia [110], the first SWATH type 
vessel was patented by Frederick Creed in 1943. The patented design was a 
SWATH like aircraft carrier intended to improve performance in the 
seaway, but never materialised. The actual development of the SWATH 
concept however, commenced in 1973 when the first SWATH ship, 
Kaimalino, was launched in San Diego. Since then a number (appr. 30) of 
such ships have been constructed worldwide [110-112] ranging from 1 to 
12,000 tonnes and numerous designs exist awaiting interested parties. The 
biggest SWATH ships built to date are the 3,500 t Japanese vessel Kaiyo 
constructed in 1984 as an underwater support vessel and the ocean 
surveillance vessel T-Agos-19 built in 1992 for the US Navy. The most 
recent and impressive design constructed to date is the cruise liner Radisson 
Diamond of (11,740 t, 67 m long, 11 knots) [113,114]. However, since the end 
of the 'cold war', interest in the SWATH concept has declined because of the 
obvious lack of need of stable weapon supporting, and seagoing platforms, 
and due to the increasing interest in concepts which have greater
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operational and money earning capability (e.g. catamarans and SES craft). It 
is not the intention of this Chapter to provide a detailed historical review of 
the developments in the concept, which is anyway available in [110,-112, 
114]. The main advantages, disadvantages and design trends dominating 
current SWATH design and construction thinking are considered more 
essential to this work and will be briefly presented next. The twin hull 
configuration, the main structural elements and the terminology associated 
with the SWATH concept are presented in Figure 1.18.
1.8.1 The Viability of the SWATH Concept
The small zvaterplane area of SWATH ships is responsible for their most 
important characteristics, namely excellent seakeeping performance and 
reduced deck motions and accelerations allowing them to operate in 1-2 
seastates higher than monohulls of the same displacement do. Indeed, the 
removal of most of the buoyancy from the free surface results in longer 
natural periods of motion (can even be twice as long as the natural periods 
of comparable monohulls) which do not coincide with the shorter periods 
of developing seas. Typical SWATH/monohull heave and pitch stiffness 
ratios are reported [101] to be 20-25% and 10-20% respectively for the same 
displacement while the heel stiffness of the SWATH is generally higher by a 
non-identified amount [101]. Natural periods of large SWATH ships (3,000 
tonnes) generally lie within 11-13 secs in heave, 14-17 secs in pitch and 18-20 
secs in roll [13]. Smaller SWATH ships will have appropriately reduced 
natural periods. Appropriate design of the underwater hulls coupled with 
the use of motion control surfaces determines these values. Furthermore, 
the reduced wave making and wave added resistance relative to a 
monohull of the same displacement (introduced by the small waterplane 
area) allows the sustainment of speed at higher sea states (Fig. 1.10). In 
addition, the excellent directional stability of SWATHs at high speeds causes 
problems in manoeuvrability at these speeds as higher power demands are 
made on the steering system for any course changes.
Increasing the cross deck clearance due to the larger depth and smaller 
draught minimises the risk of deck wetness and underdeck slamming at 
the expense of higher bending moments acting on the cross-deck structure. 
Further, improved propeller cavitation performance (compared to 
catamarans etc.) is observed but the presence of long, surface piercing struts
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reduces the propulsive efficiency by introducing a non-uniform wake 
distribution to the propellers.
An additional advantage of the SWATH concept is the large beam which 
increases the working deck area and improves stability. The latter is further 
enhanced by the presence of a large buoyant deck, which increases the 
restoring moment once immersed at large heeling angles. This beamy 
characteristic of the structure also improves manoeuvrability at low speeds 
and does away with the need for bow thrusters as is usually necessary for 
monohulls. The turning radius of a SWATH ship may be as small as one 
ship length at zero forward speed [115].
Although SWATHs have been in the market and researched considerably 
for approximately 25 years now, the concept has not witnessed the 
popularity that the other buoyant, twin- hull concept, the catamaran, has 
enjoyed for years. Despite, the aforementioned advantages, a number of 
aspects will probably need to be addressed before any widespread use of the 
SWATH concept is observed.
The small waterplane area is to blame for the weight sensitivity of the 
structure and eventual constraints on the payload. Generally the SWATH 
structure is expected to consume approximately 40-50% of the design 
displacement. Smaller (20%-40%) tons per centimetre immersion values 
than for monohulls [14], are observed, resulting in a twofold to fivefold 
increase in a SWATH's draught for a given payload. A similar sensitivity 
(10-20% lower than monohulls) is observed [14] with respect to the moment 
to change trim 1 centimetre, resulting to large increases in trim values for 
small shifts of payload along the longitudinal direction of the vessel. The 
moment to change heel by 1 degree is slightly larger than that for 
monohulls [14] as the large beam compensates for the small waterplane area 
and guarantees no great heel angles for loads positioned eccentrically to the 
centreline. This difficulty counterbalances the positive effect of a very large 
deck and makes the SWATH concept inappropriate for applications that 
require the transportation of large, variable and highly mobile loads (e.g. 
cars, trucks crane weights, etc.).
Stabilising fins are essential to balance the pitch instability (M u n k  
M o m en t) observed at certain speeds due to the longitudinal asymmetry of
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the pressure distribution on the underwater hulls coupled with the small 
pitch restoring moment. Difficulties also arise as the slender nature of the 
struts, and small hull diameter (especially for ships less than 500 t) interferes 
with the efficient use of space and volume and inhibits access. Positioning 
of machinery and system installations on other areas such as the deck or the 
haunch areas is an attractive but space consuming alternative. In addition, 
port facilities, canal sealanes, and drydocks have to cater for the large beam 
and draught which may introduce problems to the inspection and 
unloading of these vessels from existing terminals.
The multihull nature introduces the need for duplication of propulsive 
systems thus increasing the initial cost and weight. Higher capital costs 
(20%-50% according to Louie and Lang [116]) relative to a monohull are also 
involved in construction when compared on the basis of payload. A 
reduction in capital costs could result from careful control of the structural 
weight, simplifications in the fabrication and assembly procedures and the 
balanced choice of the machinery system in view of the operational and 
maintenance costs. Unfortunately, maintenance of both structural and 
mechanical systems, will probably be relatively high due to the structural 
complexity and the possible difficulty to access machinery spaces.
Furthermore, in SWATH ships the calm water frictional resistance is 
greater than that of an equivalent monohull, as the same volume is split 
into two separate hulls. Figure 1.21, developed by McGregor et al [117] from 
the specific resistance plot of Gabrielli and von Karman [118], demonstrates 
the high power requirement in calm water of these ships relative to other 
means of sea transportation. Design of SWATH ships for low speed 
operation should aim in reducing the dominating frictional resistance 
while for high speed vehicles, reduction of the wave resistance (wave 
making and wave added) is more essential. In the former case, 
minimisation of the wetted surface area is achieved through shorter and 
lower hull and strut lengths but longer and lower hulls and struts would 
minimise the wave resistance. The current SWATH design practices of low 
to medium speed ships, favour short struts over the longer ones used in 
earlier designs.
Since vehicles which do not approach the levels of generally acceptable 
economic efficiency should possess special qualities to justify the cost, so 
SWATH ships have to establish themselves and justify the extra cost
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through their seakeeping capabilities. Applications like, pleasure craft, 
cruise liners, oceanographic survey ships, naval applications, offshore 
industry put this capability in full use.
1.8.2 Guidelines to the Proportioning of the Main Structural Elements of 
SWATH Ships
Comparisons of the main dimensions between SWATH ships and 
monohulls of the same displacement have yielded [115] that SWATH ships
(a) are 30-40% shorter in length
(b) are 60-70% wider, to account for the loss of stability due to the smaller 
waterline
(c) have 60-70% greater draught. The maximum acceptable draught will be 
determined from port and drydock considerations
(d) have 60% more wetted surface area. The resistance penalty associated 
with this increase results typically in 1-3 knot top speed advantage for 
monohulls in calm water for a given installed power [14]
(e) have 75% more depth (50% for large ships)
(f) have 25% greater freeboard.
In proportioning the underwater hulls, one may assume the percentage of 
displaced volume contained in them to be 65-90% (80% most frequent), 
their length to diameter in the range of 14-22 (15-17 most common) and the 
hull prismatic coefficient in the range of 0.45-0.93 (0.70-0.90 most common) 
[115]. Furthermore, according to Kennell [14] the enclosed volume contained 
within the struts and hulls is approximately 30%- 50% of the total enclosed 
volume. Strut volume alone is found to account for 15%-20% of the total 
volume while the remaining is attributable to the cross deck box structure 
and the deckhouse, where most of the ship functions are located.
In proportioning the cross-decks, their length to beam ratio can be taken 
within 3.0-5.0 for large ships (15,000 tonnes) and 2.0-3.0 for smaller vessels as 
observed by Gore [115]. No direct recommendation can be given as to the 
choice of a single or tandem strut arrangement. Single struts provide greater 
static and directional stability, better access to lower hulls, greater space 
utilisation in struts and improved structural arrangements apart from being 
simpler to construct, eliminating wave interference between twin struts and
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improving survivability and residual strength after damage. On the other 
hand, the tandem struts provide lower motions and side loads at rest, 
shorter turning radii [15, 119] and a smaller waterplane area (for a given 
strut width) leading to longer heave and roll periods. The accessibility to the 
lower hulls as well as the space provided by the two structural arrangements 
individually will greatly affect the final choice. Most of the current designs 
carry a single strut arrangement [119].
Strut and hull separation is dictated from layout and stability 
considerations. Transverse stability is very good, especially at large angles of 
heel but difficulty exists in meeting stability criteria for initial heel angles 
unless the box clearance is kept relatively low. A balance therefore has to be 
struck between this requirement and the need for a large wet-deck clearance. 
The tendency seems to be to make the box clearance equal to approximately 
the design significant wave height [13].
The proportioning of the struts traditionally aimed at large strut heights to 
keep the box well above the water surface, increases the amount of the 
marginally useful strut volume and aggravate the bending moment in the 
box. The submergence depth of the hulls is currently limited by propeller 
ventilation considerations while the distance of the wet-deck from the 
water surface is determined by the definition of an acceptable level of 
slamming within the operational wave height range. The strut volume in 
current designs is found to be 15-20% of overall, while the ratio of the strut 
width to the horizontal hull diameter lies between 0.3 and 0.6. Current strut 
designs demonstrate a length to thickness ratio of 5-15 for tandem struts and 
20-40 for single struts. The waterplane coefficient has been found to be 
between 0.7 and 0.8 [115].
The distribution of the volume and the shape of the underwater hulls is of 
primary importance to the hydrodynamic and the hydrostatic performance 
of the hull form. Oval sections (apart from circular) with less height than 
width have been used in shaping the underwater hulls. This advantages of 
this shape are that it introduces larger volumes in the hulls, improves the 
motions in the higher sea states by increasing the damping forces. A 
reduction in draught and thus in primary bending moment at the expense 
of a small increase in drag [14] is also observed.
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1.8.3 Structural Design Considerations in SWATH Ships
In attempting to design the structure of a SWATH one should bear in mind, 
three main points, the:
• considerable shear lag effects arising form the box-type nature of the 
cross deck, and affecting the buckling efficiency of the plating
• presence of high stress concentrations on the transverse bulkheads at 
four locations, namely, the main deck intersection w ith the long­
itudinal bulkhead, the wet deck/haunch/long, bulkhead intersection, 
the haunch/inboard stru t/first platform intersection and the inter­
section of the outboard strut and first platform
• considerable shear stresses present in the cross-deck girder.
The shear lag effects and local stress concentrations preclude the use of 
classical beam theory approaches for deck and side plating design. The stress 
distribution in the structure can thus only be estimated via detailed FE 
analysis. Such FE calculations [31, 120-123] considering typical SWATH 
midship sections loaded in transverse bending have shown that the 
transverse bulkhead is the main structural element resisting the side load, 
whereas the midbay plating and decks are lightly loaded (Fig. 1.22). The 
transverse stress distribution in the bulkhead along the main deck and the 
outer side shell can be over three times those predicted by single beam 
theory. The longitudinal distribution of the transverse stresses is more 
pronounced at larger transverse bulkhead spacing and more uniform at 
smaller separations. The results of similar studies on an aluminium 
SWATH [31,122,123] are presented in Chapter 5.
Only Sikora et al [120] have published closed form expressions describing the 
distribution of stresses in the box-structure. These are empirical 
formulations, based on extensive parametric FE studies varying the 
longitudinal spacing of the transverse bulkhead for ships with a 45° haunch 
angle. Hence, the stress distribution in the deck and side plating and the 
stresses at the transverse bulkheads at their four stress concentration 
locations due to side loading may be obtained respectively from:
a  = <*,K,m A (m xc + B) and a  = a nomA P R
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where a nom is the nominal bending and axial stress, A is the stress 
concentration factor (Table 1.10), P is an insert plate factor (Table 1.11) and R 
is a haunch radius term given by
R = 0.35 + 0.0075 ( d / r ) 2 <1
where r is the haunch radius and d is the depth of the cross-structure. 
Furthermore, x is the normalised distance in either the transverse or 
vertical directions while m, B, are functions of the normalised distance, y, in 
the longitudinal direction (Table 1.10). The stress concentration expression 
has been obtained from models with 60° haunch angles.
The third problem that needs to be tackled is that of the high shear stresses 
present in the cross structure. This is due to inability of the non-rigid decks 
to provide vertical support to the side plating near the comer. As a result, 
the vertical load arising in the side shell due to the lateral seaway loading is 
supported by solely the shear stiffness of the transverse bulkhead. Not 
surprisingly, the upper outboard panel of the transverse bulkhead is found 
to be in a state of pure shear. Significant shear stresses can also occur in the 
longitudinal bulkhead above the haunch/w et deck intersection as the 
primary stresses in the wet deck and haunch plating introduce edge loads.
The stress concentrations on the transverse bulkhead as well as the level of 
shear stresses present in them, may be reduced by decreasing the bulkhead 
spacing, at the expense of structural weight. Alternatively, three options are 
available, the use of (a) insert plates, (b) a radius of curvature at the haunch 
intersection with the cross deck or (c) partial transverse bulkheads. The 
optimum from the stress concentration point of view would be to replace 
the haunch with a large circular arc with tangents at the stm ts and the cross 
deck but cost and space allocation considerations in the vessel might not 
always encourage such an approach.
A more weight efficient approach for reducing both stress concentrations 
and the peak shear stresses in the transverse bulkhead is the use of partial 
transverse bulkheads (PTBs) midway between the existing bulkheads. A 
systematic FE analysis [120] carried out for the T-AGOS 19 design shows that 
the introduction of PTBs in sections 1, 2 and /or 3 (Fig. 1.23) may reduce the 
peak stress, at the haunch intersections by 20-45%, while the shear stress
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levels in the bulkhead can be reduced by as much as 50%. The stress 
distribution in the outer shell plating and the main deck also becomes 
much more uniform. PTBs may also perm it the increase of transverse 
bulkhead spacing, another weight saving measure. Further weight cuts are 
also possible by the introduction of lightening holes on the PTBs as well as 
on the deep plate girder forming the cross deck structure.
It is worth noting further, that any overdesign of the wet deck, haunch and 
the strut inner shell plating will not benefit the ship's structural response 
under primary loading conditions. Their design is instead dominated by the 
secondary loads and most importantly by the level of the local slamming 
loads of the seaway. Hence, their accurate prediction can result in 
considerable weight savings, and is therefore the subject of experimental 
investigations described in Chapter 2.
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Tables
Table 1.1: The more suitable northern and southern European shortsea
routes for application of fast marine vehicles [4].
Area Crossing Distance
(miiesl
Passengers 
(thousands 1
Cars
(thousands)
Baltic Swinoujsio/Copenhagen 120 150 40
Swinoujsie/Ystad 95 400 100
T ravemunde/Gedser 120 790 122
T ravemunde/T reileborg 54 1056 165
Sassnitz/T reileborg 95 957 135
Vlsby/Nynashamn 80 535 123
Vlsby/Oscar shamn 65 300 80
Vasa/Umea 87 625 75
Ronne/Copenhagen 100 700 70
Baits/Kattegat/ Arhus/Kalundborg 50 1055 240
Skagerak Grena/Varberg 64 400 90
Grena/Halmstad 66 350 77
Frederikhav/Gdteborg 50 3190 486
Frederikhav/Moss 120 220 45
Fredorikhav/Larvik 105 830 118
Hirsals/Kristlansan 70 850 163
North Sea Harwich/Hook of Holland 116 1040 140
Sheerness/Vllssingua 124 800 125
Feiixtowe/Zeebruge 84 421 60
Dover/Zeebruge 76 933 141
Dover/Ostend 61 1891 247
English channel Dieppe/New haven 64 833 137
Havre/Portsmouth 90 794 209
Caen/Portsmouth 95 400 100
Cherbourg/Portsmouth 86 642 192
Cherbourg/Poole 60 438 114
St. Malo/Guernsey 55 250 30
Poole/St. H6iler 100 500 110
St. Malo/Portsmouth 142 500 127
Roscoff/Plymouth 96 507 123
Irish Sea Rosslare/Pembroka 67 400 90
Rosslare/Flshguard 54 760 170
Holyhead/Dublin 61 610 115
Holyhead/Dun Loaghaire 56 1110 190
West Mediter­ Malaga/Almeria/Melilla 114 423 76
ranean Sea Barcelona/Palma 130 408 67
Corsica Toulon/Ajaccio 145 107 35
Nice/Calvi/tle rousse 98 175 56
Nice/Bastia 122 163 56
Genoa/Bastia 108 87 32
Savona/Bastia 105 175 63
La Spezia/Bastia 85 240 84
Leghorn/Bastia 65 355 124
Sardinia Civittavecchia/Olbia 125 1000 200
Adriatic and Pescara/Split 114 1000 200Onian Soa Bari/Split 145 1000 200
Bari/Dubrovnic 110 1000 200
Otrante/lgoumenitsa 100 1000 200
Brindisi/Cor fou 123 1000 200
Aegian Sea Pirens/Cannea 150 1400 200
Plreaus/Naxos 120 700 40 |
Volos/Stakos/Pelagos 80 700 70 I
Table 1.2: The number of each of the types of high speed marine
vehicles delivered in the period 1988-93 [127],
1988 1989 1990 1991 1992 1993
Catamaran 33 30 41 43 45 36
Monohull 15 15 21 28 20 10
SES 3 7 10 7 6 7
Hydrofoil 4 11 11 14 8 1
SWATH 0 1 1 0 3 3
Hovercraft 0 2 4 3 0 0
Totals 55 66 88 95 82 57
Norwegian
company share:
- Num ber 16 12 23 14 15 12
- P ercen ta g es 29 18 26 15 18 21
Table 13: Transport efficiency values for a number of constructed fast
marine vehicle concepts [3].
Type Designer
/Builder
(Country)
3 
1
Boa
(m)
Pass
Payload
Cars Tot.
(t)
Installed
power
(MW)
Service
speed
(kn)
TE
value
243
catamaran
NQEA/Danyard
(Ausc/Oenmatk)
78 24 450 120 201 23.0 39 0-341
W-9500
catamaran
Wntamann
(Norway)
95 29 1000 200 360 30.0 35 0.420
U 6m 5oC it
wavepiercer
(neat
(Australia)
116 39 1100 300 500 28.0 38 0.678
W-12000
catamaran
Wcstamann
(Norway)
120 34 1200 275 478 40.0 40 0.478
StenaHSS
catamaran
rumyards
(Finland)
124 40 1570 375 645 60.0 40 0.430
ssw no
swath
Sdtiehau-
Scepcdcwctit
(Germany)
55 23 600 90 177 20.0 36 0.319
69m Regency 
swath
Swath Ocean
(USA)
69 24 450 124 206 30.0 38 0.261
Corsair* 6000 
tnonocTull
Ewaude
(France)
67 11 400 42 95 12-2 32 0.249
MDV 1200 
mcnohuil
Fmcannen
(Italy)
89 17 450 126 209 30.0 39 0.271
Mestrai 92 
monomiil
Bazan
(Spam)
96 15 450 76 144 20.0 34 0.245
FM-100
monomiil
Blohm+Vbss
(Germany)
111 15 600 180 294 30.9 35 0.330
Scaswift 60 
s*s
Rovai Schelde 
(Netherlands)
59 18 438 62 124 14.6 43 0.365
Corsair 600 
sas
B+V/Grrus
(Germany)
60 17 350 60 113 10.4 47 0.511
53 -300
scs
Ftncanocn
(Itaiy)
66 18 450 80 149 9.6 42 0.652
SPS
cat hybrid
JCL/MTG 
(UK/Germany)
120 24 1200 580 874 60.0 40 0.583
Notes:
Payload estimated at 10 pass « It and 1 car -  1 J t  
Transport Effectiveness (TE) -
Payload (t) x Service speed 
Installed power (kW)
(kn)
Table 1.4: Transport efficiency values expressed in terms of number of
passengers carried for four types of fast marine vehicles [12].
C raft [Pass. No.] Power Speed
(Calm
T. Ef f .  
Water)
Speed  
( lm  sic.
T. Ef f .  
r. waves)
Speed 
(1.5m s
T. E ff. 
iq. waves)
3ES HM527-2 [260]
' ACV AP I-88 [93]
Je tfo il [260] 
Mesa80 [446]
2825kW
1277kW
5S32kW
6043kW
36
52
44
27.1
3.31
3.79
2.07
2.00
25(h)
27(b)
20(h)
28(b)
44
27.1
2.30
2.48
1.46
2.04
2.07
2.00
19(h)
21(b)
15(h)
25(b)
44
27.1
1.75
1.93
1.09
1.82
2.07
2.00
Transport e ffic ien cy  = (No. o f Passengers) x  Speed
Installed Power
Table 1.5: Range of the main modelling uncertainties as presented by
Faulkner [33].
Item COV Bias
%
Factors affecting strength
Flat panel collapse
- best 10-15 -5 to 5
- typical codes 15-30 0 to 20
Unstiffened cylinder-codes 20-40 20 to 50n>
Stiffened cylinders
- best 12-18® -20 to 40®
- typical codes 20-40® 0 to 30<1'S)
Submarine Pressure Hull
- interframe collapse 5-10 -5 to 5
• general instability 15-20 0 to 20
Fatigue strength 30-70 50 to 150®
Factors affecting loads
Dead Loads 5-10
Hydrostatic Pressure loads 10 (N)
Dynamic Loads 30 (LN)
Live Loads 10-20 -10 to -30®
Inertia Forces-SWATH ship 15 (N)
Side force-SWATH ship 20 (Extreme)
Buoyancy force 15 (N)
Ship extreme bending
- initial distribution 5-10 -30 to 0®
- extreme distribution 15-25
Fixed offshore platforms 20-40 -10 to 10®
Compliant offshore platforms 15-30 -20 to 50®
Fatigue Loads 10-20 -20 to 0
Motes: (1) lower bound'curves are mainly usad
(2) for all load combinations
(3) there are soma much more extreme examples
(4) large scatter on Ufo predictions
(5) no reliable data available but 'growth factor' essential
(6) relates to overprediction of Linear Strip Theory
(7) based on Mbrison equation
(8) based on II 1C and 1SSC diffraction modelling studies
Table 1.6: Reliability levels as implied by design codes worldwide for a 
variety of structural systems and components [16,33, 66,126].
Structural System/Component (3 Lifetime average
Marine Structures
North Sea TLP 53
RCC Code for TLP 3.72
Current TLP designs 3.0
NPD for Offshore platforms 3.72
UK DoE (1976) for Offshore Structures 3.72
ISO reccomendations for Offeshore Structures 3.0
Existing Semi-Submersibles 4.4
Columns and Beam-Coiumns
(DnV and API Offshore Rules) 33
Fixed Jacket Platforms
(North Sea and Golf of Mexico) 23*
Fatigue 2.7
Submarines 3.0
ISSC Committee V.2 'Applied Design' (1985)
1709m Products Carrier 3.T-4.9
Merchant ships 160-330m (Deck Collapse)
Longitudinally Framed 3.2-S.2
Transversely Framed 1.8-4.0
Products tanker 3.7-4.9
Naval Ships 90-150 m (Deck Collapse)
Faulkner/Sadden (1978) 0.9**-3.5
average value 2.2
Morandi (1994) on externally pressurised cylinders
Flange yield (MoD) 4.89-5.9
Flange yield (0.5%R) 3.6-4.77
Plate yield (MoD) 336-5.01
Plate yield (03%R) 334-4.91
Tripping 3.71-4.99
Interframe (1 < pa /p e3 < 2.5) 3.01-3.74
Interframe (pB/p c5 > 2.5) 4.73-734
Land Structures
Eurocode 3 (Steel Structures) 3.8
Eurocode 2 (Concrete Structures) 3.7-4.0
UK Steel Bridges 4.85 av.
German Steel Bridges 3.7 av.
North American Buildings 3.0-43
Chinese Buildings 3.2
(**) Ignoring any aonobudon hom supanmtctur*
Table 1.7: Code formats in civil engineering and marine codes [421.
CODE FORMAT
ISO S ta n d a r d  2394 f u n c t i o n  CYc t ,Yc t .Y s l . y , 1 , Y , I . e f f e c t s  o f  Fk ] S f u n c t io n  t f n / Y ^ Y . , ]
CEB M odel Code ( y d5  *  YQ [Q ,k <• £ * o i .a l k ] ) Y fJ  i  a k /Y „Y n
DnV O f fs h o r e  S t r u c t u r e s s d  -  S ( Z  e Ly CL) < s d  -  Rk* /Y m<
LRFD * » n  1  y e (y dc 0 5 *  y l c l l  ♦ YuCw5 )
API RP2A
♦ ,  * » n  » t f  V i n > l
AMS ASa
* Rn. 1 I
TLP R u le  C ase £ t ( 5 a j ''Bk j )YinYJm lYc ) nJ < I u h e r e  Q jj -  Y5Q , j  * Y ,5 q j  * YdQd ]
BS 5 4 0 0 , P a r t  3 Yf j [ e f f e c t s  o f  f u n c t io n  l o y / y m i , o t h e r  p a r a m e te r s ]
Table 1.8: Typical structural material properties an costs [109],
Maiterial Matrix
Fibre
Weight
F raction
D ensity
Laminate
(g /an 3 )
U ltim ate
T e n s ile
Strength
(N/nin2 )
T e n s ile
Modulus
(KN/imt2 )
U ltim ate
Cbmpression
Strength
(N/mn2 )
M aterial
Cbst
£/Tcg
S te e l  
Cbrten ’A ’ _ 7.75 480 207 340 0 .4
A1 minium A lloy  
N8 (5083) - - 2.76 275 69 120 2 .1
Alm inium  A lloy  
H30 (6082) - - 2 .76 295 69 255 2 .4
E G lass  
Randan Mat P o ly ester 0 .3 3 1 .44 80-130 7 .3 -9 .3 140-150 1 .6
E G lass 
Woven Roving P o ly ester 0 .5 0 1.63 210-300 12-21 150-270 1 .8
S G lass 
Wbven Roving P o ly e ste r 0 .5 0 1 .64 440 20 210 5 .5
Aramid (Kevlar 49) 
Wbven P o ly e ste r 0 .4 4 1.31 430 26 115 17 .1
carbon Fibre 
Wbven P o ly e ste r 0 .4 0 1.40 460 30 _ 3 5 .6
Aramid (Kevlar 49) 
Wbven
Obld cure  
Epoxy 0 .5 5 1.31 450 30 180 2 8 .5
carbon Fibre 
Wbven
Obld cured  
Epoxy 0 .5 9 1.47 550 55 360 
.  _______
3 7 .8
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Table 1.9: Structural materials and their degree of application to marine
structures [10].
Materials applied 
to Ship Structures
Applied Position 
in Ship 100 500 1000
Gross-Tonnage of Ship
50000 I 20000010000
High
Strength
Steel
Conventional
Sled*
Thermo-Mechanical 
Control Process 
Steel** 
(TMCPSteeO 
Yield Point 
320J60.400MPs
Deck
Longitudinal
BoOorn
Side-Shell
Bulkhead
I I I
I I I
NotrApplied 
(Mild Steel Ship)
h—r
 L.W *.
i i i
Aluminum
Alloy
5000 Series Ship HullSuper-Strucnae
6000 Series 
(Sandwitch 
Panel)
Super-Stmcsae -i—^
Ncjt-Af|plie l^
Fiber
Reinforced
Plastics
Plate OFRP***
ACM Super
Ship Hull 
xr-Scrucoxe
Sandwich
I V .  1rm et
Ijfot-Applidd
100 500 1000 10000
*  Old Use
* *  Present Use
•**  Expectant of Future-Applied
^  _  Now Applied
^ . . . p  _  Partially-Applied
, Expectant of Future-Applied
100000 
Gross-Tonnage of Ship
Table 1.10: Design algorithms for the stress distribution in the plating of
SWATH vessels as proposed by Sikora et al [120].
Location A
x = * 0 a t ® x D l a t  longitudinal bulkhead 
A -  0.83 + 2.80 (6 /s) C 3  2 
3  3  0.58 -  0.194y crnom 3  cmom.MD 
m ■ 0.41 -  0.625 Vy 
Location C
x * Oat main deck x *  la t  second deck 
A 3  1.20 + 1.784(6/6) C 3  1 
3 * 0  cmorn *  cmom.shell 
m 3  0.53 -  0.84y + 0.237/
Location E
x -  0  strut base x -  1 at platform 
A -  1.20 + 1.784(6/6) C * 1 
3 * 0  cmom * crnom.shell 
m 3  0.92 -  2.335y + 2.294/ -  0.823y3 
Location G
x * 0  at longitudinal bulkhead x = 1 at platform 
A 3  4.21 -  0.182(6/s6) C 3  1 
3  3  0.86 -  1.62y + 0.89y2 
crnom 3  crnom.shell 
m 3  0.186 -  0.44y ■+• 2.5 ly2 -  2.035y3
s/2
sh
Location B
x 3  0  at longitudinal bulkhead x 3  1 at comer 
A -  0.83 +> 2.80 (6 /s) C 3  1 
3  =* 1.01 -  0.806 Vy cmom 3  crnom.MD 
m = - 3  
Location D
x 3  0  at platform x * 1 at second deck 
A 3  1.20 + 1.784(6/6) C * 0.5 
3 * 0.94 -  1.96y +■ 1 .12 / cmom = crnom.shell 
m 3  -0 .4  + 1.16y -  0 .92 /
Location F
x ■ 0  at ® x = 1 at longitudinal bulkhead 
A 3  1.83 -i- 6.114(6/s) C = 2 
3  3  0.276 -  0.187y cmom 3  cmom.wet deck 
m 3  0.716 -  0.754 Vy 
Location H
x 3  0  at strut base x 3  1 at platform 
A 3  4.21 -  0.182(6/s6) C 3  1 
3  3  0
crnom 3  cmom.shell 
m 3  1.0 -  0.60 Vy
y is in the longitudinal direction 
y 3  0  at transverse bulkhead 
y 3  1 at midbay
Range of Validity 
0.31 < 6 /s  < 0.61 
1.38 < b/sh < 3.12 
0.54 < 6 / 6  < 1.08
6  3  longitudinal spacing between transverse bulkheads
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Table 1.11: Insert plate factor, P, as recommended by Sikora et al for the
reduction in the stress concentration levels assumed [120].
Value of P Comment
1.96-0.96 ,/tA7 when insert plates exist on the transverse 
bulkheads, outer shell and longitudinal 
bulkhead/first platform
1.57 -  0.57 when insert plates exist only on the outer shell
1.75 -  0.75 i/t/tT when insert plates exist only on the transverse 
bulkhead
Motes: t thickness of insert plate
t0 thickness of parent material
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Figure 1.1: The growth in fast ship construction since 1970 [21].
5 0 0
^  KeJlcop«r
Hydrofoil.
Highspeed j*
't*. *». o*^ ^ 71, t  < ✓
■ Hydrofoil 
□ ACV
▲ Highspeed Craft 
A Passenger Ferry
Highspeed 
Marine Vehicles
'■'I10 JO m  5 0 100 200 500 *00 5 0 0  1 0 0 0  * »
Figure 1.2:
Block Speed ( kra / h )
Variation of fares with speed for all transportation modes [8],
■ Hydrofoil Craft 
□ ACV
▲ Highspeed Craft 
^  Passenger Ferry
Highspeed 
Marine Vehicles
300 300 400 500 1000
Route Length ( km )
■i  ; r i i ------------------ 1-----------1— r  | i i i i
Air Commuter .
tx p re a
. L o c a l  _ J -----------
Figure 13: Variation of fares with route length for all transportation
modes [8].
150
Viiue of Time R ■ .-000 very nr |
Ferry
Hignmcd r  See 
cran /
Hyareroil J100
A i r  C o m m u t e r
B u s
S J u n i a n j e n  ( H i J u n i
100 300 a00
Rouce Length L (km)
Figure 1.4: Variation with route length of the operational cost of all
transportation modes [81.
95
Pa
ylo
ad
 
/ T
ot
al 
W
fci
gh
t
Payload Capacity
.INER
CONTAINER
CARGO/PASS CARGO
PASSENGE I
PASSENGER
I
i *r ' ■' W?- S'v
RAIL
20 30 100 200 300 500
Speed [ km/h ]
Figure 1.5: Payload fraction variation with speed of transportation [128].
M E D I U M
displacement 
vessels
water atr
FOIL CAT 
TSL-F
air cushion vehicles (hovercraft) 
surface effect ships
T S L - t
static
dynamic
TYPE OF  
LIFT
hydrofoils
wing in ground ships 
wing in sea effect ships
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CHAPTER 2
2.0 Wave Load Considerations in the Design of SWATH Ships
2.1 The Nature of Wave Loads on SWATH Ships
Loading is identified as presenting the largest uncertainty in any design 
process and strength check formulations [12] and its accurate estimation 
should be the first step in any structural design procedure. Rational 
modelling of its effects is hence of tantamount importance if proper use is 
made of more elaborate ultimate strength modelling of structural response. 
A probabilistic approach helps to counteract some of this inherent 
uncertainty.
Overall, there are six components of wave loads acting on the cross deck 
structure of a SWATH ship due to wave excitation, namely (Fig. 2.1) the 
vertical bending moment, M5, the transverse side force, F2, the vertical 
shear force, F3, the longitudinal force, Flr and the yawing and torsion 
moments, M4,M 6. These loads and their effects are generally grouped 
under the two main headings of primary loads and secondary loads.
2.1.1 Primary Loads
In contrast, to monohull ships which absorb the primary loading effects in 
the longitudinal direction, SWATH and multi-hull ships are primarily 
loaded by the seaway in the transverse direction. Hence, it is not unusual 
for these structures to be transversely framed. The primary load conditions 
requiring attention during the vessel's lifetime are, (a) extreme wave 
induced and still water longitudinal vertical bending moment, (b) extreme 
wave induced side force and transverse bending moment, (c) fatigue 
loading, (d) extreme torsional loads, (e) extreme vertical shear loads on the 
cross-deck.
2.1.1.1 Longitudinal Loads
For a monohull, wave induced vertical hull bending moments are the 
primary and most important seaway loadings and are most severe in head 
seas. This loading is also exerted on a SWATH structure and it can be 
predicted using classical beam theory. But it is generally found not to 
dominate the structural design procedure as much as the remaining loads
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do. Vertical bending in multi-hulled vessels however, becomes more 
important for multi-thousand tonne designs [5]. Sikora [13] recommends 
the following empirical algorithm for an approximate estimation of vertical 
wave bending moments for SWATH ships:
M = 0.0011 B9L2s5
where M is in feet-tons, B8 is the width between both strut centres (in feet), 
and Lg is the length of each strut (feet). The superposition of any coexistent 
static longitudinal loads (e.g. still water bending moments) is also necessary. 
These loads will be treated no further.
2.1.1.2 Maximum Vertical Shear Loads
Vertical shear loads on the intersections between the haunch and the cross 
decks in the SWATH structure arise mainly due to the deadweight of the 
box-structure and differences in inertial heaving amongst the haunch and 
the cross deck. The shear loads thus introduced due to deadweight remain 
constant across the span while the inertial forces are maximum at the cross­
structure/ strut intersection and drop to zero on the centreline. Chalmers in 
[14], references unpublished US data suggesting that the total vertical shear 
force at the cross-deck box structure just inboard of the haunch is given by:
V _ =  0.25 F _ + 1.25 gM b/2
where Mb/2 is half the box mass and Fmax is the maximum side force.
2.1.1.3 Side Loads
The most significant primary loads on the SWATH structure are imposed 
by the wave induced side force, F, and resulting transverse wave bending 
moment flexing the struts inwards or outwards. The side force, the 
resultant of an integration of the dynamic pressures, is a maximum at beam 
seas and zero speed, reduces to about half that magnitude in bow and stern 
quartering seas and decreases to near zero in head and following seas. 
Figure 2.2 shows the side load variation with heading [22].
The transverse bending moment causes the main deck to be in tension 
during the squeeze cycle, forcing it into compression during the pry cycle.
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As the resulting transverse stresses do not behave classically because of 
shear lag of the deck plate elements and stress concentration effects in the 
haunch/deck connections, a FE analysis must be used to determine the local 
load distribution in this part of the structure. The value of the bending 
moment is directly linked to the magnitude and point of application of the 
side force. Experimental results [15] suggest a vertical point of application of 
mid-draught for beam sea conditions, and mid-draft to 0.6 of the draft for 
quartering seas. The Royal Navy assumes a point of load application at mid­
draught.
Apart from the importance of the position of the point of application of the 
side force on the magnitude and the type (torsion etc.) of the transverse 
bending moment, the longitudinal distribution of the side force can be 
essential. Sensitivity studies carried out, via FE calculations, [15] using 
uniform, trapezoidal, and sinusoidal side load longitudinal distributions 
(with the total load kept constant for every case) show that despite the 
significant variation of loads locally, the resulting stresses are similar as the 
loads are redistributed in the structure. Hence, for design purposes a 
uniform load distribution may be assumed when analysing the complete 
ship. When analysing a load section a 10% increase in the local load value is 
considered to be sufficiently safe.
Available model test data [16] demonstrate that the side force and transverse 
bending moment, increase rapidly with wave height in lower sea states up 
to some significant side load and then levels off at the peak value (Fig. 2.3). 
The maximum value of side force is typically in the range 0.2-1.2 A [5] while 
in heavy seas the maximum side force to displacement ratio lies in the 
region 0.5-1.0 depending on geometry. The ratio does not increase further in 
extreme seas The reasons are:
1. the wavelength of maximum energy tends to increase as the sig­
nificant wave height grows, while the peak side load response occurs 
in shorter waves
2. extreme wave conditions occur less frequently than moderate ones.
Exceedence of the design load in storm conditions should therefore need 
not be of major concern to the designer. Furthermore, research in the U.K. 
and the U.S. has shown that [2, 4, 9,11,15,17-22] for a given wave height the 
side force is maximum at wave lengths 3-4 times the underwater beam of
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the ship while there is a general trend for the maximum side load to 
decrease as a fraction of displacement as the displacement increases to 
values above about 400 tonnes (Fig. 2.4). Furthermore, changes in draft 
produce the greatest change in the side force and bending moment applied 
on the cross deck.
2.1.1.4 Fatigue Loads
Due to hull flexing in a seaway, fatigue damage must be expected at the 
lower hull/strut, strut/haunch and haunch/cross structure welds and any 
changes in the transverse bulkhead geometry and arrangement that might 
introduce considerable stress concentrations. The problem is often made 
worse by the use of high tensile strength materials, as these materials 
encourage higher stresses and slenderer structures. Proper design of the 
joints is vital. Paragraph 2.4 describes in reasonable detail the methods 
currently used for the fatigue load prediction of sea going structures and the 
implications that increased speeds and variability of headings have on the 
fatigue loading of fast craft. Chapter 3 describes in more detail the strength 
considerations that need to be addressed in fatigue strength analysis and 
pays particular attention to the use of aluminium material.
2.1.1.5 Torsional Loads
The worst case of torsional loading for a SWATH ship is when it is 
supported at diagonally opposite corners and hence occurs during 
drydocking or grounding accidents (non-sea-going conditions). The second 
most important torsional loading is the yaw torsional moment at sea 
encounter angles between 15° and 45° (bow or stern) off the beam. For 
design purposes, Sikora and Dinsenbacher [13, 15] propose the estimation of 
the yaw torsional moment, T:
T = K x Side Force x Strut length
where K is a torque arm factor which is a function of heading (Fig. 2.5). The 
maximum lifetime yaw torsional moment can be obtained by applying the 
maximum lifetime side force value at a forward or aft eccentricity 
(trapezoidal distribution assumed by Sikora). The lever arm will vary 
between 0.05-0.25 of the strut length [13]. Furthermore, Chalmers in [14], 
reports on unpublished US data giving the maximum torsional loads by:
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T = 0.13 F LV  XU/ X J_lg for the cross deck
T = 0.29 Fmax Ls for the struts
where Ls is the strut length and is the maximum side force. These 
values are applicable for seas between 150 and 450 off beam.
These loads will be considered no further. For further reading on the 
subject, references [2,4,9,11,15,19-24] may be consulted.
2.1.2 Secondary Loads
The secondary loads applied on a SWATH structure ship are similar to, and 
of the same severity as those encountered in monohulls. The main 
secondary load components include:
• slam induced impacts • docking and berthing
• wave slapping • ice loads
• hydrostatic pressures • collision
In SWATH ships slamming loads can be quite severe locally and govern the 
local structural design, i.e. the design of the scantlings and plate thickness of 
the wet deck, the haunch, the inner strut shell and the outer strut shell up 
to the main deck. These loads are generally amplified by ship speed. On the 
other hand, the design of the lower hulls is normally governed by 
hydrostatic and drydocking loads.
For slamming pressure loading, experimental test results of models of the 
T-AGOS 19 in the U.S. [15] support the conclusion that the extreme value 
slam pressures vary longitudinally on the wet deck plating with maximum 
value occurring within a distance of 20% of the hull length from the bow, 
dropping linearly from there onwards to a distance of 40% of the hull 
length from the bow where the pressure level is at 50% of that encountered 
at the bow. From that position to the stem  of the vessel the level of 
slamming pressures will remain fixed (50% of the pressure load at the bow). 
It was further concluded that, the haunch and strut slam pressures are most 
severe in beam seas and do not vary significantly longitudinally. The 
inboard strut pressures were found to be approximately half the outboard 
strut lifetime pressure. It is worth noting that high peak pressures occur
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only over very small areas while pressures over larger areas are reduced 
proportionately. Hence, design pressure must be referenced to a related area 
and therefore pressures measured at model scale must be scaled to full scale 
values and adjusted for different panel sizes for use in design. Figure 2.6 
provides the variation of slam pressures with area considered.
A trade-off exists between the primary side loads and the local impact loads 
on the wet deck because an increase of the wet deck clearance to reduce slam 
loads simultaneously increases the bending loads in the cross-structure. 
Interaction of side load and wet deck slamming load effects is normally not 
considered necessary because their maximum values would not occur 
simultaneously [2, 15, 18, 20]. An experimental investigation into the effects 
of ramp angles on the level of slamming pressure loads is presented in 
paragraph 2.5.2 and 2.5.3.
Wave slapping loads on the side shells can be treated in a similar manner to 
slamming pressure loads.
In turn, for an initial estimate of hydrostatic loads, the Royal Navy [14] 
recommends the use of the same approach as that used for monohulls. That 
is, to design for a static head of 5m to allow for wave effects superimposed 
on to the normal hydrostatic pressure head (calm water and no heel angle) 
and an allowance for rolling and pitching motions (25 and 10 degrees 
respectively).
2.1.3 Side Load Estimation Procedures
The wave load prediction for SWATH ships is based on the adoption of 
both analytical and experimental methods whose use is preferred at the 
detailed design stages. At the concept design stage, however, empirical and 
semi-empirical formulations for the maximum applied design load will 
generally be more than satisfactory. The random nature of ocean waves, 
encourages a stochastic approach to load estimation and therefore long- and 
short-term statistical analysis of wave spectra is used in deriving the likely 
extreme load responses for use in fatigue and ultimate strength design. The 
background and current procedures used by these practices is presented in 
the following sections.
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2.1.3.1 Empirical Side Load Estimation Expressions
In the preliminary design stages, side load values may be estimated using 
approxim ate formulae available in the open literature. Empirical 
formulations derived from experimental data on SWATH models as well 
as FE estimations of the distributions of loads on the structure prove very 
useful and are presented next. The expressions are based on the application 
of the side load at half draught and are of simple, closed-form nature, based 
on principal dimensions and form coefficients.
The Sikora and Dinsenbacher Proposal: Sikora et al [17] have used a 
spectra-based method for predicting primary side load fatigue spectra for 
SWATH ships. A result of this work was the first empirical formulation for 
side load prediction [17]. This expression was based on a series of fifteen 
model tests of various SWATH ship geometries whose maximum side load 
values were obtained via a spectral wave analysis. Parametric studies of 
wave loads were carried out using the theoretical prediction described by 
Lee and Curphey [4]. Six basic parameters, namely, the hull and strut 
lengths, hull separation, draught, metacentric height, waterplane area and 
displacement, were investigated and it was the length, draught and hull 
separation that were found to greatly influence the load values. Hence 
Sikora et al [17] derived the following maximum lifetime side force 
algorithm for ships in the region of 3,000-30,000 tons, assumed to operate 
3,600 days at sea at random headings:
where A is the displacement (in tons), d is the draught (in feet) and
D = 1.55 -  0.75 tanh (A/11,000) T = 0.532 d/VA
L = 0.75 + 0.35 tanh (0.5 Ls -  6.0) Ls = (strut length (ft))/VA
This expression presents a mean value with standard deviation of 10.5% 
when compared with model test results [15]. Stirling et al [18] take the 
standard deviation of this expression to be 20% for its application to any 
new SWATH geometry. A characteristic load, which is equal to 0.67 of the 
maximum expected side load rather than the expected extreme value
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provided by the expression above is finally used in SWATH design as has 
also been the case for monohulls.
The Royal Navy Proposal: The design load practice in the U.K. for both 
monohulls and SWATH ships requires the use of the higher (than 
Sikora/US Navy expected value) 1% probability of exceedence load in the 
vessel's lifetime for both ultimate strength and fatigue strength estimations. 
Furthermore, for SWATH applications the bending moment for ultimate 
strength formulations is taken to be 1.1 times higher than the design 
bending moment predicted by analytical procedures [18]. Normally, 
theoretical load prediction methods are used which account for the 
hydrodynamic loads on the structure by means of three dimensional 
singularity distribution panel methods (computer codes by Glasgow 
University and Bishop and Price - para. 2.1.3.3). At the concept design level, 
however, where accuracy of the load prediction is not as important, the 
Sikora et al [17] closed-form expression is used with changes to account for:
• the need in the U.K. approach to use the higher 1% probability of side 
load exceedence in the ship's lifetime
• differences in the ships life and operability (30 year life at 70% 
operability for the US and 25 years at 70% operability for the UK)
• errors in the model load measurements (assumed at 5%)
• differences in the statistics of the sea and the mission profile.
As a result of these changes, the side load modelling uncertainty has a bias 
of 0.990 and standard deviation of 0.255. The 1% probability of exceedence 
value corresponds to 2.33 standard deviations above the mean, introducing 
a factor of 1.584 above the expected value given by the Sikora algorithm. 
Hence, there seems to be no direct relationship between the UK and the US 
design loads, but in general the UK values are considerably higher [18]. The 
effects that other lives or operabilities will have on the factor considered are 
expected to have negligible effects on its value [18]. The design side load is 
assumed to act at half draught and uniformly distributed along the length.
Another estimate for expected lifetime side load, F, is given by an empirical 
formulation derived at UCL by Betts from regression analysis of published 
data [27]. The displacement, A, is in tonnes:
F = K A077max
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where K id equal to 7.94 for single struts and 4.26 for tandem struts.
All of the above formulations require the ship's main dimensions to be 
already known before being applied. If this is not the case the design spiral 
may be initiated with a first shot at the maximum lifetime side load 
between 0.95 A and A as proposed by Luedeke et al [25,26].
Classification Society Expressions: ABS [19] are the only classification 
society that have published rules specifically for SWATH vessels. The side 
load estimation expression in these rules has been based on the Sikora and 
Dinsenbacher approach presented earlier. Besides the side load, ABS [19] 
also provide simplified empirical formulae to determine the transverse 
bending moment, longitudinal bending moment, vertical shear force and 
wave impact to be applied in the design. Other codes applicable to high 
speed craft in general have been presented by Lloyd's [28] and DNV [29]. The 
respective expressions may be obtained from the codes themselves. DNV 
has classed most of the current high speed craft and their rules are 
comprehensive and widely referenced [5].
Figure 2.7 presents a comparison for the geometry of a 3,500 ton SWATH 
ship (T-AGOS 19) of various maximum side load predictions with the 
Sikora and ABS methods. The methods are a short term spectral analysis 
based on Pierson-Moskowitz sea spectrum (Expt (3) in the figure), a long 
term spectral analysis carried out by DTNSRDC (Expt (4) in the figure), by a 
the use of 3-D oscillating source distribution technique which ignores 
viscous effects (Chan's approach in para. 2.1.3.3), and an approximate 
approach based on a small body assumption (if incident wavelength X and 
D, the characteristic dimension, is such that D/ X<0 . 2  and hence wave 
diffraction effects are neglected) [12]. The Sikora and ABS predictions are 
found to lie close to the long-term prediction as their derivation has been 
based on them. The 3-D method prediction is the most conservative due to 
the neglect in the calculations of the viscous effects which are the dominant 
motion dampers in SWATH ships. The approximate method is also 
conservative due to its failure in high frequencies [12] and the empirical 
formulations were found to provide conservative estimates. Hence, once 
the main dimensions become known, Sikora's or the ABS expressions are 
recommended for use. Prior to the estimation of the main dimensions, the 
simpler Luedeke or the Betts expression can be used for large SWATH ships 
(this expression is quite conservative, especially for small vessels).
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2.1.3.2 Empirical Formulations for Load Combinations
To account for primary load combination effects empirical relationships 
have been recommended by Kennel [27] which are presented in Table 2.1. F 
is the maximum side load, M is the maximum longitudinal bending 
moment in head seas and T is the maximum torsional moment. A 
conservative estimate for T is given by [27]:
T = 0.15 x Displacement x Strut length 
This load combination approach is also recommended by Chalmers in [14].
2.1.3.3 Theoretical Estimations of Wave Loading
In the detailed design stages theoretical approaches to prim ary load 
calculation are usually preferred. The existing theoretical predictions of 
wave loads on SWATH vessels are mostly developed in conjunction with 
the prediction of motions, since these two problems are closely related.
Lee and Curphey (1977) [4, 21, 30] were the first to estimate analytically the 
wave loads for SWATH ships. Their method was based on the two- 
dimensional strip theory to calculate the wave pressure distribution, 
originally developed for catamaran vessels [21, 30]. The hydrodynamic 
pressure on any segment of the hull section is determined by applying 
Bernoulli's equation for the time varying velocity potential, with additional 
terms representing the change in the static pressure head as the hull 
experiences heave and roll motion. Five load components must be first 
evaluated before proceeding with structural response estimation, namely, 
inertia forces, incident wave or Froude-Krylov force, diffracted wave force, 
hydrodynamic force due to body motions and the hydrostatic restoring force 
due to vertical displacement. The total load is derived by integrating the 
pressure along the submerged structure of the vessel. A more detailed 
description of the approach is presented by Djatmiko in [31]
The American Bureau of Shipping (ABS) has developed an analytical 
approach to compute wave loads on SWATH ships similar to the Lee et al 
approach [32, 33, 34]. The analytical model was initially established to solve 
the problem of linear response of SWATH ships to wave excitation in five-
115
degrees of freedom only, but was later modified to account for all six-degrees 
of freedom ship motions. The hydrodynamic coefficients and wave exciting 
forces on the twin hulls are computed using strip  theory. The 
hydrodynamic interaction effect between the two submerged hulls was also 
considered.
The main restriction imposed by the two-dimensional theory strip theory is 
that load predictions can only be made in the direction in which the section 
is chosen in. The loading on the cross deck of a SWATH is therefore 
calculated using an equivalent two-dimensional hull form assumption for 
only the beam-sea case. The most important advantage of the 3D method, 
however, is that it allows the inclusion of wave load effects in all directions 
thus facilitating consideration of the pitch and yaw motion effects which 
would otherwise be neglected. Therefore, 3-D approaches incorporating the 
effect of hydro-elasticity on structural responses (Price et al [36]) and 
accounting for the forward speed effects (translating-pulsating sources - 
Chan [37]) have also been produced as the next step forward from the 2-D 
approach.
Work by Price et al into wave loads of SWATH ships resulted in the 
development of a general linear hydro-elasticity theory for structural 
response analysis (ie. displacement, distortions, bending moments, shearing 
forces, torsional moments and stresses) of an idealised flexible SWATH 
travelling in regular waves [39, 40]. The mass, damping and stiffness 
properties of the structure in the 'dry' mode are first evaluated (from FE 
analysis) and the dynamic characteristics of the structure in the absence of 
external forces is obtained. These properties are then included in the 
calculation of steady motion under wave excitation. The fluid loads 
experienced by the ship in waves are then evaluated by use of a three- 
dimensional singularity distribution panel m ethod considering the 
influence of forward speed. Price and Wu (1987) [42, 43] improved the 
method by accounting for non-linear fluid forces effects, and extended the 
method to tackle time domain response analysis problems. The analytical 
method developed at Brunei University is one of the most sophisticated 
and could be expected to produce fairly accurate wave load predictions. It is 
used by the Royal Navy for analytical estimations of wave loading and 
structural response.
Work at the Department of Naval Architecture and Ocean Engineering,
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University of Glasgow, initially concentrated on the development of a 
computerised two-dimensional strip theory procedure later extended [45-46] 
to a three-dimensional sink-source theory and can be used to predict the 
motion and wave load responses for both twin-hull and monohull vessels. 
Chan in 1990 [12, 37, 47, 48] improved on these programs by recommending 
a method, to account for the 3-D and forward ship speed effects on the load 
levels. Specifically, the wave loads on the structure are estimated from the 
integration of several pressure components applied onto the oscillating 
body. These components comprise the motion-induced radiation pressure, 
the quasi-hydrostatic pressure, the Froude-Krylov and diffraction pressures 
and are derived from the velocity potential [48]. All six-degrees of motion 
amplitudes and radiation velocity potentials are considered. In addition, the 
translating source is added to account for forward speeds. A comparison of 
this method's prediction with experimental data is presented in [12, 31] 
demonstrating a very satisfactory correlation. Further developments by the 
National Technical University of Athens (NTUA) and at NTH, Norway [51, 
52] are described by Djatmiko in [31].
2.1.3.4 Experimental Evaluation of Wave Loads
Experimental investigations, whether at full or small (laboratory) scale, aim 
at providing a better understanding of the structural behaviour, the 
inherent levels of loading and its distribution on the structure and 
encourage parametric studies and in enabling the calibration of theoretical/ 
empirical models describing the loading phenomena.
A summary and review of experimental programs carried out by several 
research organisations on wave load evaluations of SWATH ships is 
presented in [31]. This covers tests undertaken in the USA (DTNSRDC) [4, 
17, 54], Canada (DREA) and MARIN (the Netherlands) [55, 56], in the U.K. 
(ARE, Haslar) [18,57], Japan (Mitsui) [35,58] and Glasgow University [31,59].
2.2 Description of the Irregular Seaway and Structural Response
Two ways to calculate the seaway loading and response of a ship structure 
are identified by the way the seaway is modelled:
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1. a deterministic approach, using a single (regular) wave represented 
by a wave period and a wave height assumed to remain unchanged from 
one cycle to the next, chosen sometimes because of its simplicity and not its 
accuracy.
2. a statistical approach considering the wave spectrum. The most 
suitable is a design wave spectrum measured at the geographical area(s) 
under consideration. Since these spectra are rarely available, theoretical 
spectrum models are chosen, based on the fetch, wind and other 
meteorological conditions dominant in individual geographical locations. 
The irregular seaway is hence described by its statistical properties. Wave 
spectra describe only short term wave conditions.
The statistical description of an irregular seaway and the associated ship 
structural response can be carried out either in the short term  or in the 
long term. The short term statistics are based on the treatment of short 
term wave records (usually of 3-6 hour duration) as random processes 
which are functions of time and are used to define the irregularity of the 
seaway. On the other hand, long term statistics are calculated based on a 
long-term distribution (usually over the ship's lifetime, 20 years say) of the 
short term seaway statistics (referring to environmental parameters like the 
wave height and period, wind speed, etc.). Such an approach is essential as 
the prediction of the characteristics of long term extreme values accounts 
for the occurrence of rare events as opposed to the short term statistics 
which generally describe normal seaway conditions. In addition, the 
cumulative nature of fatigue damage over the ship's lifetime requires that 
the estimation of fatigue loading is carried out via a long-term  
representation of the sea conditions the ship will be expected to experience.
2.2.1 Short Term Statistical Description
The short-term wave statistics that quantify the state of a seaway are the 
wave height and the wave period. The former is mostly expressed by the 
significant wave height while the wave period is usually presented in the 
form of the average zero-crossing period. The estimation of these 
parameters from the analysis of the wave record in the tim e domain is 
time consuming and should should therefore be avoided in favour of a 
frequency domain (spectral) representation. The distribution of wave
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elevation follows the shape of a Gaussian (normal) distribution, and the 
wave height and wave period follow a Rayleigh distribution (for a narrow 
banded spectrum, developed seas). High and narrow distributions (for 
period, height, elevation) correspond to a comparatively regular seaway, as 
the probability of occurrence of specific wave parameter values is large in 
steadier sea state conditions. Lower and wider distributions correspond to 
highly irregular, developing seas, (Fig. 2.8).
2.2.1.1 Description of Seaway and Response in the Frequency Domain
The basic advantage of a spectral (frequency domain) representation of an 
irregular seaway and ship response is that, despite the fact that the wave 
pattern is never repeated, the statistical characteristics of the sea state will 
remain the same. This is due to the assumption that the regular wave 
components chosen to represent a particular sea state remain the same 
throughout time (differing from one record to the other only in the phase 
difference), thereby keeping the energy of the wave system constant.
A short-term seastate and structural response, can generally be represented 
in the frequency domain in either of two ways, both based on the spectral 
representation of the seaway and response:
• by representing its statistical characteristics (significant wave height, 
zero-crossing period) from the sea-state spectrum (or the response 
spectrum for response considerations)
• by estimation of extreme values. From the short-term wave record the 
pdf of the wave elevation is first obtained followed by the probability 
distribution of the extreme wave heights. It is usually a Gumbel 
distribution and provides the values for the Extreme Wave Heights 
and the Most Probable Extreme Wave Heights (para. 2.2.1.2).
In general, short and long term statistics and response is different for the 
ship and the fixed offshore installation environment. Fixed offshore 
structures are only dependent on the significant wave height value, while 
floating structure responses are more sensitive to the values of both the 
significant wave height and the zero-up crossing period (perhaps more 
dependent on the period). This sensitivity of ship response to primarily the 
zero up-crossing wave frequency has been recognised by the deterministic
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approaches to ship longitudinal loading by assuming a ship statically poised 
in waves of wavelengths close to the length of the vessel. Therefore, 
although response analyses based on extreme wave heights are sufficient for 
fixed structures, for ship structures a means of combining both the wave 
height and frequency distributions is essential. This is possible through the 
wave spectrum (or energy spectrum if multiplied by pg) representation 
which accounts for the irregularity of the waves (in both the period or 
height/amplitude):
S(w) = i £ a ,,„2
Z i
The shape of a wave spectrum changes continuously as the sea develops 
until a narrow banded, fully developed sea forms. During this change the 
contributions from the lower frequencies to the wave energy become 
predominant as waves of longer and longer wavelengths are produced. The 
shift towards lower frequencies is usually encouraged even for fully 
developed seas, by the presence of increasing wind speeds (Fig. 2.9).
The significant wave height and zero-up-crossing period for fully developed 
seas can then be obtained from the areas under the energy spectral density 
functions, mQ, m2, (Rayleigh distributions in this case) as follows:
Hs = 4.005 and Tz = 2 n }j - ^
where mn = J“ con S((o)dco. To account for any broadness in the distributions 
(wave height, and period and hence broad spectrum) the coefficient of the 
significant wave height expression above must be m ultiplied by the 
correction factor:
CF = J l - e 2 where e = J l — — —
V m0m4
is the width parameter and is a measure of the rms width of the wave 
energy spectrum. Narrow-bandedness may be assumed for a value of the 
width parameter e below 0.6. The peak period Tc can be obtained from the 
spectrum as the value of frequency co0 at which the spectrum peak occurs.
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2.2.1.2 Short-Term Extreme Wave Height/Response Estimation
To determine the extreme value of a random process or response, the 
probability density function of the peak values of the random process 
(whether this is wave heights, or amplitudes of response) must be known. If 
this pdf is unknown then one needs to rely on the quantity and nature of 
the data available.
If the data permits the construction of an approximate probability 
distribution of the peak values (P(R)) then the extreme value for a longer 
period can be established by plotting the distribution in the form (1/1 -P(R)) 
and extrapolating the curve (R can be the wave height or the magnitude of 
response etc.) (as applied, for example, in [99,110]). This approach is usually 
used in long-term considerations over the lifetime of a ship. If, on the other 
hand, the data available is a large number of short-term extreme values 
then the extreme value to be encountered over a longer period can be 
estimated by means of asymptotic distributions (para. 2.2.2).
For narrow-banded processes the probability distribution functions of the 
peak values (whether wave heights or response amplitudes) can be 
represented by Rayleigh distributions. At such an instance
where N is the number of records observed. However, usually peak values 
demonstrate pdfs between Gaussian and Rayleigh distributions. To account 
for this broad-bandedness, Ochi [81] (based on revised probability density
the Extreme Value (e.g. wave height) assuming an a  probability of 
exceedence:
R™*=V2 m 0 l n N
functions for the peak values by Rice) proposed the following formulae for
max for e<0.9
and the Most Probable Extreme value in a record:
max,prob
where
121
V l - e
1 + -yjl —
and e = J l - IRjm„ m,
is the correction for the case of a wide band spectrum, N is the number of 
records observed and a  is an assumed probability that Rmax will be exceeded 
(usually equal to 0.01 i.e. one chance in a hundred). It is notable that if these 
expressions are presented in terms of time Ts (in hours)
R max = 2m 0ln
(60)2 Ts 
2n a
and Rmax,prob
)
2 mnln (60)2Ts lm2
2n \ m0
they are independent of the bandwidth parameter e [62]. They therefore 
apply to any distribution whether narrow or wide banded.
2.2.2 The Mathematical Description of Wave Spectra
The simplest way to represent a wave spectrum is by the use of theoretical 
models which have been fitted to real life seaway environments. The 
mathematical models are generally categorised according to the number of 
parameters (wave height, period, shape factors, etc.) on which they are 
based. Spectra which are independent of wind speed, fetch or duration, 
represent fully developed sea spectra and are usually narrow banded. The 
existing spectra may be categorised as follows:
Single Parameter Spectrum 
Two Parameter Spectra
Five Parameter Spectrum
Six Parameter Spectrum 
Additional Spectra
Pierson-Moskowitz (1964)
Bretschneider (1969)
Scott (1965)
ISSC (1964)
ITTC (1966)
JONSWAP (1973, 1976)
Three parameters are norm ally held 
constant, i.e. two parameter spectrum.
Ochi and Humble (1976)
Neumann Spectrum (1953)
Liu (1971) and Mitsuyasu Spectra (1972)
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The Neumann Spectrum has been based on limited data and outdated 
techniques and is generally neglected. The latter two spectra are fetch 
dependent and were based on lake and reservoir measurements (not 
applicable to open seas). For further information on the latter three spectra, 
references [63, 64, 65] may be consulted.
The Pierson-Moskowitz Spectrum (1964) [66] describes a fully-developed sea 
and is similar to a Rayleigh distribution. It is determined by one parameter, 
the wind speed (measured at 19.5 m above the water surface) while the fetch 
and duration are considered infinite. The formula represents an energy 
spectrum distribution of a wind generated sea state and is useful in 
representing a severe storm wave.
The Bretschneider Spectrum (1959, 1969) [67, 68] is also narrow banded and 
hence the wave heights and periods follow the Rayleigh distribution. 
Despite this model having been derived for a fully-developed sea, it may 
also be used (with acceptable accuracy) to partially-developed seas. In turn, 
the ISSC Spectrum (1964) [69], is a modified form of the Bretschneider 
spectrum while the ITTC Spectrum (1972) represents a modification of the 
Pierson-Moskowitz spectrum in terms of the significant wave height and 
zero crossing frequency. The last of the two-parameter spectra, the Scott 
Spectrum (1965) is independent of the wind speed, fetch or duration and 
therefore describes fully developed seas. It is based on data from the North 
Atlantic. It is not widely used and more information can be obtained from 
[70]. The general form of these two parameter spectral models can be 
expressed by:
A is dependent on a> and the area under this energy spectrum corresponds 
to (H s2 /16) irrespective of the values of the parameter A and the type of 
the characteristic period chosen for (b. Table 2.2 shows the values of the 
parameters A, a> and the relationships between d> and other statistical wave 
frequencies for the various two-parameter spectral models.
The JONSWAP spectrum (1973) (Joint North Sea Wave Project) was 
developed by Hasselman et al [72, 73] and is expressed by a modified P-M 
formulation to account for the wide-bandedness of developing seas. It is
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therefore fetch and duration dependent and is usually considered as a two 
parameter spectrum in terms of y and co0, with the remaining three 
parameters fixed. There are, however, two difficulties in applying this 
spectrum. The first is that the peakedness of the spectrum, y, varies even 
for a constant wind speed depending on the duration of the wind and the 
stage of growth/decay of the storm thus following a normal distribution of 
mean value of 3.3 and standard deviation of 0.79. To account for this 
variation Ochi suggested the use of a family of JONSWAP spectra for five 
different values of y between 1.75 and 4.85 along with their weighting 
factors based on their probability density spectrum. The response will be 
calculated for each spectrum of the family and the derived response 
amplitude calculated by averaging the individual responses and their 
appropriate weighting factors.
The second difficulty is that, in a design case, it is the significant wave 
height and average period that are given and not the two spectral 
parameters y and coG (or T0). No accurate closed form relationship between 
them is available except the following parametric expressions, as proposed 
by Goda in 1979 [61]:
Hs = (0.11661+0.01581y -0 .00065y 2) T02 and 
T0 = (1.49+0.102y-0.0142y 2 -0.00079Y3) Tz
where Tz is the zero up-crossing period. For y=l the JONSWAP spectrum is 
equivalent to the P-M spectrum.
The Ochi-Hubble Spectrum (1976) [74, 75] accounts for the cases when swell 
(low frequency) co-exists with wind generated waves (high frequency) and 
hence double peaks (Fig. 2.10) are observed in a wave energy distribution. 
The various spectral shapes (degree of sharpness of the spectrum peak) are 
accommodated by a six parameter spectrum model consisting of a part for 
the lower and a part for the higher frequency components. This spectrum 
best expresses the sea conditions in the North Atlantic region and accounts 
for differences in wind duration, growth and decay-stage of storm and 
existence of swell, even if the significant wave heights remain unaltered. To 
cover a variety of stages of the sea, a family of spectra is used consisting of a 
number of spectra for each (of several) significant wave heights and each of 
these spectra has the same energy content but different shapes. There are 11 
variations of spectra corresponding to any single significant wave height
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where one of those spectra acquires 50% probability of occurrence (most 
probable) and the rest possesses 5% probability of occurrence each (0.95 
confidence coefficient) (Table 2.3 and Figure 2.11). In a response analysis 
each one of the spectra belonging to the family is used and the worst 
response chosen. The product of the confidence coefficient times the 
probability of occurrence of the specific significant wave height representing 
the family of spectra determines the weighting factor.
In conclusion, it may be said that the P-M spectrum is the most widely used 
despite the fact that the waves of importance are never those in the fully 
developed sea condition which this spectrum represents. Furthermore, the 
Bretschneider spectrum is mostly used in the Gulf of Mexico as opposed to 
the JONSWAP model (y=3.3) being used in the North Sea to represent a 
design storm wave. The P-M and JONSWAP spectra are based on wind 
speeds measured at 19.5m, while the Bretschneider and ISSC wind speeds 
are measured in the 0-10m range. The Ochi spectrum presents the 
advantage that it accounts for the presence of swell on wind generated seas 
and is attractive, although there is no wave spectral model available which 
is applicable to all sea conditions in all parts of the world. A review of the 
various spectral formulations was carried out by Ochi and Bales in [76].
2.2.3 Directional Spectra and Frequency of Encounter Correction
All of the aforementioned wave energy models are based on the 
assumption of long-crested waves (except for the JONSWAP spectrum) 
suggesting one-dimensional spectra. In reality, there exist frequencies of 
component waves travelling at an angle 0 to the original direction. A more 
complete representation of the seaway would therefore be given by a two- 
dimensional directional spectrum indicating the direction 0 as well as the 
frequencies of the wave components, thus accounting for the more realistic 
case of short-crested waves. The spectrum thus becomes a joint distribution 
spectrum:
S(o),0)=S(co) f (0)
where to and 0 are assumed independent. The spreading function f(0) is 
given by:
f(e)= — cos2(0)TZ
0
(fo r -^ < 0 < ^ )  
2 2
otherwise
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Furthermore, it is the forward speed of any marine vehicle (and especially 
of the fast marine vehicles) that affects the frequency of its encounter with 
the waves and therefore influences the added mass, damping coefficients 
and hence its response to external wave loading. In a spectral approach the 
changes are accommodated by transforming the wave spectrum from an 
absolute wave frequency spectrum to a frequency of encounter one, thus 
accounting for the varying ship headings and ship speeds. Short-crestedness 
should already have been considered in the spectrum type chosen, or by use 
of the spreading function. In this transformation, the total energy of the 
original spectrum remains unaltered. The frequency of encounter is thus 
obtained by the following formulation:
co 2 Vcoe = cow----- -—  cos0 where V is the ship speed
g
cow is the wave frequency
0 is the heading angle
This formula provides the abscissa value for the transform ed wave 
spectrum, while the ordinate values S(coe) are given by:
S(o),) = S(cO 1
^ l- (4 c o e V/g)cos0
The change in the ordinate value is necessary so that the total area (and 
hence energy content) will be the same under the encountering wave 
spectrum as under the original wave spectrum.
2.3 Long-Term Statistics and Response
Wave spectra are only applicable for short term wave records whose surface 
is assumed to be a stationary, Gaussian process. However, the prediction of 
the characteristics of long-term extreme values deals with the occurrence of 
rare events which cannot be described by a normal distribution because, in a 
long-term description of the sea, the significant wave height and zero up- 
crossing period will vary, and are by no means stationary processes. Hence, 
the definition of a long term distribution for extreme value environmental 
statistics (wave height, wind speed, etc.) over the lifetime of the vessel (20 
years usually) is required.
To construct a long term prediction of the joint frequency (over the vessel's
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lifetime) a large number of short term wave records/ship responses (usually 
of 3-6 hour duration), each described by a pair of Hs and Tz (or maximum 
values of wave height or response) values, are obtained and their 
distributions (or frequency of occurrence) over the lifetime of the vessel 
established. Assuming them to be independent random variables their joint 
distribution is obtained by multiplication of their individual distributions 
resulting in a 3-D surface. If the response of the vessel is dependent on other 
additional parameters, such as the distribution of the ship heading, ship 
speed, etc., which is normally the case, then a multi-dimensional probability 
distribution results presenting all the possible combinations of the 
individual parameters. In any case, the resulting multi-dimensional 
spectrum is the input spectrum in a long-term response analysis.
A more helpful way to present the distributions and data is by a scatter 
diagram in which the frequency of occurrence (in the lifetime of the vessel) 
of every combination of significant wave height and zero up-crossing 
frequency relates to a short term sea condition for the geographical area to 
which the scatter diagram corresponds. Scatter diagrams for various sea 
locations worldwide are generally available from national and international 
Hydrographic Services.
The main aim of long-term wave or response analyses is to predict the 
largest value of the wave height or response for a given probability of this 
largest value being exceeded. Two methods are available: the Design Sea 
Load Method and the Lifetime Weighted Sea Method which are now briefly 
presented.
2.3.1 The Design Sea Load Method
This method first calculates the most probable extreme sea state (in terms of 
significant wave height) corresponding to the ship's lifetime and then 
calculates the ship's response to this extreme sea state. A set of other sea 
states (identified by a significant wave height Hs) is also selected and the 
responses to these calculated. For each of these sea states the response is 
calculated for every other combination of environmental parameters (i.e. 
spectrum family, speed, heading) and out of these responses the largest is 
kept as representative of the sea state under consideration. A plot of H9 
versus response amplitude can thus be drawn (Fig. 2.12). To account for the 
higher frequency of the presence of seastates of lesser severity than the most
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probable extreme sea state (say k times more frequent) then the risk 
parameter a  for each seastate is divided by k to keep the true total risk at the 
same value for all seastates. k is defined as the ratio of the number of 
observed wave peaks corresponding to the most probable extreme 
significant wave height to the number of observed wave peaks for the 
seastate of lesser severity which is under consideration under any instant. 
The extreme value of response (characteristic value), Rc, for which there is 
a probability a  of being exceeded is given by:
where T is the operational lifetime in hours. Obviously this approach does 
not lend itself to any serious fatigue damage estimation as it neglects all the 
load conditions linked to every significant wave height other than that 
specific combination of heading, frequency and speed that results in the 
highest response level. The next method is the one most suitable for fatigue 
analysis.
2.3.2 The Lifetime Weighted Sea Method
This method views the total lifetime response of the ship as the sum of a 
series of short-term responses appropriately weighted to account for the 
relative amount of exposure to the various levels of sea severity.
In fact, the probability of the ship operating in a particular m ode/seastate 
(identified by a particular seastate, ship speed and heading and frequency of 
the particular short term wave spectrum) would be expressed by the product 
of the probability of it being in the specific range of wave heights, times the 
probability of operating in the specific speed range, times the probability of 
having the specific range of headings, times the probability of occurrence of 
the specific wave spectrum employed. Therefore, the time spent in a specific 
operation mode is expressed by the product of the probability of the vessel 
being in that mode times the total operating life at sea of that ship.
It may generally be assumed that all headings are equally probable, whereas 
the speed probability for SWATHs can be approximated from the data of 
monohull ships, as proposed by Sikora et al [17] and listed below. The sum
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of all of the incremental mode probabilities must be one.
Displacement <10,000 ton >10,000 ton
wave height (m) 0.5 
ship speed (knots)
6-10 >10 0.5 6-10 >10
0-10 0.25 0.1 0.6 0.05 0.05 0.4
10-20 0.6 0.8 0.4 0.65 0.85 0.6
>20 0.15 0.1 0.0 0.3 0.1 0.0
In mathematical terms, the probability density function of peak values of 
response for the ship's lifetime pL(R) is a weighted sum of the various 
probability density functions over the ship's lifetime for the peak values of 
short-term response. These pdfs ps_t(A).jkl, are obtained for each of the 
combination of a sea state, ship heading, ship speed and short-term wave 
spectrum type. The four weighting factors (probabilities) account for the 
relative frequency of a particular combination of these conditions:
P l ( r )  = _lJ_JlJ--------------------------------  where N =
IZZXRf.MA
i j k 1
is the average number of responses per second for every individual short 
term response considered and Tz is the zero up-crossing period. ft are the 
weighting factors (probabilities) for the sea state, the wave spectrum of the 
family, the heading and ship speed. Parameter A corresponds to the 
quantity (the random process investigated like, for example, the most 
probable extreme response value in the short-term, the extreme wave 
height, the significant wave height etc.).
Once the lifetime probability density function, p L(R), has been established, 
the characteristic (or the most probable-as required) extreme value of 
response is estimated. Based on extreme value analysis, the cumulative 
distribution of peak values, PL(R), over the ship's lifetime is:
1 I 1 
27c V m0 Tz
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1
f
\  i i k 1
SSZSNfjf j  fkfj xTx365 x 24 x 3600
where R is the probable extreme value of response, N L is the total number 
of responses expected in the lifetime of the ship, l/N L is the probability of 
exceedence of the extreme value (once in N L cycles-once in a lifetime), T is 
is therefore the return period in years. If the probability distribution 
function PL(R) is known then, from the above equation, the T  year wave 
response' is obtained.
To avoid this time consuming and computationally exhaustive general 
method, the Log-normal, Weibull, Gumbel and the Fisher Tippett II 
distributions may be used as the probability density function of peak values 
of response for the ship’s lifetime pL(R). The body of available long-term 
wave data was found to fit a log-normal distribution quite well with some 
deviation at the tails. Weibull distributions are also being used widely (in 
the more special form of the Rayleigh distribution), but Ochi [81] claims that 
they underestimate the return values. The Gumbel distribution has been 
found to fit deep-water data around the U.K. very well, while the Weibull 
distributions are expected to fit shallow water data, but this has not been 
verified with the available measurements [82]. Appendix 1 of [82] presents 
all the required parameter relationships for each of the ten distributions 
mentioned earlier.
2.4 Load Prediction Methods Applicable to Fatigue Design
Static strength design of ships generally concentrates on the maximum 
expected load that must be withstood by the structure during its operational 
lifetime. The fatigue damage of marine structures, however, is a 
cumulative phenomenon whose occurrence and extent depends on all 
frequencies and amplitudes of wave loads (large or small) encountered 
during the ship 's lifetime. Although the main statistical aspects of 
maximum lifetime load estimation still apply, fatigue design takes a more 
detailed and 'continuous' view of the wave loading effects on the structure. 
The types of loads that are of interest to fatigue design are those that are of 
cyclic nature. The four main categories of fatigue loading are:
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• low frequency wave induced
• high frequency (dynamic
• still water
• thermal.
The low frequency wave induced loads are of irregular nature and their 
occurrence and magnitude greatly depend on the ship speed, ship heading, 
and sea conditions. The high frequency, dynamic loading, is of no 
significance if accounted separately (large number of load cycles but of quite 
small amplitude), but it becomes important once it is superimposed on the 
low frequency loading. At that instance the maximum stress range 
amplitude is raised. High frequency loading can either be transient loading 
(due to slamming and consecutive hull whipping) or steady-state loading 
(induced by machinery), or both.
Still water loading is introduced by the pressure/structural weight 
differential which might be present in the structure. For fast monohull 
ships additional bending (in the longitudinal direction) may be experienced 
due to their operating in their own wave pattern. Thermal stresses are 
introduced by the temperature differentials in the atmosphere and water.
The last two stresses are of no great importance as their frequency of 
occurrence is quite low and their magnitudes are generally controlled by 
static strength considerations. The former two are of greater importance 
since their am plitude and cyclic occurrence can be relatively high 
(107 —108,106 respectively). Nibbering [83] has developed a complete fatigue 
design method for monohulls, accounting for the effects of all the 
aforementioned stresses by 'correcting' the wave-induced cumulative 
distribution diagram for slamming effects and effects of corrosion. 
According to Munse et al [84], Nibbering's fatigue loading curves can be 
approximated by an exponential distribution (Weibull distribution with 
= 1). References [17, 85] contain detailed information on the application of 
the method to monohulls. Furthermore, model tests have identified that 
whipping stresses in SWATH ships are negligible and can thus be neglected 
[17] in a fatigue analysis.
Fatigue design of ship structures subjected to variable amplitude loading 
may be carried out either by the use of S-N curves in conjunction with an 
appropriate damage accumulation rule, or by use of fracture mechanics. By
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using Miner's rule and the standard S-N expression the cumulative damage 
D is derived:
D = Nr j Sm p(S) dS = —  E(S” )
A o A
where E(Sm) is the expected extreme value of Sm and N T is the total 
number of cycles encountered during the ship's lifetime. It is an expression 
that can be used for both stationary and non-stationary processes [86]. The 
expression for E(sm) depends on the type of distribution assumed for the 
load and generally the method used for fatigue design. A summary of these 
distributions and the corresponding expressions for E[sm] is given in the 
following Table:
Distribution E[Sm]
Beta
Lognormal
Rayleigh
W eibull
c m  F (q + r) r  (m + q) 
m“ Lr (q) r (m + q + r)
(E[S])m (1 + V,2)m<m' ,,/2 
(2V2 a s)m r  (l + m/2) 
r  r(i+m/0
In this Table, os and V9 represent the standard deviation and COV of the 
individual stress range distributions. The scale parameter X and the shape 
parameter \  of the Weibull distribution are defined in the next paragraph, 
q, r are the parameters of the beta distribution identified by:
m = a + —7 — (b -  a) and < ^= ------------------- 7r(b _ a )2
q + r (q + r) (q + r + l)
where px, a x, a, b, are the mean, the standard deviation and the minimum 
and maximum limits bounding the distribution.
The modelling of the non-stationary long term seaway stress random  
process and consequent fatigue load determination can be carried out in two
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ways. One is based on the Lifetime Weighted Sea Method, based on the 
detailed summation of the contributions to fatigue damage of the 
individual short-term sea states encountered over the ship 's lifetime, 
accounting for heading and speed effects. The second is a simplified 
approach based on the assumption of a long term distribution of the peak 
stress range values.
The Lifetime Weighted Sea Approach: In short term response, where the 
stress is a stationary narrow-band Gaussian process, the stress range follows 
a Rayleigh distribution [86,101] and therefore:
where a m is the rms value of S. The stress range distributions will already 
include heading and speed effects (para. 2.2.3). In long-term response, Ns sea 
states (stationary short term Rayleigh processes) may be assumed to be 
encountered by the structure, each of the seastates being characterised by its 
own (H9,fz). Assuming that T is the ship's operational lifetime (or the time 
over which the fatigue damage is calculated), ND is the number of wave 
directions, ty is fraction of time spent in the ith seastate and jth direction 
then the cumulative damage in the structure is given by:
More details on the method may be obtained in paragraph 2.3.2. The 
corrections for wide band load process and for endurance limit 
considerations (para. 2.4.1) are essential. Three long term seastate 
distributions in the form of scatter diagrams have also been put forward by 
RINA, ISSC-88 and GL/IACS for the North Atlantic and are presented in
The Simplified Method, as proposed by Munse et al [95], considers a two- 
parameter Weibull distribution for the description of the long-term stress- 
range distribution although ignoring sequence effects. It was found to 
provide a good fit for the responses in ships and in buoyant offshore 
platforms, such as semi-submersibles and TLPs [91, 92]. According to the 
Weibull model the probability density function for the long term (lifetime)
[86].
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extreme values of the stress range, S, is [91]:
p (s ) -if®'
S-i
"  f S'
s'
exp _ U J
where X is a scale parameter and £ is the shape parameter (Fig. 2.13). It 
should be remembered that this expression stems from a narrow band 
process assumption. The shape parameter £ is a function of the type of 
structure and its dynamic characteristics as well as the location of its 
operation [5, 92, 93]. Values for £ may be summarised as follows:
• For small and fast cargo ships operating
in the northern or southern seas [84, 94, 95] 1<£< 1-35
• For slow ships in equatorial waters [94]
(e.g. large tankers and bulk carriers) 0.7<£< 1.0
• For shallow water fixed platforms
in the Gulf of Mexico [94] £=0.5
• For template platforms outside the Gulf of
Mexico without dynamic amplification [96] 0.5<£<0.7
• For deep water platforms in hostile
environments (e.g. North Sea) having £>1.0,£«1.4
significant dynamic response [94]
• For semi-submersibles and
gravity platforms [96] £=1.0
The expected extreme stress range, Se, occurring once in a lifetime of N T 
wave encounters (or stress reversals) is given relative to the scale parameter 
X by (probability of stress range Se exceedence is 1/ NT):
VSSe = \ ( ln  N t )
or vice versa, if the required once in a lifetime stress range, Se, is originally 
known, then the value of the scale parameter, X, may be obtained. By
134
appropriate integration of Miner's rule the damage ratio for a Weibull long­
term stress distribution is given by:
(lnN T)' "A
(  ^
^ + 1 <=> S =
y
AD
N t
/  \  
^ + 1
1/m
y.
(In N t )V5
thus permitting the identification of the maximum allowable extreme stress 
range for any required level of acceptable damage of the ship's lifetime, N T. 
The strength of the joint is represented in the expression above by A, m. 
The parameter A will normally carry the level of safety that will be required 
and values are generally given for it representing the strength curves 
through the mean (good for probabilistic analyses) and the minus 1 and 
minus 2 standard deviations through the experimental data.
This procedure is used by most m arine design codes and is also 
recommended by Moan [97], Faulkner [92], Nordenstrom (DNV) [98]. It is 
also used in the fatigue design procedure of the Royal Navy monohull and 
SWATH structures [18, 99]. A Weibull distribution has been used to describe 
the distribution of long term stress ranges for offshore structures (Wirshing 
[96]) and for ships (Munse [84,95]).
2.4.1 Correction for Wide Band Load Processes and Endurance Limit
When a process is wide band, cycle counting becomes complex and 
especially developed cycle counting methods have to be used. A description 
of the available methods is presented in [103,104]. The most popular are the 
'rainflow' method put forward by Matsuishi and Endo [105] and the 
"ordered range" method of Nelson and Fucks [106]:
• The rainflow method identifies events in a complex strain sequence 
which are compatible with constant amplitude fatigue data. It is 
further able to identify stress range cycles associated with low 
frequency components and the mean stress associated with each cycle.
• The ordered range method (reservoir method) has the advantage of 
retaining the sequence of loading (useful for crack propagation 
analyses) and filtering out low level stress ranges causing negligible 
fatigue damage.
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Appendix II of [103] describes the application of these two methods in detail. 
According to Dowling [104] the rainflow method leads to better prediction of 
fatigue life.
Wirshing and Light [107] have developed a prediction method for high cycle 
fatigue damage under wide band Gaussian stresses based on the rainflow 
method. The transformation algorithm is:
X(e,m) = a + ( l - a ) ( l - e ) \  a =  0.926-0.033 m, and b =  1.587m-2.323
For typical offshore structures, the spectral width parameter e>0.5 and 
hence X~  0.79 for m=4.38 and X ~ 0.86 for m=3 [94]. This correction is 
useful when attempting to fit an equivalent Weibull (narrow band) model 
to wide band long-term wave distributions.
An additional correction is usually required to account for the effect of two 
segment fatigue strength curves (i.e. the effect of accounting for endurance 
limits) on fatigue damage. The results of an unpublished study into this 
question were presented by Wirshing and Chen in [96] and may be 
summarised by Figure 2.14a and 2.14b for the cases of the UK DEn-T curve 
and the API-X curve respectively. The long term distribution of stress 
ranges is Weibull. The reduction in fatigue damage for a two-linear curve is 
clear, the reduction becoming smaller for increasing shape parameters. This 
is more notable for high stress ranges. An expression for the fatigue damage 
reduction coefficient CL(m,S0/o s) is provided in [96], resulting in:
where SG is the endurance limit and a s is the rms of S. Neglect of the 
endurance limit effects on fatigue damage will certainly simplify the 
solution and will lead to conservative results.
2.4.2 The US Navy Approach to Fatigue Design
E(smL d = M e ' m ) E(s " )  w h e re
The US Navy approach to fatigue design of SWATH vessels represents an 
extension to this ship concept of the already existing method for monohull
fatigue design [17]. It uses the Lifetime Weighted Sea method for estimation 
of maximum load response (para. 2.3.2). The wave spectrum characterising 
the short-term sea conditions is taken by Sikora et al [17] as Ochi's [76] six- 
parameter family of spectra:
where is the gamma function, X is a sharpness parameter, Hs is the
wave height. Furthermore, cois the wave frequency (rad/sec), com is a modal 
frequency parameter and j takes the values of 1, 2 for lower and higher 
frequency components.
Ochi's family was chosen as it accounts for high frequency rising seas 
without being over-conservative and was originally developed from North 
Atlantic wave data [85], a very harsh environment. The values of the six 
parameters as a function of the wave height are presented in Table 2.3. The 
method assumes that the individual short-term response functions are 
narrow banded and can be described by Rayleigh distributions.
Model tests have identified that whipping stresses on SWATH ships are 
negligible and are hence neglected by the design procedure [17]. The 
reduction in the magnitude of responses with increasing ship speed and 
heading angle different from those corresponding to beam seas is neglected. 
The RAO values were experimentally found to be 85% of those in beam seas 
for the cases of bow and quartering seas (55% for tandem struts). The 
responses in head and following seas can be neglected. Although RAOs are 
taken as not affected by ship speed, it is the ship speed, heading and wave 
frequency that determine the number of cycles the ship will experience and 
is accounted for in the speed probability. The heading probability will be 
characteristic to the route of the individual design, and the design method 
considers that all ship headings are equally probable. Hence, beam seas, bow 
seas and quartering seas are each being taken to exist 25% of the time, while 
head and following seas would comprise the remaining 25%. Suitable speed 
probabilities which may be considered by the designer are presented in 
paragraph 2.3.2. The probability that a ship would maintain a given speed is 
a function of ship size and wave height.
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Based on the formulation predicting the single maximum lifetime 
amplitude side force (as derived by Sikora and Dinsenbacher - para. 2.1.3.1), 
Sikora recommends [15, 17] the following algorithm for constructing a 
SWATH fatigue load spectrum of side force per displacement versus the 
common logarithm of the exceedence cycles N:
F/A = T D L (l.O -  0.9 log10(N) d '1 b’1)
where
d = 1.0034 -  0.0013 tanh (0.001 A)
bT =7.085-0.017 C for single strut SWATHs
b2 = 6.919 -0.017 C for tandem strut SWATHs
C is the waterline hull separation (ft) per cube root of displacement (ton). 
This formulation permits both the size and configuration of the vessel to 
affect the expected lifetime fatigue stress spectra.
The local SCFs should be evaluated either analytically or experimentally for 
each individual detail. Control over the value of SCF can be obtained by 
incorporating geometrical radii, insert plate inclusion, smooth thickness 
transitions and location of welds away from local geometry changes.
The method uses the standard S-N curve characteristics for the joint in 
question, supported by a Goodman plot correction for stress loading when 
not fully reversed. In addition, the prediction of fatigue life under variable 
amplitude loads is carried out by use of Miner's linear cumulative fatigue 
damage rule.
In the absence of S-N tests in saltwater for the material and joint of interest, 
Sikora et al [17] recommend biasing the expected fatigue lives 60% towards 
in-air performance. This is because, despite the fact that sea vessels, and 
hence SWATHs, operate in a saltw ater environm ent, the actual 
environment experienced by the various joints will be somewhere between 
saltwater and air due to coatings and routine maintenance.
2.4.3 The Royal Navy Approach to Fatigue Design
The Royal Navy's approach to fatigue design of SWATH ships employs 
similar criteria to those for their monohull fatigue design [99]. The wave 
induced loading estimation approach used is based on the extrapolation of
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four hour data measurements on warships [110]. The method is based on 
the standard fatigue S-N curves derived for steel joints by the Welding 
Institute and incorporated into the design codes for Steel Bridges [111] and 
Offshore Structures [112]. The S-N curves used are those two standard 
deviations below the mean curve providing a probability of fatigue 
initiation/failure of 2.3% [99], hence, no safety factor is necessary. No 
allowance is made for an endurance limit at a high cycle number or for 
residual stress effects.
The Simplified Fatigue Design Method is used. The extreme load long term 
distribution is expressed by a two parameter Weibull distribution with 
shape parameter £ = 1 (exponential distribution). Cumulative fatigue 
damage is accounted for by Miner's Rule with a damage factor D = A = 1 at 
failure. Hence the maximum allowable extreme stress range is given by:
S „= [A A /n„r(m /^  + l ) f  (inn.)*
where A is the acceptable damage ratio. Variability in the fatigue life 
estimation of the joint is accounted for via A in Sm N = A corresponding to 
the mean minus two standard deviations curve. The design stress value is 
taken to correspond to a probability of exceedence a  of 0.01 in the ship's life 
and therefore for £ = 1 (exponential distribution) the allowable design stress 
Sd is [99]:
f  A
S. =21.82 nor(m +1)
where r(m + l)=m! for integer values of m and nG is the assumed 
operational lifetime of the vessel in cycles (in this case assumed equal to 3 
109 and hence lnnQ= 21.82). Slam induced whipping effects are not 
considered to be important and are neglected.
The possibility of a major contribution to the fatigue damage from the small 
number of very high stress cycles has been investigated by Clarke [99] who 
concluded that such a contribution is small and the damage occurring by 
stresses up to 104 cycles may thus be neglected.
139
2.5 Secondary Loads Due to Slamming Pressures
Slamming impact, the most important of the secondary loads on a SWATH 
structure, has long been recognised as one of the major sources of ship 
structural damage resulting from operation in rough seas. It governs the 
structural design locally and has thus been the subject of a large number of 
experimental investigations and theoretical modelling studies. Alleviation 
of the level of pressure magnitudes due to the slamming phenomenon has 
been shown over the years to be possible via the introduction of an 'angle of 
entry' of the structure to the water. Hence, the introduction of a ramp angle 
will reduce the severity of wet-deck slamming in the wet decks of SWATH 
ships. Therefore, the study of different impact angles may lead to a decision 
as to which is the most efficient ramp angle value for implementation in 
SWATH ships.
The prediction methods for slamming loads can be theoretical, empirical or 
experimental. The theoretical methods predict impact pressures on the wet 
deck using models determining the relative motions of SWATHs in waves. 
Such a 3-D motion prediction program developed by Chan [47] has been 
modified (by Chan) to include slamming theory as part of a more thorough 
investigation into the structural response of the wet-deck structure of 
SWATH ships to slamming loads carried out at Glasgow University [114]. In 
addition, Price et al [36, 43] have presented a linear three-dimensional 
dynamic analysis of the problem for monohulls and SWATH ships, 
including the effects of hull elasticity.
t
Spectral probabilistic estimates of cross-structure impact pressures and loads 
can also be made by considering the distributions of the amplitudes of the 
irregular SWATH motions estimated for various headings and ship speeds. 
Ochi and M otter's [115, 116] method can be adapted to estimate the 
probability of occurrence of cross-structure impact or the expected number 
of impacts per unit time. This procedure is demonstrated for a 2,500 ton 
SWATH in [31].
Sikora et al in [15], based on histograms of results obtained from slamming 
impact model tests, presented the cumulative probability of exceedence 
distributions of pressure to be of the form:
P(p) = 1 -  exp (-1.4 p /V I)
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where P(p) is the cumulative probability of exceeding pressure p, VE is the 
rms value of pressure and 1.4 is a coefficient determined from a linear 
regression of the linearised data distribution. Assuming that the pressure 
magnitude is directly proportional to the square of the relative velocity u 
then the impact pressure distribution can also be described by a Rayleigh 
distribution and the above expression becomes
P(d) = 1 -  exp (-K  d2/V E)
Hence, the maximum lifetime expected impact pressure is given by:
P»ux = L4 VE In (N/a)
where N is the total number of impacts during the life of the ship and is 
given by the product of the frequency of impacts, times the ship expected 
time at sea, times the probabilities of the ship being in the headings, speeds 
and wave heights at which slamming is considered a possibility, a  is a risk 
factor to account for the effect the specific component failure has on the 
structural integrity and seaworthiness (the risk factor can be seen as 
increasing the number of impacts N). Sikora et al have used the following a  
values as representative in the design of T-AGOS 19:
• for plate dishing 0.37
• for stiffener tripping 0.01
• for girder design 0.0001
Peak impact pressures can also be estimated from empirical relationships 
obtained from drop tests with 2-D and 3-D models and calculated from time 
histories of the impact pressure distribution, including the extent of the 
impact area. Comparison between drop test results and seakeeping model 
test results shows the theoretical predictions to be conservative [2].
Despite the need for well calibrated SWATH slamming pressure data, only 
four institutions [15,117 118,119] have attempted to generate slamming data 
based on SWATH model tests. However, the accumulated data remains 
inadequate to formulate an acceptable approach to predict slamming 
pressures which can be readily adopted for design. Hence, additional 
slamming data were obtained from two series of drop tests (para. 2.5.2, 2.5.3).
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2.5.1 Earlier Investigations
The first to seriously tackle the problem of hydrodynamic impact was von 
Karman in 1929 [120] with his work on seaplane floater impacts with water 
during landing. He was the first to introduce the concept of "added apparent 
mass" thus accounting for the effect of the water being set in motion.
This work was followed up by Wagner [121] who provided a correction to 
von Karman's formula representing the virtual mass to account for the 
effect of deadrise (water spray during impact increase the wetted width and 
apparent mass originally considered). More recently, Payne in 1981 [138] 
provided a more detailed description of Wagner's 'splash-up' distance. In 
fact he suggested that the stagnation line is at some fixed fraction r\ of the 
'splash-up' distance, and proposed the expression presented in paragraph
2.5.3 for the stagnation line velocity at an impact angle 0. Both of these 
analyses were of two-dimensional nature.
Although both of these theories are invalid for a body of zero deadrise angle 
by predicting an infinite pressure for this case, they and their virtual mass 
concept were still in use until 1966. Earlier, Egorov [124] and Ogilvie [125] 
presented theories predicting pressures developed during flat body impact 
on a compressible fluid. Ogilvie's theory provides explicit predictions of the 
pressure as a function of time, assuming water compressibility. Full scale 
tests on USCGC Unimak [126] and other ships demonstrated that the 
recorded pressures were considerably lower than those predicted by Ogilvie, 
lasting also for much longer periods of time. The effect of elasticity of the 
construction on slamming pressures was studied by Sharov [127] who 
concluded that the magnitude of the initial pressure pulse is equal to the 
acoustic pressure (shock waves travelling at the speed of sound) and is 
independent of the elastic properties of the construction.
It was in 1966 that Chuang [128] dictated, through experimental studies of 
simulated two-dimensional flat bottom slamming, that the maximum 
pressure at impact was much less than the hydrodynamic impact pressures 
predicted by Wagner's theory and also not as high as the acoustic pressure of 
water suggested by von Karman (10 times smaller) and Sharov. This 
observation was attributed to the cushioning effect of the trapped 
compressible air in the layer between the falling body and the water surface. 
In addition, the peak pressure was found to be evenly distributed over the
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flat surface at initial impact, while its maximum value when the model was 
dropped on calm water was not greatly different from the case of drops on 
rippled water. Based on Chuang's results, Verhagen [129], Johnson [130], and 
Lewison and Maclean [131], concluded that there is no acoustic pressure, as 
suggested by von Karman and Ogilvie [125], and that the maximum impact 
pressure occurred in the layer of air trapped between the body and the free 
surface. Specifically, in 1967 Verhagen [129] investigated theoretically the 
impact phenomenon assuming an infinitely long plate dropping vertically 
on the water surface. He assumed that, as the plate falls, air between the 
plate and the free surface flows one-dimensionally from the centre to the 
edge of the plate. Impact was assumed to occur when the deformed free 
surface of the water touched the edge of the plate. At this instant he found 
that the air velocity at the edge of the plate was very near to the value of the 
acoustic velocity. The defining equations were solved numerically. 
However, Verhagen's theory is applicable only to relatively light models 
and not to full-scale ships whose inertia is very large. In 1967 Chuang [132], 
following an experimental study, proposed a set of design equations aiming 
at predicting the magnitude of the impact pressure on wedge with deadrise 
angles up to 18°:
p = BVn
where B and n are arbitrary constants and n has a limit of 1 < n < 2. The 
results revealed that the peak pressures measured away from the keel are 
larger (approximately twice) than those at the keel, except for the 1-degree 
deadrise where the magnitude was on average the same. With respect to the 
pressures away from the keel, Wagner's predictions were found to be too 
conservative for low deadrise angles but came more in line with the 
experimental data with increased deadrise angles.
In 1968, Johnson [130] theoretically examined the case of two-dimensional 
flow of air between the falling rigid block and a rigid, flat, infinite water 
surface. Even though he did not extend his solution to the point of impact 
he concluded that, in order to match the theoretical and experimental 
results, the deformation of the water free surface had to be taken into 
account. Johnson's calculations also demonstrated that the velocity of the 
falling body is almost constant during the time the air acts compressibly. 
The same year Lewison and Maclean [131] investigated experimentally the 
impact between a rigid flat plate and the free surface of water. The pressure
143
distributions along the centreline of the plate (two-dimensional flow) was 
found relatively uniform, while more distinct variations were observed 
along the transverse mid-section of the model (Fig. 2.15). The peak pressure 
distribution in the latter case reaches its maximum at the centre and 
decreases towards the edges. In view of the variation in impact pressures for 
different drop heights it was observed that the peak pressure increased 
linearly with the increasing of drop height and therefore with the square of 
impact velocity.
In a second experimental programme Lewison conducted a further study on 
slamming to explore the mechanism for reducing slamming impact on 
seagoing ships [133]. Two sets of experiments were described. In the first, 
pressure measurements on a flat plate were made on a large vertical drop 
test machine where it was shown that the end flanges would sharply reduce 
the peak pressures because they would encourage air entrapment (Fig. 2.16). 
The second set of experiments was on a small scale "Mariner” model in 
head seas which showed that the slamming pressures under the forepeak 
could be sharply reduced if the air cushion was artificially reinforced.
In 1970, Chuang [134] published further extensive work on the impact of 
rigid and elastic bodies with water, confirming his previous calculations. 
When comparing a rigid and a flexible bottom structure he found that the 
pressure time pulses on the flexible bottom were more highly irregular. 
Measurements on the magnitude of peak impact pressures showed that, in 
lower drop heights (6 and 8 ft) the flexible model experienced a local 
pressure of approximately 25% larger than that of a rigid model, whereas for 
a 25 ft drop height the pressure was lower, i.e. only about 70% of that 
measured on the rigid model. Comparison of a flat-bottomed model and a 
10 degree deadrise angle model of similar size showed that the latter 
produces higher local plating pressures and stresses when dropped from the 
same height.
In 1989, Ando [135] demonstrated that an elastomeric layer of optimal 
modulus of elasticity could significantly reduce the slamming forces on flat 
bottoms falling vertically on a water surface. However, such a layer was 
found to slightly increase the maximum impact forces (relative to rigid 
bottom impact) when applied to wedge-shaped bottoms due to the 
cancellation of the cushioning effect by the concave deformation of the 
elastomeric layers under the action of the compressed air pressure.
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However, this increase of impact pressure becomes negligible with 
increasing deadrise angles.
One of the latest research programmes organised by DnV was the 
investigation of structural response of fast craft due to slamming loads [136, 
137] by performing a series of drop tests on stiffened aluminium and GRP 
models. The experimental data have been compared with Wagner's [121] 
and Payne's [138] theoretical approaches. The latter was found to give much 
better agreement than the former for a 28.8° effective slamming angle. A 
study into the effects of model flexibility on the maximum impact pressure 
was rather inconclusive as the presumption that the more flexible structure 
will induce smaller impact pressures was not proven. On the contrary, the 
difference was found to be small. The importance of comparing values of 
pressure integrated over a given area (as is [139]) or a given period of time 
was stresses, because the pressure peaks are so short in duration that they 
can have little role to play in the panel response.
A rigorous analysis on the existing impact load data from various model 
tests was carried out by Sellars in 1976 [140] and resulted in a closed form 
solution for the pressure load. The inclusion of liquid-gas mixture 
parameters in the formulation allowed for the effects of entrapped air in 
reducing the maximum slamming pressure. However, it was found to 
result in conservative predictions when compared w ith full scale 
measurements. In the same year, Stavovy and Chuang [141], refining the 
assumptions made in previous years by Chuang, proposed an analytical 
method for determining the wave impact slamming pressures and 
presented slamming pressure equations applicable to all types of high speed 
vehicles. Their approach was based on the Wagner wedge theory, the 
Chuang cone impact theory, and experimental results.
The study of slamming pressure loads by Allen and Jones in 1978 [139] was 
based on a theoretical approach combined with experimental data. It 
resulted in a simple formulation allowing structural design-limit pressure 
values and distributions to be predicted on a number of advanced marine 
craft, and is currently the most widely acceptable. It is further claimed that 
the method can be applied even when no extensive knowledge of vehicle 
motion is available, and can therefore be conveniently used in the early 
design stages. Furthermore, simple algorithm to predict the underdeck 
design pressure at the early design stage of SWATHs has also been
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developed by Loscombe [23] based on a parametric study using the methods 
by Sellars [140] and Allen and Jones [139]. Additional formulations on the 
prediction of both peak and design slamming pressures are provided by 
Lloyd's Register (LR) [28], Det Norske Veritas (DNV) [29], the Am erican 
Bureau of Shipping (ABS) [19], and Royal Navy [142]. These expressions are 
presented and reviewed in [31].
Two more recent investigations were carried out at the Department of 
Naval Architecture and Ocean Engineering, University of Glasgow, in an 
attempt to obtain slamming pressure data pertinent to SWATH ships. A 
better understanding was sought for the slamming phenomenon in multi­
hull ships and marine vehicles whose geometry permits the entrapment of 
air between two side structural elements thus reducing the slam pressures 
due to "cushioning" effects. These investigations and their conclusions are 
briefly described in the next paragraph.
Earlier experimental investigations on the slam pressures of SWATH 
models (T-AGOS 19) in the U.S. [143] concluded that the extreme value slam 
pressures vary longitudinally on the wet deck, with maximum value at 
amidships and second highest at the bow. The lowest value occurs at the 
stern. Furthermore, the haunch and strut slam pressures were found to be 
most severe in beam seas and not to vary significantly longitudinally. It is 
useful to note that the inboard strut pressures were found to be 
approximately half the outboard strut lifetime pressure.
Generally, a trade-off exists between the primary side loads and the local 
impact loads on the wet deck because an increase of the wet deck clearance 
(to reduce slam loads) simultaneously increases the bending loads in the 
cross-structure. A superposition of side load and wet deck slamming load 
effects is normally not considered necessary because severe values of each 
would not occur under the same conditions.
2.5.2 The Tolikas/Das Investigation
The first drop test series carried out [144] aimed at generating additional 
slamming pressure data pertinent to SWATH ships, and acted as a pilot 
study towards more detailed experimental and theoretical investigations of
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the slamming phenomenon. A detailed description of the analysis carried 
out and tables of all experimental results are included in [144].
The model used accounted for the specific features of SWATH underdeck 
configuration, such as ramp angle and the presence of the haunches and 
struts. Reference [144] contains detailed descriptions of the model set up, 
geometry, test rig installation (Figs. 2.17, 2.18), as well as details on the 
instrumentation used and its positioning in the model which was designed 
by Djatmiko [31]. The plate thickness was determined based on the 
/  assumption of a panel with edges rigidly clamped and the 3-hinge plastic 
collapse criterion. The vibrational characteristics and the natural frequency 
of the model's rectangular bottom plate assumed all edges to be simply 
supported and were calculated by Djatmiko [31] based on the method 
proposed by Swindell in [145]. Stiffener sizing was based on a uniform 
pressure load and the assumption that the beam is simply supported at both 
ends. A minimum safety factor of 2.0 against yield was set.
Slamming pressures (both peak and post-impact hydrodynamic pressure 
loading) at 16 individual points on the bottom panels and tensile/ 
compressive strains at 6 individual points on the web and flange of the 
largest transverse stiffener were measured. The maximum sampling rate 
was 2000 samples per second per channel over a period of 10 seconds. 
Hence, a sampling period of 0.5 milliseconds was deemed sufficient.
The tests consisted of dropping the model from various elevated positions 
at, and at tilt angles of, 0, 2, 4, 5, 6, 8 and 10 degrees. Since the two bottom 
panels were inclined at 160° to each other there were 14 variations of 
impact angles between 0 and 20 degrees which could be investigated. 
Further, this arrangement allowed two impact angles to be measured 
simultaneously by pressure transducers located on the two faces of the 
bottom plate at each run of the test. The model was tested within the range 
of elastic behaviour. The drop heights were from 0.5 m to 2.5 m in 
increments of 0.5 m while the tilt angle was varied between 0° and 10° (the 
slamming angle thus varying between 0° and 20°). For every drop height 
and drop angle the same test would be repeated 3 to 5 times to limit the 
unavoidable scatter of experimental results. As a consequence, a minimum 
of 3,300 test results were recorded and analysed.
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2.5.2.1 Analysis of Experimental Results
Although for peak pressure value estimation the time range is not 
important, when mean and standard deviation results are sought after, it 
plays an important role in the calculation. The peak pressure time range 
was defined between the points at which the maximum rate of change 
started to occur and ending at the point where reversal of the sign of the 
tangent to the curve occurred. This was the general rule used, but attention 
had to be paid to avoid local maxima (sign reversal caused by noise). Peak 
duration was found to be between the 5 and 10 millisecond bands and very 
rarely outside these limits. The results obtained for every drop height, for 
every angle of inclination, and for every one of their 22 channels were:
• maximum peak pressure value
• minimum pressure value
• average hydrodynamic pressure value
• standard deviation value of hydrodynamic pressure.
Appendices A and B of [144] contain the tables and plots of data obtained 
from all six strain gauges mounted on the transverse stiffener of the flat 
bottom and the pressure transducer data respectively (for the pressure peak 
range of the time history).
For the model considered, and based on the behaviour of strains, it appears 
that the boundary conditions for the stiffeners and plating are more towards 
simply supported than fixed. A more detailed investigation is required to 
identify the degree of rotational restraint imposed on the plate edges. 
Numerical modelling for response simulation would benefit from such 
information.
From observations of pressure transducer data the following apply [144]:
1. Peak pressure values increase linearly with drop height for locations 
both on the centreline and orthogonal to it.
2. A consistent decrease in peak pressure magnitude moving from the 
centreline towards the sides occurs. This decrease is more marked between 
the centreline and mid-width locations, especially for increasing impact 
angles.
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3. The values of peak pressure between mid-width and the sides are 
close to each other, their proximity and similarity in variation with drop 
height increasing with increasing angle of inclination.
4. Peak pressure for all transversely positioned pressure transducers 
occurs at approximately 4° inclinations, irrespective of drop height.
5. For every pressure transducer, as the drop height increases the rate of 
change of peak pressure with increase in while the peak pressure values 
level off after a deadrise of 13° to 15° is attained.
6. Centreline pressure transducers obtain their peak values (for a 
specific drop height) at greater impact angles than the offset pressure 
transducers. This difference in angle, although small, increases with 
increasing drop height.
7. The primary objective of any drop test exercise is to obtain a factor of 
proportionality K relating the slam pressure with the speed at impact, V,
p = KV2
Any attempt in establishing a form factor relating the drop height (or square 
of the impact speed) with pressure should consider that K must be a 
function of the angle of impact, drop height and the location of the 
structural element in question (on the centreline and at points off it).
8. All of the empirical models whose predictions are greatly influenced 
by the angle of inclination (i.e. those for wedge type impacts) demonstrate a 
considerable decrease in predicted values on and around 4° inclinations. It 
is then that they approach realistic (wrt experimental data) values.
9. The models by Sellars [140], Loscombe [23], Stavovy and Chuang [141] 
for 0 degrees condition, have been found to provide very conservative (300- 
400%) predictions for flat bottom slamming peak pressures. Possible implicit 
safety factors may be to blame for such a discrepancy. Only Chuang's [128, 
132] model is close to the experimental data but their deviation increases for 
increasing drop height, the model's predictions remaining in the unsafe 
region relative to the experimental data. Royal Navy's equation is also
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unsafe and provides a lower bound to all theoretical and experimental data. 
This is partly attributed to the inherent safety factor in the formulation. It is 
worth noting that Royal Navy's formulation is independent of drop height 
and inclination.
For values corresponding to "wedge" type drops of various input angles:
10. von Karman [120] provides an upper limit prediction for the side 
pressure values to an angle of 4°. At 4° ABS recommendations [19] for peak 
pressure may provide a less conservative, but safe prediction to a drop 
height of 2m. For larger drop heights von Karman should be preferred.
11. For inclinations of 8° to 18°, Stavovy and Chuang's model [141] 
provides excellent fit (upper limit) to experimental data. At 20° Wagner's 
formula [121,122] may be employed.
12. Correlation of pressure readings with the corresponding strain gauge 
measurements is necessary. This will involve integration of the pressure 
readings over a specified panel area and the resulting force compared with 
the force causing the recorded by the strain gauge readings. This correlation 
will thus enable the identification of an appropriate panel area to be 
considered for preliminary design against slamming pressures.
The complete results of this investigation were reported in [144]. The main 
drawback limiting the usefulness of the data was the inadequate response 
characteristics of the pressure transducers and at times the malfunction of 
the instrumentation system. As a result, the data obtained were useful only 
in a qualitative sense permitting only general behavioural conclusions to be 
drawn.
2.5.3 The Zhu/Faulkner Investigation
As a result of the numerical inadequacy of the first investigation, Zhu and 
Faulkner [114] carried out a series of drop tests on a small scale model of 1/5 
the dimensions of the previous model. The difficulties associated with a 
harsh outdoor environment and the large scale of the model associated 
with the first tests were eliminated by running the experiments in the 
Department's Hydrodynamics Laboratory. Based on the observations and
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conclusions of the first investigations [144], Zhu and Faulkner aimed at 
providing slamming pressure data at the more critical small impact angles 
for various drop heights, due for correlation with impact flow theory. In 
addition, the dynamic response due to impact of the bottom panels was 
investigated via appropriate strain measurements. Attention was paid to 
the possibility that the proximity of the tank wall to the test model will 
affect the final pressure readings.
The model was made of steel, of 1/5 the dimensions of the previous large 
scale model, and weighed 13 kgs (cf. 1000kg of the previous model). Six 
angles of inclination were investigated (0-20°) between the heights of 0.5- 
2.5m at 0.5m intervals. Four pressure transducers (3 on the centreline and 1 
at quarter width off it) and four strain gauges at the horizontal bottom panel 
were used. The total sampling period was 3 m illiseconds. Two 
accelerometers provided measurements of the model speed during impact. 
Complete details of the experimental set-out and details referring to the 
instrumentation and model geometry may be obtained from [114].
The influence of the drop weight on the peak pressure values was 
investigated. It was concluded that an increase of 33% in the weight may 
lead to reductions in peak pressure values for angles of inclination of and 
around the critical angle of 4° for all drop heights. The phenomenon is 
reversed for large drop angles (approximately 20°) where the peak pressures 
seem to increase. At level drops (0°) the picture is unclear as the values for 
both weights fall within each other's scatter bands.
The study of any 'wall effects' on the peak pressure values was rather 
inconclusive. There was a clear trend for the wall effects to result in higher 
peak pressure values for all inclined cases, except for the critical angle of 
inclination of 4° where the trend is once again reversed. Figure 2.19 
(prepared by Zhu) shows the results of an initial investigation into 'heel 
effects'. The effect on both the shape and peak pressure values recorded by a 
pressure transducer positioned off the centreline was found to be 
considerable. According to Zhu, such investigations have the additional 
advantage that may account for the ships motions in 3-D which will very 
rarely position the wet-deck level to the seaway during the impact 
phenomenon (as assumed in all drop test investigations). Further 
investigations are therefore required.
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Figure 2.20 [114] compares the pressure coefficient values Cp as obtained by 
various experimental procedures (procedures that do not account for air 
entrapment due to the presence of wall sides), Zhu and Faulkner's data, and 
the pressure coefficients implied by Wagner [121,122] and Payne [138, 146, 
147]. Note that:
p=cP|pv£
where p is the impact pressure, p is the water density and VR is the relative 
velocity. Additionally
c p =
1 + 7T
4 tan2 0
^4 7ir|f(0)Y 8 n r\ f(8)
tan20 cos0 tan0cos0
Wagner
Payne
where 0 is the deadrise angle, 11=0.05 and f(0)«1 -  (0/n).
The effect of the air entrapment is obvious in the Zhu/Faulkner test data. 
Similar qualitative conclusions to those in [144] were drawn and the large 
scatter in the test data has once again been the main characteristic of the 
nature of the tests. Work by Zhu and Faulkner will extend to the study of 
the dynamic response of plates under slamming loads based on numerical 
simulations. In addition, work is currently underway in the Department of 
Naval Architecture and Ocean Engineering to modify a 3-D motion 
prediction program [47] to include slamming theory. Hence, comparison of 
the experimental data with a time-domain slamming simulation program 
would be possible. Recommended simplified design formulae can be 
evaluated in the same manner.
2.5.4 General Comments on Slamming Load Investigations
All researchers are in agreement on the presence of the air cushioning 
effect, in the case of flat bottom impact, resulting in a significant reduction 
in the peak impact pressure, and that the pressure developed during flat 
impact is not evenly distributed over the flat surface. On the evaluation of 
the effect of structure/model weight variation it is generally agreed that the 
heavier structure/m odel (with the same geometrical size) will result in 
larger in magnitude and shorter in duration impact pressures. This
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observation allows the conclusion that the pressure is directly proportional 
to the square of the drop velocity. At very high mass loading the peak 
impact pressure tends to fall below the line of proportionality, and may 
bring about a linear relationship between maximum pressure and drop 
velocity.
In contrast to the flat bottom impact, the pressure behaviour of wedge 
shaped bodies is characterised by the larger peak pressure which occurs at a 
distance away from the keel rather than along the keel. This larger peak 
pressure is explained as being caused by the splashed up water after impact. 
Experimental evidence shows the largest impact pressure away from the 
keel would be experienced on wedge shape bodies with a deadrise angle of 
about 3-4°. The expectation of larger impact pressure occurring at lower 
deadrise angles than 3° is not satisfied due to the fact that at such angles the 
cushioning effect of the entrapped air still exists, although not as intense as 
in the case of flat bottom impact.
There are some areas that have not been sufficiently incorporated in the 
slamming investigations by drop test models, like the effects of structural 
flexibility, disturbed (irregular) water surface, and forward speed. In 
addition, verification of drop test data should be made against the 
information from seakeeping tests. The inclusion of the structural flexibility 
and irregularity of the seaway may well lead to a shift from the current static 
load criteria to more realistic dynamic load criteria.
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Tables
Table 2 .1 : Load combination effects on the hull girder as
proposed by Kennel [27].
HULL GIRDER COMBINED LOAD
HEADING TRANSVERSE LOAD LONGITUDINAt BENDING TORSION
BEAM F 0.15 M 0.25 T
BOW, QUARTERING 08 F 0 8 M T
HEAD. FOLLOWING 0 15 F M 0 1 T
Table 2 .2 : Relationship between the two-parameter spectra [71].
Model A <j j to/ t o 0 t o / t o t o i t o x
P-M 5/4 t o o 1.0 0.772 0.710
Bretschneider 0.675 w, 1.167 0.90 0.829
ISSC 0.4427 to 1.296 1.0 0.921
ITTC 5/4 to0 1.0 0.772 0.710
A  = nondimensional coefficient t o  =  mean frequency
<o  —  characteristic frequency t o .  = zero-crossing frequency
aj0 = peak frequency t o ,  =  significant frequency
Table 2.3: The six parameters of Ochi's spectrum as a function of
significant wave heights [17].
H „ H a <Omi Ai A2
Most probable 
spectrum 0.84 H , 0.54 H , 0.70 tf-0046"- 1.15 3.00 1.54 g - ^ i H ,
0.95 H , 0.3! H , 0.70 e ' 0 0 *6 " ' 1.50 g - 0 0 * * " ' 1.35 2.48 e ~ °  101"•
0.65 H , 0.76 H , 0.61 e '00” " ' 0.94 e - 0 0 » " < 4 95 2.48 <r'° 102
0.84 H , 0.54 H , 0.93 f - ° 036W> 1.50 g ~ 0 0 *6 H < 3.00 2.77
0.84 H , 0.54 H , 0.41 £~° 016 H< 0.88 e - ° 026H• 2.55 1.82 g ~ 0 0*9
0.95 confidence 0.90 H , 0.44 H , 0.81 e -0 052H’ 1.60*-° 033 1.80 2 95 g ~ °  103 H<
spectra 0.77 H , 0.64 H , 0.54 0.61 4.50 1.95 e ' 0 M 2 H ’
0.73 H , 0.68 H , 0.70 g ~ 0 0 t t H ’ 0.99 * -°039"> 6.40 1.78 e - ° W H '
0.92 H , 0.39 H , 0 70 1.37 e ' 0 039*- 0.70 1.78 r o c
0.84 H , 0.54 H , 0.74 1.30 e ~ o o y 9 H > 2.65 3.90 e ' ° 0,5 "•
b 0.84 H , 0.54 H , 0.62 f - ° 059 H. 1.03 g - ° 0 M H < 2.60 0.53
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Figures
Figure 2.1: The global wave loads on a SWATH ship [12].
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Figure 2 .2 : Variation of side load factor with heading [2 2 ].
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CHAPTER 3
3.0 Aspects of Fatigue Design of Monohull and Multi-Hull 
Vessels
3.1 Introduction
Viability of the use of Fast Craft Transportation over the current 
conventional means of sea transportation demands a combination of high 
speed, high payload and low operating costs, all at commercially acceptable 
levels. Because these requirements can only be achieved by lightweight 
structures, slender sections and structural components then become prone 
to fatigue damage thus rendering the development of rational fatigue 
design procedures even more essential than for conventional ships. The 
presence of discontinuities and cut-outs in the structural components, 
further adds to the problem. The restrictions on limits of present generation 
fast craft operation imposed by environmental conditions, maintain the 
stress range values experienced over their lifetime to relatively low values 
with respect to those experienced by similar monohull vessels. This factor, 
in addition to the higher operating speeds involved, means that more 
waves of smaller load amplitude should be expected to act on the structures. 
These craft hence become more prone to fatigue as their operating envelope 
is moved towards the low stress-range/high cycle area of the fatigue 
strength spectrum. Future fast sea transportation vessels for unrestricted 
open sea operation will experience higher stress ranges which can 
exacerbate fatigue cracking.
The proper material selection is likely to affect the level of damage 
experienced in the structures. Competing lightweight m aterials for 
application in the fast craft construction are aluminium and FRP and, for 
larger craft sizes, steel (mild and high strength). A comparison of relative 
fatigue strengths for these materials is shown in Figure 3.1.
May and Barltrop point out [1] that current fatigue design codes do not 
provide adequately for the complex load paths present in typical ship 
connections and hence are found to overpredict fatigue strength. This 
problem exists due to the lack of a unified code for the fatigue design of all 
types of fast craft which is anyway very difficult to develop for the following 
reasons [1 ]:
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• the rapid development of fast craft technology
• the numerous and different types of vessels being designed
• the new materials and construction details being considered.
What remains common despite all these differences, is the type of loading 
which remains that of the seaway. The longitudinal bending moment is of 
lesser importance for catamarans, and generally for multi-hull vessels, for 
which the worst loading occurs at beam /quartering seas, which in turn 
introduces significant bending moment and torsional actions in the cross- 
structure. It is essential that any estimation of fatigue life should take into 
account the variable nature of the loading, and the heading and ship speed, 
over the vessel's lifetime. Fatigue damage is after all a cumulative 
phenomenon. The variability of the seaway parameters is best treated 
probabilistically, with the load modelled by means of spectra. Deterministic 
methods usually lead to conservative results when compared with a full 
spectral analysis, although this depends on how the deterministic loading 
history is derived and applied. Load modelling considerations for a fatigue 
analysis are treated in detail in section 2.4, Chapter 2. Additional sources of 
fatigue loading are m achinery/propeller/im peller vibrations, whipping 
loads (due to slamming on the the hull and underdeck/wet deck regions of 
the ships) and tank pressure fluctuations, which have not been considered 
in this work.
Fatigue generally occurs at a high ratio of dynamic to static load and at a 
place where high stress concentrations occur, e.g. at welded connections. 
Complex joints are often used to resist buckling and high static loads, and 
the abrupt geometrical changes and high stress concentrations introduced 
by these joints in the cross section, considerably reduce the fatigue strength 
of the structure. Therefore, the requirements to resist buckling are 
frequently in conflict with those providing a long fatigue life. Designing for 
both is important.
This Chapter aims at highlighting the difficulties involved in the fatigue 
design of both steel and aluminium joints, with a strong bias towards 
aluminium applications. No excuse is made for such a choice, as this 
material is widely used in secondary structural components of marine 
applications and its extensive application to primary components is only a 
matter of time as fast marine craft construction moves towards larger 
displacements. Attention is paid to the more general aspects which affect
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the fatigue strength of welded joints, irrespective of material type. When, 
however, the material becomes an issue, then this is appropriately clarified. 
The need for more rational, reliability based limit state checks (para. 1.4, 
Chapter 1) is also expected to affect the way fatigue damage and safety will be 
assessed and communicated, and shift it away from the currently applicable 
lower bound strength solutions. Therefore, the method of deriving partial 
safety factors to a pre-specified level of safety for the fatigue strength check is 
described in some detail. This is carried out for two cases: where the safety 
margin is expressed through empirical S-N curves, and through the more 
theoretical approach of fracture mechanics. Due consideration is paid to the 
inaccuracies inherent in the current cumulative damage rules, and levels of 
uncertainties for their variables are recommended based on extensive work 
carried out by the offshore industry. A rather extensive description of the 
background and recommendations of the current aluminium fatigue codes 
is carried out followed by their comparisons, in an attempt to inform the 
reader of the current state-of-the-art in the aluminium industry.
The last part of this chapter dwells on aspects of weldability of aluminium, 
and weld repair methods. The main reason for this was to satisfy the 
author's curiosity arisen due to worries expressed by the marine 
construction industry over the welding options available to the designer 
and the problems associated with his final choice. It is hoped that paragraph 
3.8.3 throws some light on the subject.
3.2 Aspects Affecting the Fatigue Strength of Welded Connections
Welded joints in any metal construction may be categorised into any of the 
following group types:
(a) transverse butt welds
(b) longitudinal butt welds
(c) fillet welded connections - load and/or non-load carrying.
The fatigue behaviour of transverse butt welds depends mainly on the 
stress concentration at the toe of the weld metal (e.g. weld profile and 
misalignment). Hence, welds with minimum "overfill" and a smooth 
transition at the weld toe (by machining or grinding) give the highest 
fatigue strengths. Fatigue failure for this joint type consists of crack
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initiation (at the weld toe) followed by crack propagation through the 
thickness of the plate and normal to the direction of loading. One sided butt 
welds require, in addition, careful control of the root penetration and of the 
shape of the root bead. Generally the fatigue strength of a joint in a plate 
edge is lower as the stress concentration is higher and the weld shape is 
poorer than normal.
Longitudinal butt welds have the advantage that the weld metal lies in a 
direction parallel to the load and therefore does not introduce a geometrical 
discontinuity to the stress flow. Even the detrimental to strength stop/start 
positions and ripples on the surface of the weld tend to be eliminated by the 
application of automatic welding techniques. Any variation in weld 
penetration resulting in a rough weld bead for both double and /o r single 
sided welds will, however, reduce the longitudinal weld fatigue strength. 
Generally speaking, good fatigue strength of longitudinal butt welds can be 
obtained only if they are continuous and the effect of the weld ends can be 
avoided.
Fillet welds are generally weaker in fatigue loading because of the more 
abrupt geometrical discontinuity they introduce in the stress flow (e.g. 
brackets). These welds are particularly sensitive to size effects (Fig. 3.2) 
arising from:
(a) attachment length L (in the direction of loading)
(b) main plate thickness.
An increase in any of these variables results in a decrease of fatigue strength 
of the joint [2]. For double fillet welded transverse attachments, cracking is 
expected to initiate at one of the weld toes and propagate through the plate. 
For single fillet welds, however, cracking might occur at either the weld toe 
or root. Root cracking is unlikely to be detected prior to final failure and 
must therefore be designed out.
Specifically, the location of failure in fillet welds depends on the ratio leg 
leng th /p late  thickness (H/B) (Fig 3.3) [2]. Optimum weld (joint) 
performance is achieved when there is just enough weld metal to ensure 
that failure would occur at the weld toe (where it is easy to detect) instead of 
the root of the weld. This requirement generally translates to H=B. 
Increasing the plate thickness immediately implies a larger weld size.
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Noting that the weld metal volume, and hence costs, rise proportionately to 
H2, H should be kept to the minimum possible value. By taking advantage 
of partial root penetration welds (Fig. 3.3b) it is possible to achieve a given 
throat dimension with a smaller than normally required leg length. 
Increasing the weld area to a value greater than that representing optimum 
design (by use of larger or partial penetration welds) will not improve in 
fatigue strength. What it does, however, is to make sure failure is limited to 
the weld toe.
Summarising, longitudinal fillet welds have higher fatigue strength than 
those transversely orientated to the direction of loading. Continuous welds 
based on automatic welding processes are preferred instead of tack welds 
even if the latter are sufficient to successfully carry the static load.
3.2.1 Sources of Fatigue Strength Reduction in Welded Joints
The fatigue life of the aforementioned types of welded joints is influenced 
by any or all of the following:
• environmental effects - corrosion
- low/high temperatures
• alloy type (for aluminium joints)
• residual stresses and stress relief actions
• discontinuity effects
• weld quality
• geometrical misalignment
• size effects
• weld shape and orientation to the direction of loading
Column 1 in Table 3.1 lists the main factors affecting fatigue strength which 
are normally controlled by the designer via the specification. The degree of 
dependency of these factors on production procedures and their consequent 
effect on fatigue strength are summarised in Columns 2 and 3 of the Table 
respectively.
Geometrical Misalignment presents a source of fatigue strength reduction 
in transversely loaded welds only due to the resulting superposition of 
additional local secondary bending stresses on the nominal stress field. This 
reduction may arise from (a) axial and /o r angular misalignment of the
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parent elements, (b) axial misalignment arising from different thicknesses 
on either side of the weld. It is worth remembering that it is only in the 
presence of nominal axial stresses that misalignment should be considered. 
Geometrical misalignment is generally accounted for by multiplying the 
nominal applied axial stress by the factor, Km [2]:
S = K S where K = 1 +
Sb being the secondaty bending stress and given by Table 3.2 while Sa is the 
axially applied stress range. Maddox suggests [2] that a 1° angular 
misalignment may be considered as equivalent to a 10% (e/B=0.1) axial 
misalignment. The use of this correction to the stress range values, would 
introduce a small degree of conservatism in the S-N life predictions, as the 
S-N curves have themselves been based on the data from specimens which 
are obviously not always perfectly aligned.
The fatigue strength of a joint decreases with an increase in the size of the 
attachment i.e. with an increase in (Fig. 3.2):
• attachment length, L, (in the direction of loading)
• plate thickness, B
• width of the stressed member
which all influence the stress concentration at the weld toe. This stress 
concentration affects the stress intensity factor, K, and hence the rate of 
crack propagation da/dN  as the crack propagates in the stress concentration 
region. The stress analysis of weld toe cracks in a range of fillet and butt- 
welded joints has revealed the following relationship between the crack 
size, the welded joint geometry and the crack geometry function Y(a) (para.
3.5.2 for definitions) [2]:
Y(a) = Yn <=> Y = a
vB, Yu
where the constants a  and p are both functions of L/B. a is the 
instantaneous crack depth. The values of a  and p are included in BS PD 
6493 [3]. A particular feature of this relationship for weld toe cracks is that 
Mk decreases with increase in a/B, as the crack tip moves away from the
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regiion of stress concentration, until it reaches unity. Therefore, for a given 
crack depth, a, the stress intensity factor of a crack in a thick plate is higher 
than in a thin plate, and hence the former demonstrates a lower fatigue life.
Although the aforementioned correction is not included in the estimations, 
an adjustment to the stress range predictions needs to be made to account 
for Ithe different specimen thicknesses which have formed the basis of the 
indiividual code recommendations. Hence, a thickness correction factor to 
the mominal stress range is recommended by the U.K. DEn [4, 5, 6 ]:
The aluminium codes (BS 8118 and Alcan) do not mention anything about 
thiclkness corrections and therefore may be assumed as not requiring such a 
check, t is the joint thickness, SB is the fatigue strength of the joint using 
the S-N curve, tB is the thickness corresponding to the S-N curve data. This 
factor is applicable irrespective of whether the load is axial and /o r bending 
stresses. Bridge structure tests, forming the basis of BS 5400 fatigue design 
rules, have used 16mm thickness models. In addition, the level stress 
concentration at the weld toe depends on the proportions of the joint L/B 
suchi that a small attachment to a thick plate results in a lower stress 
concentration factor than a long attachment to a thin one. The effect of 
attachment size and magnitude is introduced in the rules as part of the 
jointt classification system.
Discontinuities at both the root and toe of welds result in unwanted stress 
concentrations. In weld toes discontinuities are introduced due to 
undercutting of the plate surface and sometimes due to the abrupt convex 
profile which a weld bead may adopt. Crack-like intrusions may also exist at 
the weld toe as a result of conditions introduced by arc welding processes. In 
weM roots, lack of sufficient weld penetration introduces crack-like 
discontinuities at which the stress-concentration will be higher than that at 
the weld toes. Cracking will hence first occur at this position and propagate 
through the weld throat. Because of their location they are almost 
impossible to detect prior to final failure. Weld toe and root discontinuities 
are iimplicit in the specimens used to derive the S-N curves, and therefore 
no corrections on the nominal stress range need be applied.
where For tubular joints tB = 32 mm 
For other joint types tB = 22 m m .
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The potential increase in fatigue strength with tensile material strength 
obtained from the use of high tensile strength materials is directly related to 
the crack initiation process which forms the larger part of the fatigue life of 
any unwelded structural element. The fatigue strength of welded joints, 
however, being dominated by the weld residual tension stresses and the 
crack propagation stage, does not benefit, as the tensile strength of the 
material does not affect the rate of crack propagation. However, the 
reduction in ductility, which is common in high strength steels, may lead to 
premature brittle fracture. This dominance of fatigue crack propagation in 
the lives of welded joints may be used to support the fact that the fatigue 
strengths of joints of different metals are generally in the ratio of their 
elastic moduli (da/dN«=S°cE). So, not surprisingly, the fatigue strength of 
an aluminium alloy weld is taken to be approximately one third of the 
same joint in steel. On the other hand, use of high strength material 
enables a higher fatigue (as well as static) design stress to be withstood, 
which is beneficial for low cycle designs. High cycle designs, like fast marine 
craft, will then have a problem. A higher class of joint (different joint 
design and orientation to load) will then have to be used.
As most of the fatigue design data have been obtained in air and at ambient 
tem perature, they do not allow implicitly for the effects of the 
environment, namely (a) corrosion, and (b) high/low temperatures.
In steel structures the onset of corrosion results in an increase in the rate of 
crack propagation, especially at the lower stress-high cycle operating levels. 
The applied stress ranges increase due to the increased value of the stress 
concentration, including those which were originally neglected as being 
below the endurance limit. Reduction or omission of the endurance limit 
threshold is a simple but conservative solution. Little data exists on fatigue 
tests of steel joints in corrosive environments. A limited study undertaken 
in the North Sea environment [2] observed a reduction in the fatigue 
strength of freely corroding steel welded joints by a factor of 2  approximately 
depressing the endurance limit so much that it could be neglected. More 
research is required on the topic and the effects of cathodic protection.
There are four types of corrosion attack affecting the fatigue behaviour of 
aluminium structures, (a) weathering corrosion (pitting), (b) galvanic 
corrosion, (c) exfoliation, (d) stress corrosion. The better corrosion resistance 
of aluminium over mild steel is demonstrated in Figure 3.4 [7, 8 ].
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Weathering corrosion occurs when aluminium is exposed, unprotected, to 
a corrosive environment such as seawater. The oxides formed concentrate 
on the base metal and protect it against any further oxidisation. Relative 
corrosion ratings (in decreasing order of merit) of aluminium alloys are 
given in Table 3.3. The choice of 5000 series material for plating and 6000 
series materials for stiffening arrangements is hence obvious and common 
(Figure 3.5 for unwelded specimens). The higher magnesium content of 
the 5000 series is credited with this difference. Painting or anodised coatings 
should be used only if the oxide's appearance is unwanted. Otherwise, the 
structural efficiency of the material is in no danger.
Galvanic corrosion occurs in the presence of dissimilar metals (usually 
steel and aluminium) coupled with the presence of an electrolyte. The 
aluminium components then act as sacrificial anodes with their cross- 
section geometry diminishing as time elapses. The essential isolation of the 
materials is hence obtained either by painting the steel components with a 
zinc-based primer or by isolating the electrolyte components away from the 
other metals using a proper sealant (e.g. silicone). The use of galvanised or 
stainless steel at an extra cost is also a precautionary solution.
Exfoliation delaminates the material parallel to the surface when heating 
is imposed over a period of time. Together with stress corrosion they only 
occur in some 5000 series alloys (alloys of high Mg content only).
Stress corrosion results from tensile stresses (e.g residual stresses) or 
electrochemical reactions and reduces the crack formation threshold 
(sensitisation). In the annealed state, the Mg containing alloys may be 
considered as non-sensitive to stress corrosion up to Mg levels of 7%. 
However, increasing the cold forming or annealing at temperatures greater 
than 60 °C, increases the sensitivity with Mg contents greater than 2.7% 
(5052, 5454) [9]. Hence, 5000 series alloys containing over 3% magnesium 
(5083, 5086 and 5456) and subjected to elevated temperatures are susceptible 
to both exfoliation and stress corrosion. It is worth noting that stress- 
corrosion susceptibility of rolled alloy products is directionally controlled, 
the susceptibility being greater in the through-the-thickness direction [1 0 ]. 
Specifically, Bilgram and Winkler concluded that stress corrosion is not a 
problem  for unwe l de d  5083 alloy structures while for we l de d  
construction, the fatigue crack threshold values are 60% of the yield
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strength when stressed in a direction transverse to that of rolling and are 
therefore not of great importance. Thermal stresses in the plate thickness 
direction should always be avoided in the case of welded structures, as the 
threshold limits were found to fall to less than 1 0 % of the yield strength.
Another investigation by Engh et al in [11] investigating the effect of 
saltwater and saline atmosphere on welded details of 6000, 5000 alloys at 
R=0.1 and R=0.5, showed that the effect of the corrosive environment is 
dependent on the alloy type as well as on the R-ratio of the applied load. 
The corrosive environment strength values were found to be less than the 
'air7 strength values by approximately the following percentages [1 1 ]:
Butt Weld Butt Weld with 
backing strip
T-Fillet Weld
Cycles 1 0 s 1 0 6 1 0 5 1 0 6 1 0 5 1 0 6
5052 (R=0.1) 2 0 % 25% 0 % 0 % 0 % 0 %
5083
R=0.1 16% 8 % - - 18% 1 1 %
R=0.5 40% 40% - - 48% 53%
6063 (R=0.5) 
saline atm. only
30% 53% “ 32% 2 2 %
It is obvious that the major differences occur at R=0.5 when the cracks are 
expected to be open to the effects of the corrosive environment. These 
results agree well with fatigue test results for welded butt joints of 6061-T6 
and 5083-H321 alloys [12] and the fatigue strength of small 5456 plate butt 
weld specimens [13]. The Alcan/Canadian Codes [14, 15] advise that 
uncoated surfaces prone to corrosion should have their non-welded 
nominal fatigue strengths reduced by 50%. BS 8118, [16] however, make no 
specific mention of any corrosion corrections required.
According to Kohler [17] who investigated the effects of shot-peening on the 
corrosion resistance of aluminium transverse butt joints (7020 alloy), post­
weld treatments may reduce the susceptibility to corrosion. Shot-peening 
was found to benefit the corrosion strength of aluminium welded details
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(Fig. 3.6). Five details for each set of conditions were tested. The different 
levels of fatigue strength improvements obtained by using glass or steel 
shots is also demonstrated. Benefits are possible for unwelded details (work 
by Hanley reported in [17]) for which 13 times improved corrosion strengths 
were obtained.
The fatigue strength of steel joints decreases with increasing temperature. 
If however, the temperature is close to the creep zone then creep should 
dominate the design considerations. On the other hand, the reduction in 
temperature to below ambient reduces the crack propagation rate, thus 
increasing fatigue life for steel joints. However, if the material fracture 
toughness is low, low temperatures will almost certainly result in brittle 
fracture. Aluminium is different as it is well known for its cryogenic 
properties. A study at temperatures as low as -196°C [8 ] showed the fatigue 
strengths of a number of specimens (machined, round specimens of base 
metal, welded panels, sharply notched) to be always higher than those at 
room temperature by factors of 15-60%. On the other hand, elevated 
temperatures (300 °C and 400 °C) were found to reduce the fatigue strength 
values by factors up to 50% for both smooth and notched specimens. As a 
result, the design codes permit their application without any procedural 
changes for the cases of [2 ]:
• structural carbon-manganese steels at temperatures up to 375 °C.
• austenitic stainless steels at temperatures up to 430 °C.
• aluminium alloys at temperatures up to 100 °C.
At temperatures within or outside the ranges just quoted, specialist advice 
or individual testing is recommended.
With regard to the effects of alloy type, significant difference has been 
detected in the case of parent materials between the 5000/6000 and the 7000 
series alloys. The latter were found to exhibit 44% higher strength on 
average than the former [18]. In addition, significant differences have been 
observed between the 5000 and 6000 series alloys in the low cycle-high stress 
range (Fig. 3.7). Little difference in the high cycle range (which is of more 
interest in marine structures) is generally observed, and therefore the same 
fatigue design curves are usually recommended and used by the current 
design codes for all aluminium alloys sections. The designer, however, 
should be aware of the differences occurring in the low cycle range.
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Residual Stresses and their Effect on R-Ratio Considerations: Residual 
stresses are characterised by a tensile stress (at filler material yield level) in 
the weld zone with adjacent bands of compressive stresses maintaining 
equilibrium in the cross-section, in contradiction to steel applications for 
which the tensile strength of the weld and parent metal are closely 
matched.
Consideration of the effects of a fully tensile repeated loading (0 to Smax) and 
of a fully compressive repeated loading ( 0  to -Smax) on the residual stress 
distribution of a longitudinal weld is made in Figures 3.8a and 3.8b 
respectively. It is observed that for the case of repeated tensile loading on 
the weld (0 to Smax) the weld will cycle between a minimum value of 
Sy,fuier “ Smax and a maximum value of Syfiller, i.e. it will cycle in the same 
stress range as the nominal range applied but with a mean value different 
from Smax/2 and hence different stress ratio R. The same applies (Fig. 3.8b) 
for the case of fully compressive repeated loading (0 to -Smax) with a mean 
value different than - S max/ 2 . Note that R is related to the mean stress and 
stress range by the following expression [24]:
a 1 + Ra where R = <3min
Stress relief of residual stresses is fruitful only if partly or wholly 
compressive loads and mostly in the high-cycle fatigue zone of the S-N 
curve are applied. For fully tensile applied stresses the results for as-welded 
and stress-relieved joints have been found [6 ] to dem onstrate little 
difference (15% on stress range at 2xl0 6 cycles). In this latter case, the extra 
cost of stress relieving the locked in stresses would not be justified. Figure 
3.9 confirms that if a joint contains low residual stresses (stress relieved) 
and is subjected to partly compressive loading, the fatigue strength is 
increased. Hence, there may well be a case for increasing design stresses for 
joints under compression-compression loading only. Guerney [6 ] suggests 
that it could be safe for stress relieved joints subjected to partially 
compressive loading to increase the design stress range to a value equal to 
the tensile component of stress, plus 60% of the compressive component. 
However, detailed design rules for stress-relieved joints do not exist. What 
is currently assumed is that as-welded joints will contain tensile residual 
stresses of yield strength magnitude, a conservative assumption.
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The treatment of R-ratio effects in design codes has varied in the past with 
the data available and /o r the viewpoint of those drafting the respective 
recommendations (Table 3.4). Earlier recommendations are mostly found 
to accept the R-ratio dependent fatigue strength values as they are based on 
small specimen test results (with no significant residual stress values). 
Recent fatigue design rules, however, are based on re-evaluation of those 
older small scale test results as well as on new tests carried out on full scale 
specimens containing significant residual stress. Hence, the latter codes do 
not account for any beneficial effect of the R values near or below zero. 
Although not explicitly stated, experimental evidence suggests that fatigue 
strength values at R=0.5 values have formed the basis of the currently used 
design rules [19]. ISSC advises [20] the use of an unaltered stress range 
strength in complex structures and only in the cases where the residual 
stresses are known should the stress ratio effect be considered. The same 
view is held by ERAAS whose recommendations, which allow for the R- 
correction only if the designer knows clearly the level of the residual 
stresses in his structure and can use them effectively to his benefit (Fig. 
3.10). In this figure the multiplicative factor f(R) increasing the fatigue 
strength value varies with the R-ratio values. Line I applies only to base 
material and wrought products where there are no residual stresses or 
where such stresses can be fully taken into consideration in the design 
stages. Line II should be used for all connections including welded ones 
where knowledge of the residual stresses is available and is considered in 
the design. Line III covers the cases where significant residual stresses exist 
but cannot be estimated and thus considered in the design. This line, 
providing no allowance for an enhancement factor is applicable to most of 
the welded details in general practice. Two or three-dimensional more 
complex structures with global residual stresses are not allowed any 
enhancement, unless they have been adequately stress-relieved. The 
diagram assumes that the f(R) values are relative to the fatigue strength for 
R=0.5, the latter being estimated for every structural detail in question at 
2 x l 0 6 cycles. Figure 3.11 provides the f(R) values assumed by the 
Aluminium Association in the USA [21] (also relative to R=0.5). In general, 
whenever the stress loading is not fully reversed i.e. whenever R * - l ,  the 
Goodman plot correction might be used on the nominal S-N curve 
strength predictions by design codes:
cr = o„
f  _ >\
1 .0 - 2 m.
V C U J
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where represents the fatigue strength at a given stress ratio, a n is the 
fatigue strength for R=-l, om is the mean value of alternating stress and a u 
is the ultimate material strength in tension.
3.3 The Background to Current Fatigue Design Codes
Fatigue failures occur because there are no accurate load spectra and life 
prediction techniques available, especially for new aluminium applications. 
In addition, most of the fatigue design techniques available are two- 
dimensional and determine nominal stresses in components only. Three- 
dimensional behaviour and local stresses resulting from load combinations 
have not been given proper treatment. There are three general approaches 
for fatigue design, the use of:
• S-N curves of typical joints
• crack propagation and fracture mechanics techniques
• strain controlled fatigue methods.
It is the S-N curves for the relevant weld details that currently form the 
basis of available fatigue rules. As the design stresses recommended by the 
code S-N curves should be the nominal stress ranges in the vicinity of the 
joint detail, correction is essential via the elastic stress concentration factor
References [22-24] provide some SCF data. Furthermore, in the presence of 
load combinations the maximum principal stress range should be used, 
calculated as the greatest algebraic difference between principal stresses 
occurring during the whole loading event [2]. The co-existence of normal 
and shear stresses is treated in the latest 1992 ERAAS guidelines [25] by a 
single formulation. The maximum principal stress considered, both in the 
fatigue assessment and the static strength analysis of any weld, is estimated
The orientation of the welded joint with respect to the principal stress 
directions is also important. As the maximum principal stress range may 
not act in a direction which corresponds to the lowest classification of the
S =KtS
by [26]:
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joint it is recommended that a continuous weld should be classified as 
'longitudinal' with respect to stresses acting within 30° of the weld axis and 
transverse for other directions. For load-carrying welds, the stress in the 
weld should be the vector difference between the maximum and 
minimum vector sum of the stresses on the weld throat [2 ].
3.3.1 The Development of Steel Fatigue Codes
Fatigue design rules for steel joints have evolved and developed in the last 
twenty years. Following a review and statistical analysis of published fatigue 
data, the Welding Institute was first to publish [27] a set of rules. Further 
effort was concentrated in the area of steel bridges and BS 5400 [23] fatigue 
rules resulted from this work having been based upon the earlier Welding 
Institute suggestions. What followed was a number of European research 
projects providing design data for tubular structures which together with 
the welded plate data contained in BS 5400 formed the basis of fatigue rules 
for Offshore Structures [4, 5, 28, 29]. Generally, the same rules have also 
been adapted for application in pressure vessel design [30, 31] and for 
considering fatigue of aluminium alloy welded structures [16, 32].
All steel design rules and codes are based on the general argument that 
fatigue cracks in welded joints result from already existing welding flaws 
and therefore the fatigue life consists primarily of the propagation of a 
crack. For unwelded material, the fatigue life predictions correspond to the 
period of crack initiation. The basis for design is usually taken as the S-N 
curve two standard deviations below the mean. If a lognormal distribution 
of fatigue life is assumed then their S-N curve represents the lower 95.4% 
confidence limit and represents approximately 2.3% probability of failure or 
a 97.7% survival limit. In such curves, the stress values quoted refer to 
permissible stress ranges, irrespective of the applied stress ratio and mean 
stress values. Mean stress effects should, however, be separately accounted 
for (para. 3.2.1), a correction which is particularly necessary for joints 
containing significant residual stresses.
3.3.2 The Development of Aluminium Fatigue Codes
Many problems which generally hinder the selection of a procedure for 
fatigue design have also been evident for aluminium design fatigue code 
development. Firstly, contradictions exist between early (1970's) small scale
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experimental data and more recent full scale tests on structural components 
of corresponding geometries [33], the latter showing lower fatigue strengths 
(para. 3.7). Furthermore, despite the large number of experimental data, not 
all cases of direct interest to the designer are experimentally covered and 
supported. This is primarily due to the significant spread of the use of 
aluminium alloys in many, and frequently novel, structural applications. 
As a result, and despite extensive research, the design codes are based on 
different principles and their correlation is relatively poor. Their main 
discrepancies are related to the (a) selection of specified materials, (b) 
classification of joint types (c) strength parameters. These problems are 
aggravated by possible unaccounted stress concentrations and residual 
stresses present in the code fitting data. Two approaches to aluminium 
design exist:
(a) an analytically (fracture mechanics) formulated code (e.g. Aluminium 
Association), and
(b) an empirically derived S-N expression calibrated to available 
experimental data (e.g. BS 8118).
In addition, there are codes which assume the stress-ratio R significantly 
affects the fatigue strength (e.g. UNI 8634, Alcan, ECCS) and introduce an 
appropriate amplification factor correcting the S-N curve values. The BS 
8118 and Aluminium Association recommendations, on the other hand, 
neglect the stress-ratio effects. Paragraphs 3.2.1 and 3.6 should also be 
consulted further on R-ratio effects.
3.3.3 Empirically Derived Fatigue Strength Prediction Models
There are three strength prediction models generally available 
characterising the stress (or strain)-cycle relationship, the S-N curves, the 
Low Cycle fatigue model and the Langer model.
The S-N curves are applicable to the medium to high cycle range as they 
assume that the overall structural behaviour remains elastic. The general 
form of the S-N relation:
SmN = K
Constants K, m take empirical values based on experimental data while the
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value of K is chosen depending the degree of pessimism introduced in the 
strength expression (1  or 2  standard deviations below the mean).
Under variable amplitude loading conditions, damage estimation must 
account for stresses lower than the endurance limit. This is due to the fact 
that the higher stresses in the spectrum will propagate the cracks and flaws 
to such an extent that they cannot be neglected any further in the 
cumulative damage estimation. Therefore a reduction in any endurance 
limit is carried out using the Haibach correction [34]. Hence BS 5400 [23] 
recommends a bi-linear S-N curve so that its slope is 1 /m  for stress ranges 
above SG and l/(m+2) for stress ranges below SD. The slope changes from 
m = l/3  to a slope of m = l/5  at 107 cycles. However [35] quotes the reduced 
Haibach slope as being instead l/(2m -l), an unimportant difference if m=3. 
For other m values Faulkner advises the use of l/(2m -l) for N >107. The 
most conservative approach, of course, would be to extrapolate the curve 
with no slope change.
Low cycle fatigue (< 104) is generally associated with a certain degree of 
plasticity. The approach to fatigue design involving macroscopic yielding at 
the point of stress concentrations is complicated and a list of techniques in 
the strain range domain (e.g. Coffin-Manson Law) to tackle the problem is 
referenced in [36]. In this high stress range, fatigue analysis is carried out in 
the strain range domain. Considering the fact that marine structures are 
most vulnerable to high cycle fatigue (N>105-106 cycles), low cycle fatigue is 
not of primary consideration in this type of structures and is hence not 
treated any further.
Langer's model [37] on the other hand, covers both the elastic and plastic 
strain ranges and has been used in the development of the ASME Boiler 
and Pressure Vessel Code [31].
3.3.4 Cumulative Fatigue Damage Rules
As a ship is exposed to a random repeated loading throughout its service 
life, it is im portant that the relevant stress spectrum is accurately 
determined, especially as the fatigue life is proportional to the stress range 
raised to the power of m. Since the load stress spectrum identifies, in 
number and magnitude, the individual load cycles constituting the stress
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sequence may be described in terms of number of cycles nf, applied at 
different stress ranges Sr The fatigue life is then estimated based on the 
accumulation of the fatigue damage arising from each block of cycles using 
an appropriate cumulative damage rule.
Some researchers like Schilling and Klippstein [38] and Albrecht and 
Yamada [39] suggest that the results of variable amplitude fatigue tests can 
be correlated to the results of an equivalent stress range of constant 
amplitude producing the same degree of fatigue damage as the variable 
amplitude stress range distribution it replaces:
S =
_ i
ip,s„'
i=l
where pi is the frequency of occurrence of the ith stress range Sri. This 
expression may be viewed as a calculation of the root-mean-square or the 
root-mean-cube equivalent stress range if m is equal to 2 or 3 respectively.
Maddox, however, demonstrated in [40] that fatigue life is a function of the
spectrum shape, the block length and the peak stress and that neither the 
rms nor the cube root mean cube stress represents a unique parameter for 
defining fatigue behaviour.
The most widely used cumulative damage rule is attributed to Palmgren 
and Miner [41]:
k k n  k q  m n
D = I D ,=  1 “  * 1
i-i i=i JNj i=i A
n* is the total number of cycles at a stress range level SA, while is the 
number of cycles to failure under S{. k is the total number of blocks of 
constant stress range values. Values of Nj are obtained from the appropriate 
design S-N curve for each value of S,.
3.3.4.1 The Validity of Miner's Rule
It is widely accepted that Miner's rule provides a safe, if not always 
conservative, means of estimating cumulative fatigue damage of joints. 
However, it has been shown that Miner's rule does not always provide the 
degree of safety against failure that is envisaged and that its efficiency is 
entirely dependent on [36,39,42,43]:
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• The form of the loading spectrum: Miner's rule has been found to be 
reasonably accurate for an applied stress spectrum resembling narrow­
band random loading (e.g. loads due to resonance induced vibration of 
the structure, developed seas) as more gradual stress range changes 
occur for this type of loading.
• Block Lengths: short block lengths tend to make Miner's rule unsafe
• Mode of stress application: Miner's rule does not account for the 
effects occurring due to any interaction of high to low stress range 
sequencing in loading. The rule has also been found to be unsafe in the 
cases where high frequency small amplitude cycles are superimposed 
on to a lower frequency high amplitude stress fluctuation. Tests in 
which the applied stress spectrum contains occasional overloads have 
demonstrated that under this type of loading Miner's rule is over­
conservative due to the resulting retardation of crack growth.
A block length is defined as the number of cycles between successive 
applications of the largest stress range (Fig. 3.12). 'Block' loading contains 
the same mix (in magnitude and number ) of load cycles as the expected 
stress ranges but these are applied in blocks of constant stress range starting 
with the lower amplitude stress ranges and applying the higher ones 
successively.
To avoid these problems, Webber and Guerney [40, 44] recommended the 
following empirical rule as providing better predictions of fatigue lives of 
steel (and therefore for aluminium) joints:
NB= n
Nr
N, N,
where N B is the number of 'blocks' to failure, Nc is the constant amplitude 
life at the greatest stress range in the spectrum, Smax, pj (Sj = p t Smax) for each 
stress range in the load spectrum and N number of cycles per block at
i
stresses greater or equal to p* Smax.
One of the most extensive investigations on the cumulative damage 
prediction of aluminium alloy joints, using both Miner's and the Guerney
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rules, was carried out by Harrison et al at the Welding Institute in the late 
1960's [45]. These tests were complemented by Webber and Guerney [44] 
investigating the degree of dependency on block length of fatigue strengths 
of 7019 fillet welds (symmetrical, longitudinal and transverse fillet welds as 
well as single non-symmetrical transverse fillet welds). This study 
concluded that for aluminium fillet welds:
• a Rayleigh stress range distribution at R=0 increases Miner's damage 
rapidly with block length
• Miner's damage prediction is less than the value of 1.0, sometimes 
reaching the value of 0.47. No effect of block length was observed in 
this case
• Miner's rule gives sufficient predictions of fatigue life for R=0 while
the 'Guerney Rule' was more accurate at higher mean stresses
• tests at R=0 suggest that the presence of occasional overloading in
the spectrum increases the fatigue life.
Irrespective of the comments above, Miner's Rule is preferred for its 
inherent simplicity by accepting a summation value less than unity (D<1). 
A probabilistic approach to fatigue damage helps to alleviate some of the 
discrepancies described above (paras. 3.4,3.5).
3.3.5 The Use of Equivalent Steel Recommendations in the Fatigue 
Design of Aluminium Details
Based on work presented in [46] Maddox concludes [47] that the fatigue life 
of many aluminium welded joints is dominated by fatigue crack growth, 
implying that the aspects influencing the fatigue behaviour of steel and 
aluminium joints should be the same. Since crack growth data rates for 
steel and aluminium correlate on the basis of AK/E this implies that the 
fatigue strength for steel could be divided by 3 to obtain aluminium fatigue 
strength. Such an assumption is not always true for higher strength joints 
for which fatigue crack initiation occupies a large part of the fatigue life.
A comparison of fatigue values at 2 x l0 6 cycles between aluminium and 
steel design codes is shown in Table 3.5. The last column of the Table shows 
the ratio of steel to aluminium fatigue strengths when comparing the 
European Steel specifications (EC3, ECCS TC6 ) to the ERAAS (1992) 
Recommendations. Out of 27 details, only 1 exhibited a value higher than
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3.0. There were 4 cases with values higher than 2.5 and in 11 cases the ratio 
was found to be lower than 2.0 [19]. These results hence question whether 
steel fatigue design strength estimates may be used in aluminium 
structures by simple division of their predictions by a factor of 3. The view 
that direct transfer of fatigue strength values for steel sections to 
corresponding aluminium ones is not always valid is also supported by [48, 
49] as well as by test data obtained by British Rail [50] which support the 
view that for longitudinal non-load carrying fillet welds factorisation by 3 is 
satisfactory in contradiction to other joint classes which generally fail to 
follow this trend.
3.4 Reliability Based Fatigue Design of Steel and Aluminium Joints
The randomness in the prediction of initiation and propagation of fatigue 
cracks is due to the following sources of uncertainty:
• the fatigue data is characterised by statistical scatter
• modelling inefficiencies existing in the strength expressions
• unpredictable/uncontrollable weld defects
• inaccurate wave load modelling
• approximate stress analysis procedures introduce inaccuracies in the 
values of stress range acting on any joint
• corrosion and cathodic protection effects on fatigue strength are unclear.
The random nature of these factors therefore encourages a probabilistic 
approach to fatigue design. The main drawback of the original deterministic 
strength expressions is that extrapolation to structural configurations and 
environmental conditions, other than those for which their safety factors 
have been derived, is difficult. On the other hand, the more elaborate, limit 
state design codes use partial safety factors to account for parameters 
influencing the loading and fatigue strength values. Partial safety factors 
can be determined via reliability based analysis and their final values are 
obtained relative to a pre-determined level of safety expected of the 
joint/structure.
3.4.1 Derivation of Partial Safety Factors
In a reliability procedure the statistical distribution of loads is compared to 
that of the resistance. Assuming that the fatigue strength check is given by
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—  SYq Q <=> log(R) -  log(Q)-  [log(yR) + log(yQ)] > 0
Yr
then the determination of fatigue design specifications is normally based on 
the concept of the safety margin Z. The RHS of the expression above 
represents the linearised form of the strength check criterion. The safety 
margin is nothing else but the failure function which identifies the distance 
between a prespecified level of resistance (below the mean) and identified 
by the partial safety factor yR and a prespecified level of load (above the 
mean) identified by the partial safety factor yQ:
Z = log (R) -  log (Q) -  [log (yR) + log (yQ)]
At failure, Z-0, and hence
log(R)-log(Q) = log(yR) + log(yQ)
The two partial safety factors, yR and yQ reflect the uncertainties of the 
fatigue strength predictions and the uncertainties in estimation of the 
fatigue loading in the strength estimation and are always greater or equal to 
1. The probability of failure is expressed as:
p ,= « » ( -p )= p (z < 0 )
For log-normal basic variables, for both the resistance and the load 
Albrecht's formula for the safety index applies [51]:
log(R) -  log(Q) + 2  o togR ^  log(yR) + log(yQ) + 2q |0gR
• ^ ( a i o g F : )  +  ( 0 1o8 q )  + ( ° i ° 6 q )
while for normally distributed basic variables, the safety index is expressed 
in the form:
P iog(R)-iog(Q) o  p iog(yR) + iog(yQ)
•^ (0 logR) + ( 0 1o8 q )  + (a iogQ)
The mean safety factors on life, N, and stress range are therefore:
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For the necessary comparison of fatigue resistance and load curves to take 
place, and the consequent identification of the safety margin, both 
resistance and load must be plotted along the same base line, i.e. they 
should both be expressed either in terms of N or in terms of stress-range. 
For the reliability-based design of structures, both resistance and load are 
normally expressed in terms of stress. This facilitates the design process, in 
that it gives a target value of stress to which the structure can be designed. 
However, using the S-N curve, the distribution and statistics of the 
resistance is usually known in terms of fatigue cycle life and not in terms of 
stress as is the case for the load part of the strength check. Hence, the need 
exist to 'transform' the resistance from cycles to failure into stress. Figure 
3.13 shows graphically such a transformation. The following points must be 
borne in mind though:
(a) The standard deviation, a iogN , of fatigue cycle random variable,
logNR/ is connected to the standard deviation of the stress range random 
variable, a logR, by the following expression derived from similar triangle 
properties (Fig. 3.13):
(b) the standard deviation, a iogN , of the distribution of fatigue cycles, 
logNR, in the strength expression is assumed to be constant throughout the 
strength stress range.
Based on the standard S-N expression, the following relationships apply:
R- N r = K «  m log(R) + log(NR) = log(K) o  log(R) = - -  log(NR) + log(K)
m
Q"’ NQ = K o  m log(Q) + log(NQ) = log(K) o  log(Q) = -  ^  log(NQ) + log(K) 
and hence log(R) -  log(Q) = ^ [ lo g (N Q) -  log(NR)]
2 01
By substituting into the expressions for p for both normally, as well as log- 
normally distributed random variables:
For normally distributed random variables
~  [l°g(NQ) ~ log(NR)] _ -l[log (N Q)- lo g (N R)]
J K r  )2 + K 8q)2
log(NQ)- lo g (N 8)1
K nJ  + (m °iogQ):
Similarly, for log-normally distributed random variables
p =_ m
M log(N Q)-lo g (N R)] + 2 a
• ^ ( ° l o g R )  +  ( CT1o8 q )
R’gR ^  p_[>og(NQ)- lo g (N R)] + 2 ^logNj
]l(°wS+(mawf
and in terms of partial safety factors, for normally distributed variables 
p log(R) -  log(Q) 0  p log(7R) + log(YQ)
( ° 1 o8 r )  + ( a i08Q)
and for log-normally distributed variables
K 8N8/ m ) + K q):
D log (R) -  log(Q) + 2 R D log(YR) + log(YQ) + 2 (a loeNK/m ) 
P  ------------- 2 " " 2—  <=> P =  r~   2 ------
f a^ > J K 8N> )  + k « ) 2
The safety factors vary with type or detail because the standard deviation of 
the resistance a logR varies. The assumed value of safety index p the 
designer will wish to inherit in his structure should be based on his 
experience or the level of safety implied by previous codes and /o r designs. 
Design diagrams relating allowable stress Aacq vs p, allowable stress Aacq vs 
Yr *yQ, and safety index p vs Yr * Yq/ may hence be derived based on these 
expressions. Safety index values norm ally used refer to values 
corresponding to the end of the service life of the structure or joint. The 
reliability-based derivation of partial safety factors for fatigue check has been 
used by the European Aluminium Recommendations [25] on the 
assumption that the random variables follow a log-normal distribution.
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3.4.2 Application to Miner's Rule
Under spectrum loading, fatigue failure is usually determined assuming 
linear cumulative damage expressed by the Miner-Palmgren Rule:
D = Y — = E[Sml 
w N t K 1 J
where the D is the damage ratio (=A at failure), NT is the total number of 
cycles in time T, S is the applied stress range (the random variable), E[Sm] is
the expected mean, or average value of Sm and depends on the assumed 
distribution of stress range (lognormal, Weibull, Beta etc.) (Table in section 
2.4, Chapter 2) and n corresponds to the lifetime stress cycle number. If 
Wirshing et al's [52] representation is used then the above expression 
becomes:
D _ N t Bm E[sm| TB” fl
A (at failure)
K K
where f0 (= Nt /T) is the lifetime zero up-crossing frequency of the stress 
range, Q = f 0 E[Sm] and B (Sa = BS) is a random variable quantifying the 
uncertainty in fatigue stress load estimates. Note that K=A where A is one 
of the experimentally derived constants of the standard S-N expression. In 
this case K should correspond to the mean value strength line and not the 
mean-1 or mean-2 standard deviations. Expressions of Q for various load 
distributions can be derived information presented in the Table of section
2.4 (Chapter 2).
The safety index then becomes p = where c r^  =
l^nT
and ln T -ln T s =ln KA
BmQ
- lnTs = InK + InA -  m InB - lnT£
T corresponds to the median or mean (depending whether the distribution 
is lognormal or normal) of the time of exposure of the joint to fatigue 
loading.
Two methods are available for the reliability based fatigue design of 
structural joints. One attributed to Wirsching et al, assumes that the
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random variables and hence the fatigue strength model are all log-normally 
distributed. The second method, attributed to Munse et al is based on the 
other hand, on a Weibull distribution of the fatigue strength model.
3.4.2.1 API/Wirsching et al Method
Wirshing et al [52] have assumed lognormal distributions for all the 
random variables of the fatigue strength expression above, namely A, K 
and B. Therefore, the time of exposure of the joint to fatigue loading, T, is a 
random variable with a lognormal distribution itself. Transforming, this 
distribution into a normal one, the probability of failure may be expressed 
as:
Pf = <I>(-p) = P (T < T s)
K Awhere the safety margin is set as Z = T -  Ts = —  Ts
Bm Q
Ts is the intended service life of the structure, having no distribution. The 
safety index (3 is hence defined as
0  lnT -lnT c
P = ------------   since <^2 = ^
CTlnT
where T is the median value of T (assuming a log-normal distribution). In 
addition, the standard deviation of InT is given by [52]:
o taT = J in  [(l + C42) (l + CK2) (l + Q 2)”1]
where the Q s  denote the COVs for each of the random variables (para.
3.4.23).
3 .4 .2 . 2  Munse et al SSC Method
The Munse et al method [53] is a result of work funded by the Ship 
Structure Committee aimed at ship structures. Munse et al have assumed 
the Weibull distributions to describe the stress range loading on the 
structural joints of ships. From Miner's rule:
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N B m EfS"1]
= A <=> N  =
A K (at failure)
K
where for this method B=l. The probability of failure may then be expressed 
as:
The shape and scale parameters of the distribution are given respectively by 
(para. 2.4, Chapter 2 ):
The random variable N is assumed to have a Weibull distribution and 
therefore the COV accounting for the uncertainty in life cycle predictions is 
given by
where Cs is the COV accounting for the uncertainty in stress range 
predictions, CA is the COV for the uncertainties involved in Miner's Rule 
predictions, CK is the COV representing scatter inherent in S-N data and Cc 
is the COV value for the uncertainty in workmanship, usually taken equal 
to 0 .
3.4.2.3 The Statistical Uncertainties in the Cumulative Fatigue 
Damage Model
The random variable B (accounting for the uncertainties in the stress range 
load predictions) is the most important element of the fatigue strength 
expression because it possesses high variability and its influence is 
magnified due to the presence of m as an exponent to both its mean and 
COV values. Assuming that the uncertainty in stress estimates stems from 
manufacturing and assembly operations (M), the seastate statistical models 
used (S), the wave force prediction methods from wave data (F), the 
nominal structural component load calculations given wave forces (N) and 
the calculation methods of fatigue stress at joints from nominal structural 
component forces (H), then the mean and COV values of the random 
variable B may be defined as follows [54]:
/-.-lae
P ,= [ n s E[S” ]r(l + CN, M)/K ] N
% = N / r ( y \ + 1) and
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B = nB i for i=M, S, F, N, H and CB = J  f l ( l  + C,2) - 1
Table 3.6 provides appropriate values for the bias and COV values of these 
variables, reflecting the experience of the offshore industry. Generally 
values of B=0.7 and CB=0.5 are considered to be reasonable for general 
application [52]. Wirshing et al [54] assume a lognormal distribution of this 
variable.
The random variable K is, together with m, derived from regression 
analysis of experimentally obtained S-N fatigue data and accounts for the 
uncertainties in the strength prediction estimates. Wirshing et al [55] 
assume a lognormal distribution for the values of A. Values for the mean 
value of K and CK are presented in Table 3.7 for 5 sets of data.
For the random variable N, the estimation of its COV value, CN, should 
consider all sources of uncertainty in fatigue behaviour (e.g. scatter in test 
data, errors in stress analysis, effects of fabrication and workmanship, 
sampling and measurement). Experimental investigations on over 11,000 
aluminium and steel specimens [52] indicate that the variance may be 
assumed constant for all values of Sr  W irshing et al [55] assume a 
lognormal distribution for the values of N. Table 3.8 presents Whittaker's 
recommendations on the COV values who collected and summarised 
fatigue data from a number of experimental studies [42, 56, 57]. Ang and 
Munse in [57] indicate an average COV value of 0.52 based on data by 
Guerney and Maddox [42]. In addition, Whittaker and Besuner [56] and 
Jacoby and Novack [58] found that the scatter in fatigue data under spectrum 
loading is usually less than that for constant amplitude loading.
The cumulative damage ratio at failure A is also a random variable with 
values ranging from 0.5 to 1.6 [24] sometimes reaching values as low as 0.2 
and as high as 5.0. From tests on tubular joints an average value of A =1.7 
has been derived. Wirshing et al's attempts [54] to identify the variability in 
the amplitude fatigue estimates using Miner's Rule, concluded that a model 
of A having a log-normal distribution with a median of 1.0 and COV of 0.65 
is acceptable for design purposes (Tables 3.9,3.10).
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3.5 Fracture Mechanics in Fatigue Design
The second of the two methods available for establishing rules predicting 
the fatigue behaviour and strength of any metal joint is that based on the 
theory of fracture mechanics. The main attraction of such a theoretical 
approach is that it does not rely on any expensive and time consuming 
experimental investigations as the S-N approach does. This approach 
instead, simulates, using appropriate fracture mechanics laws, the stages 
leading to fatigue failure, namely crack initiation and crack propagation 
(both stable and unstable). Its probabilistic treatment is briefly described 
next.
3.5.1 The Fracture Mechanics Model
In both cases Paris' law applies [59], requiring the most accurate definition 
possible of the following four parameters (Fig. 3.14):
• crack growth rate (da/dN)
• local stress-range values AK (= Y(a) AS^Jna)
• the instantaneous crack geometry (identified by a,Y)
• the R-ratio.
where a is the instantaneous crack length, AS is the nominal stress acting 
normal to the crack, and Y(a) is a function that depends upon the 
instantaneous geometry of the crack (para. 3.5.2). It must be borne in mind, 
that in the sections referring to fracture mechanics based fatigue design, K 
bears no relation to the similarly defined S-N curve material constant 
which is merely determined by curve-fitting to experimental fatigue data. 
Hence, for stable crack growth, (between and a ^ )  the rate of crack
propagation according to Paris-Erdogan is given by:
da /  dN = C [AK]n
where C and n are material constants (depending on the mean cycling 
stress, test environment, cycling frequency) and AK is the stress intensity 
factor. Values of Kc (the fracture toughness of the material) for common 
flaws are given in [60], and are obtained by crack opening displacement tests 
(CODTs).
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The number of cycles required to propagate a crack from initial size aj to 
final size af is obtained by integrating the relationship between AK and N 
[36]:
N, -  N, = J d a /  C[AK]“ = Jd a /(Y (a )^ c I)n
a ,  a .
For Y(a) assumed constant during the crack propagation process and 
constant values of ^  and af the expression reduces to the S-N format 
(ASn N = constant). Provided the value of K (i.e. the value of Y) for the joint 
and the values of C and m in the crack propagation equation are known, 
one of the remaining four parameters, ai7 af, AS and N can be calculated 
given the other three. For example, if the applied stress range, S, and Y(a) 
are assumed constant during the crack propagation process then:
at = a,H )
( £ )
Reference [61] presents ways of correcting Paris' equation for stress ratio 
effects. Clarke in [62] accounted for this correction by:
da /  dN = C [<(> AK]" where $ = R < a5°
LY J Y I 1.0 R>0.50
When the loading is of variable amplitude ( Sj stress range), an 
incremental form of the crack growth equation must be used as defined in 
[63]:
ai+i = a, + Aa, = a, + C (Y(a,) S
Due to the complexity of such an approach, an alternative approach would 
be to consider an equivalent AK that will provide the same rate of crack 
propagation under variable and constant amplitude loading. Working 
along these lines Barsom in [43] recommended the use of A K ^ is the rms 
value of AK. Yang and Trapp [64] recommended the substitution of A K ^ 
with the average of the nth power of AK.
Employing the stress intensity factor range expression it may be concluded 
that damage accumulates approximately as (stress)" and (crack size)0/2. Final
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failure may be assumed to occur when:
• the crack length (or depth, depending on the position and shape of the 
initial crack flow) becomes equal to the chosen size a ^ ,  or
• acrit=t f°r through thickness cracking, or
• unstable crack growth occurs, or
• the component reaches the yielding or tearing level.
The final choice of one of the above modes of failure as a design criterion 
primarily depends on the redundancy of the structure, the material 
properties, the structural geometry and ease of inspection.
Specifically, for reliability based fatigue design using AFOSM methods, the 
designer has a choice of two failure functions to control the fatigue crack 
propagation [65]:
(a) one limiting the stress intensity factor, K, at the leading edge of the 
crack to that of the fracture toughness of the material, Kc:
where Yc'Ya'Ys are partial safety factors applied to the nominal design 
variables. The values of mean and COV values for a, are obtained by non­
destructive testing techniques, while estimates of the mean and COV 
values for Kc can be obtained from fracture tests conducted in the 
environment of interest. The COV value for S depends on the load history. 
Assuming log-normal distributions, and by small variance approximations, 
i.e. median ln x j^ ln x ;, o, =COV then the relation between 6  and1 1 lnx. 1
Kc , a, S is given by:
(b) One based on restricting the crack size, a, to below a preset critical 
size, aCTit, set from serviceability considerations [65]:
g = Kc -  Y(a) S or yc Kc -  Y(ya a) (ys S) ^jn (yA a) = 0
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g  =  a crit “  3
The uncertainty in da/dN  values stems from two sources; scatter inherent 
in the material (COV=15%-25% [6 6 ]) and scatter due to experimental 
techniques (log-normal distribution and COV is app. 50% [6 6 ]). Clarke in 
[62], sets the standard deviation in crack growth rate to a value of 15%.
3.5.2 The Empirical Coefficients in the Paris-Erdogan Law
Reference [6 ] suggests that the following empirical formula relating n and C 
applies for steels:
1.315 xlCT4
C = --------------
895.4"
For structural steels the values for n lie in the range of 2.4-3.6 with an 
average value of 3 [6 ]. As a useful approximation and in the absence of test 
data n * m. Due to the difficulty in predicting the values of m and C, it is 
generally assumed [6 ] that m=3 and C = 1.83xl0-13 will correspond to the 
mean strength.
The crack geometry function, Y(a), varies by crack type as well as during 
crack propagation. This function is usually expressed by the Linear Elastic 
Fracture Mechanics (LEFM) model of which the most frequently used is the 
surface crack by Newman [67]. The Y function may also be expressed as [6 ] 
Y = Mk Yy where Yy is the value of Y for the same crack geometry in a 
plate with no weld and MK is a correction factor allowing for it. Values for 
Yu are provided in [6 8 ], while values for MK are presented in [69, 70] for 
various joint geometries. Y(a) includes the stress concentration factor 
effects. For a circularly shaped crack embedded in an elastic, infinite plate 
Y=1.13, while for an edge crack Y becomes 1.98. For an elliptical surface crack 
in the same plate environment, Y varies from 1.2 to 1.98 depending on its 
aspect ratio. Finite plate correction factors for plate thicknesses and width 
have also been derived by Newman.
3.6 Current Aluminium Fatigue Code Recommendations
3.6.1 The Aluminium Association Recommendations
The recommendations in [21] (1986) were the first to tackle aluminium
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fatigue design in the USA and were based on small scale fatigue tests. They 
assume that the fatigue strength is unaffected by stress ratio R while the 
applied stress range, number of cycles, and structural detail type identify the 
required strength level.
The design strength values are based on the 95% confidence limit (5% 
probability of failure) hence requiring no additional safety factor. Miner's 
rule is recommended for the cases of variable amplitude loading. The final 
design lines have the form presented in Figure 3.15. The maximum 
allowable stress range is kept constant for N in the ranges 0-105, 105-5 xlO5, 
5 x 1 0 5 - 2 x 1 0 6 and greater than 2 x l0 6. There is still a log-log relation 
between the stress range and the number of cycles. Low/high cycle fatigue 
limits are also imposed. The recommendations are not affected by alloy type 
even though significant differences between alloys at the lower cycle range 
are observed [18], the higher strength alloys having higher fatigue strengths. 
At the low cycle range no great difference is observed. Twenty structural 
details are considered (Fig. 3.15) whose categorisation is based only on the 
joint configuration, while environmental, geometrical factors and weld 
quality should be judged by the designer. The databank forming the basis of 
the development of this code was the one jointly formed at Iowa State 
University and the University of Munich under the auspices of ECCS and 
CAFDEE [19,71].
3.6.2 The ALCAN/Canadian Standard Recommendations
These recommendations [14, 15], present the designer with seven classes of 
joints (Classes A, B, B', C, D, E and F) according to their mechanical and 
geometrical features (Fig. 3.16). No distinction is made between the 
different alloy types and the strength is expressed in a log-log linear form 
relating the number of cycles with the 'semi-range' stress. The effects of 
stress ratio R are also accounted for by correcting the basic strength data 
with appropriate magnification factors obtained as shown in (Fig. 3.16). 
Miner's rule is recommended for multiple amplitude loading cases. The 
code advises that uncoated surfaces prone to corrosion should have their 
non-welded nominal fatigue strengths reduced by 50%. No safety factors or 
general safety requirements (lower bound curves etc.) are presented, while 
the test data supporting the choice of curves remain unknown.
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3.6.3 The BS 8118 Recommendations
The BS 8118 recommendations [16] do not discriminate between the 
various alloys and are thus universally applicable. They cover 3000, 5000, 
6000 series alloys and the 7020 alloy in various product forms including 
sheet, plate and extrusions. Design curves are given for plain material with 
different finishes, welded, and for mechanically fastened joints, but not for 
adhesively bonded joints. The joint classes are divided in three categories 
and 29 separate detail types (Fig. 3.17):
(a) non-welded details (7 classes)
(b) welded details on surface of the loaded member (1 1  classes)
(c) welded details at the end connections ( 1 1  classes).
The potential crack location is a key factor in defining classification together 
with the direction of applied loading relative to the weld. The classification 
in the form of Tables (Fig. 3.17) enables the designer to identify rapidly the 
low strength details at the conceptual stage of the design.
Figure 3.18 shows the form of the S-N strength curves put forward. The 
lower five curves have a common slope of m=3. For consideration of 
variable amplitude loading, the design curves demonstrate a change of 
slope to m+ 2  at 5 x l0 6 cycles and a horizontal cut-off at 108 cycles. The 
detail types are given in terms of nine (9) class reference numbers in the 
range of 14 to 60. The reference number is the design stress range 
corresponding to 2  x 106 cycles. Stress ratio, R, effects are not accounted for 
and the basic strength is expressed in a log-log linear form relating the 
maximum allowable stress range with the number of cycles. The S-N 
curves represent the mean minus two standard deviations on laboratory 
data to account for the discrepancies present in the small scale laboratory 
tests (Appendix 3.1). It is recommended that no reliance is made upon any 
fatigue life improvement technique. Hence conservative loadings are 
encouraged and the fatigue strength predictions are assured by using lower 
bound data (mean minus 2  standard deviations) and an attainable weld 
quality.
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3.6.4 The ECCS Recommendations
The ECCS 1991 recommendations [25], are considered in [72] to be the most 
up-to-date, due to the wider number of cases accounted for, as well as the 
large theoretical/experimental background they were based on. The code 
makes no distinction between the various alloy types, except in the case of 
rolled or extruded details. A 'life' design criterion, as well as a serviceability 
criterion are available. Multiple amplitude loading is tackled either by 
Miner's rule or by calculating the constant amplitude equivalent stress- 
range. The joints are divided into 6  main classes according to mechanical 
and geometrical features of the joint (Fig. 3.19). These classes are further 
sub-divided to a total of 32 sub-classes depending on constructional aspects. 
The S-N curves are parallel but not equidistant to each other with two 
different slope values for all 27 welded details (Fig. 3.20). The fatigue 
strength is expressed in S-N form and the values are valid for R=0.5. The 
influence of the stress ratio R is accounted for via a diagram in which an 
appropriate enhancement factor for the basic stress range is provided by a 
linear relationship.
3.6.5 Aluminium Fatigue Design Code Comparison
Mandara et al [72] compared the fatigue design codes by Alcan, UNI, BS 
8118, Aluminium Association and ECCS. This comparison was based on 11 
structural details (Table 3.11) and the stress range was evaluated for N=105 
and N=107, constant loading conditions and R=0.5. The comparison 
demonstrated that:
• In the low cycle range, the Alcan, BS and Aluminium Association 
rules provide the highest design stresses. The Italian Code is more 
conservative with the ECCS predictions lying in between.
• In the high cycle range, BS 8118 is more conservative, and Alcan and 
UNI codes are most optimistic. The ECCS recommendations lie once 
again in between.
• The worst disagreement between the codes was for the cases of the 
base metal and transverse butt welds. In the case of less resistant details 
the agreement is better.
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• The Aluminium Association code shows a discontinuity in predictions 
for N=105 and 2 x l0 6.
• BS 8118 is in good agreement with the ECCS and Alcan codes especially 
for low N values.
Figure 3.21 shows that for a number of basic joints at 107 cycles, BS 8118 
predictions are clearly conservative with the ALCAN recommendations 
tending to be optimistic for some of the weld types. The Aluminium 
Association, UNI and ECCS .codes provide relatively similar predictions.
Kosteas presents an even more detailed comparison between the two most 
developed aluminium fatigue codes with fatigue design strengths provided 
by ERAAS and BS 8118 at 2 x l 0 6 and 105 cycles respectively [19] (Fig. 3.22). 
For parent material, BS 8118 demonstrates lower values w ithout 
distinguishing between alloys. In the case of welded details good agreement 
was generally observed over a large number of classes. The agreement was 
found to be more pronounced at shorter lives. The derivation of the design 
S-N curves, as well as the categorisation of details in classes, is different in 
the two codes due to the different sets of experimental data used in either 
case (different slope values). The lack of a standardised detail categorisation 
between the two codes hindered the comparison by forcing the use of 
equivalent details.
Finally, the main features of the five latest aluminium fatigue design codes, 
namely, the Alcan [14], BS 8118 [16], UNI8634 [73], the Aluminium 
Association [21] and the ECCS [25] recommendations are presented in Table 
3.12.
3.7 Experimental Investigations into the Fatigue Strength of Steel and 
Aluminium Weldments
The main drawback in the development of fatigue codes is that the small 
scale fatigue data generally prove to be inconsistent to that obtained by the 
fewer large-scale tests. The reasons leading to these discrepancies are varied. 
Firstly, small scale tests do not contain realistic representations and values 
of residual stresses and secondary bending stresses that might be present in 
the structure. The larger the test specimen the greater the constraint to 
expansion and contraction during fabrication. As a result the locked-in
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residual stresses developed in the large scale specimens are greater and 
therefore the associated decrease in fatigue strength is expected to be greater. 
On the other hand, small scale specimens do not represent satisfactorily the 
effects of joint preparation, welding process, welding procedure, post-weld 
treatments, environment and loading history. In addition, full scale tests 
contain more and larger flaws resulting in smaller fatigue lives.
Fatigue data sources for steel joints in the form of S-N curves are 
published in references [4, 5,16, 23, 24, 27, 28, 29, 74, 75, 76]. Munse et al [53, 
77] present a wealth of fatigue data on steel ship details. However, the 
limited number of data per joint and limited range of N tested, restrict their 
usefulness. Accurate values of the slope of the S-N curves were hence 
difficult to obtain and might better have been obtained from fracture 
mechanics considerations.
The development of the more recent aluminium fatigue design codes (e.g. 
BS 8118, ERA AS) has demanded (a) the re-evaluation of old fatigue data 
usually carried out in small scale and (b) the generation of new data, more 
'application specific' and in larger scale. The experimental research projects 
aimed to satisfy both of these goals for aluminium joints are described in 
greater detail in Appendix 3.1.
Few experimental investigations into the fatigue strength of welded 
aluminium ship details have been found in the open literature. Beach et 
al in [78] report on a number of fatigue tests of full-scale, ship details (Fig.
3.23). The material was 5086-H116 with 5356 filler metal. The loading 
conditions addressed were hull girder bending and slamming pressures. It 
was concluded that the fatigue life of a continuous longitudinal is 
approximately twice that of a discontinuous one. Approximately the same 
drop in fatigue strength was observed due to the introduction of brackets 
and the geometrical discontinuity thus introduced. In addition, large 
improvements in fatigue life were obtained by sniping the bulkhead 
stiffener (e.g. configurations 7 and 8  - Fig. 3.23) with concurrent benefits in 
the fabrication costs.
Further tests on welded aluminium ship details were presented by Niemi 
et al in [79] on small and large scale specimens constructed of 5083 and 6061 
alloys. The small scale tests were executed at constant amplitude loading
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and at various R-ratio values while the large scale specimens were 
modelled in accordance with the design of the main deck of a Finnish 
patrol vessel in operation and consisted of a 5083 alloy flat plate with two T-­
shaped 6061 alloy longitudinal stiffeners.
The properties of aluminium-steel, explosively bonded, transition joints 
used in ship structures have been studied by Terazawa et al and reported in 
[80,81].
3.8 The Static Strength of Aluminium Welded Joints, Fabrication and 
Aspects of Inspection/Repair
3.8.1 The Effects of Post-Weld Repair Treatments
The decision on whether a weld discontinuity should be repaired or not 
depends on whether the repair action will eventually improve or worsen 
the fatigue performance of the joint. The types of weld discontinuities 
generally considered are porosity, excessive/lack of penetration, weld 
reinforcement, edge misalignment, angular contraction, root concavity and 
cracks.
All improvement methods interfere with the mechanisms of crack 
initiation and propagation usually at the weld toe transition where this 
type of failure is usually expected to initiate. However, as they are expected 
to increase the construction cost they should be avoided unless necessary. 
Different structural details are expected to respond differently to the various 
post-weld treatments but generally, post-weld treatments are more effective 
at smaller stress ranges [82]. Information and specific guidance for the 
fabrication and protection aspects of aluminium alloy structures is 
provided by Bayley in [83].
The two improvement techniques available are (a) weld toe dressing 
(reducing stress concentrations) and (b) residual stress techniques (reducing 
the tensile residual stresses). The former act favourably on the fatigue crack 
initiation period but the benefit of the latter spurs from the reduction of 
their crack growth rate.
Weld toe dressing techniques (hammer peening, shot peening, disc 
grinding or, machining) reduce the level of stress concentrations by
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smoothing out the weld bead and removing all crack-like flaws to a depth 
of at least 0.5 mm below any undercut. The two other non-mechanical 
methods, TIG dressing and Plasma dressing require the remelting of the 
weld toe but being expensive options they are generally avoided. After all, 
they do not guarantee the absence of any additional weld defects. The 
resulting improvement in fatigue strength of a welded fillet joint, both in 
terms of slope of the S-N curve and endurance limit, is demonstrated in 
Figure 3.24. Such an improvement is due to a shift from a crack propagation 
to a crack initiation condition for the joint.
The residual stress techniques superimpose high compressive residual 
stresses where high applied tensile stresses are expected. The most common 
technique is that of cold working of the material surface (hammer peening, 
needle peening and shot peening), producing a layer of compressive stress 
at the surface, balanced by a tensile stress within the material thickness. 
Hammer peening provides the greatest improvement while needle and 
shot peening are less noisy but do not provide any major strength 
improvements (Fig. 3.25). Of the two rem aining m ethods, prior 
overloading introduces high tensile stresses in stress concentration areas 
so that consequent tensile fatigue loads will have no effect on the fatigue 
life of the joint. The danger of deformation however, remains great. Spot 
heating introduces local radial (from the centre of the heat spot) tensile 
residual stress at every stress concentration position (Figs 3.26a and 3.26b). 
The compressive stress components in a tangential direction act outside the 
spot area. The residual stresses thus introduced, clamp the crack tip and 
hence reduce or even prevent further crack growth.
Indications exist that the application of high strength material will greatly 
enhance the beneficial effect of the improvement techniques [2]. However, 
insufficient data are available in this respect and therefore no secure 
guidance is currently available.
For aluminium joints, the effectiveness of the individual post-weld 
improvement techniques has been reviewed and improvement factors 
recom m ended by Hobbacher in [82]. Table 3.13 presen ts his 
recommendations on the most appropriate and efficient post-weld 
treatments for four types of welded aluminium details. The enhancement 
factor of 1.4 (once proper post-weld treatment has been applied) on the 
fatigue strength of these welded aluminium details is not excessive
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considering that, for most of the structural design cases, an improvement of 
40% to 50% was observed. In addition, Kruger and Priesnitz in [84] 
investigated the effect of discontinuities on the fatigue strength of 
transverse butt welds connecting two aluminium plates of 6061 aluminium 
alloy under axial loading. It was concluded that tungsten inclusions have 
no detrimental effect and that pores up to 30% of the weld volume were 
found to reduce the fatigue strength by 20%. Overwelded crater cracks 
reduced the fatigue strength by about 1 0 %.
Following a series of inconclusive experimental investigations [85], the US 
Navy carried out a number of fatigue investigations on repaired and 
unrepaired plate specimens containing transversely and longitudinally 
loaded butt joints, all made of 5456 aluminium alloy, in an attempt to 
provide an answer to the benefit of repair [13]. It was concluded that 
although the use of filler wire that reduces porosity improved the fatigue 
life of reinforced welds, that did not happen for the unreinforced ones. It 
was the surface pore size and not the number of pores that seemed to 
determine their fatigue life. Polishing was not found to increase the fatigue 
life any more than grinding. The porosity did not affect the fatigue lives of 
longitudinal welds at all. Furthermore, lack of penetration did not affect the 
fatigue performance of reinforced welds, leading to the conclusion that, 
although weld reinforcement is generally considered to be detrimental to 
the fatigue performance, it can negate some of the the lack of penetration 
effect. Repaired welds were found to have lives in the range of 30% to 75% 
of those of sound welds. Little benefit was found by pre- or post-heating of 
repairs.
Addressing the concern over the poor fatigue performance demonstrated by 
SES ships, Hardy et al [8 6 ] investigated the effect on the fatigue performance 
of 5086 aluminium joints of Gas and Electron Beam Welding. Transverse 
flat-plate butt and T-fillet weld details were tested under bending loading of 
R=-l. The investigation demonstrated that Gas-MIG and TIG welding 
reduces the fatigue strength of butt welds by 50% compared to 67% for fillet 
welds. Brush shot peening gives an improvement to fatigue performance 
of at least 50% reaching 100% for the case of butt-welds. Values that would 
be best applied as variables in the various peening techniques are 
recommended in [8 6 ]. On the other hand, the study of the effectiveness of 
Electron Beam welding was inconsistent. The fatigue life determined using
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beam specimens was equivalent to that for the parent metal. However, the 
fatigue life determined using flat plate specimens showed no improvement 
over the Gas-welded butt welds.
Polmear in [87] investigated the relative merits of shot peening and TIG 
dressing on the fatigue strength of aluminium butt welded and fillet 
welded plates of 5000 series alloy. It was concluded that the average increase 
in fatigue lives due to TIG dressing ranged between 1.9 to 3.3 times for butt- 
welded plates and between 2.8 and 7.2 for fillet welded plates. The 
variations occur for different load values (mean and stress range values). 
The shot peening investigations concluded that peened specimens (peened 
before preloading) tested with low preload and high cyclic stress up to 1 0 6 
cycles, could accommodate approximately 40% higher stress levels than the 
unpeened ones. If the specimens were peened after preloading the 
percentage increases to 60%. For fillet welds 30% improvements were 
recorded. Previous investigations into the question of post-weld treatment 
of aluminium joints is referenced and discussed in [87].
Crack Repair is usually carried out by using insert plates. Although this is 
initially an expensive operation it is cheaper in the long run because repair 
welds generally crack in a shorter time than the original. Alternatively, a 
method very popular in aluminium superstructure repairs is based on the 
use of adhesively bonded steel or carbon fibre reinforced plastic patches. 
Application of this technique as well as more general applications of 
adhesives are outlined in [8 8 , 89]. The main advantages of this method are 
that cables and lagging do not have to be removed and that the stress 
transition to the adjoining structure is less severe than welded inserts.
For temporary crack growth arrest the traditional method is to drill a hole at 
the crack tip. Insertion of a highly torqued bolt in the hole has been shown 
to increase the fatigue life by a factor 4 to 5 in both steel and aluminium [62, 
90]. This enhancement is due to the introduction of compressive stresses at 
the edge of the hole.
3.8.2 The Static Strength and Inspection Schemes for Aluminium Joints
General guidance for the static design of aluminium welds is included in 
[91] while Soetens in [92] presents the results of an extensive three year 
(1981-1984) numerical and experimental investigation into the static
219
strength of aluminium welded joints whose conclusions were introduced 
into the ERA AS and BS 8118 proposals. The background information on 
the development of the BS 8118 design recommendations for the static 
design of aluminium joints is provided by Cullimore in [93]. Furthermore, 
the layout and background to the guidance by the Aluminium Association 
[2 1 ] concerning inspection, welding and manufacturing processes are 
provided in [94]. More detailed information and experimental data on the 
behaviour of various types of fastening systems, including the welding 
process, is provided by Sharp in [95]. The recommendations have been 
based on the respective steel ones with some adaptations to accommodate 
for the special features of the aluminium material. The BS 8118 weld 
quality, inspection and acceptance criteria, are described in detail in [96]. 
Possible inspection schemes and their optimisation based on the use of 
structural reliability techniques are described in [97].
3.8.3 The Weldability of Aluminium Alloys
As knowledge about welding of aluminium is not widespread, many 
people unfamiliar with aluminium alloys would consider them to be non- 
weldable or in the worst case would choose an inappropriate welding 
process resulting in premature failure. To encourage the proper selection of 
the aluminium alloy for the job in question, one needs to know the:
• property data and characteristics of the aluminium alloy
• weldability of the alloy finally chosen.
The first aspect is satisfied by the publicly available databank called 
ALUSELECT [98] which is the result of an European Aluminium 
Association (EAA) project in association with eight major aluminium 
companies aimed at forming a unified databank of aluminium alloy 
property data. The main difficulty overcome was the need to harmonise the 
different property data presented by the various companies due to 
differences in production technologies. In ALUSELECT, basic mechanical 
and physical properties, as well as technological properties on corrosion, 
brazing, cold forming machining, soldering, surface treatment and welding 
were harmonised (a total of 50 properties).
Weldability is the ability of a material to be welded without cracks or other 
defects being formed to the extent that the integrity of the joint is
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threatened [98]. Indices are used (e.g. A to D or 1 to 5) to compare the 
weldability levels which are generally empirically derived. This approach is 
mostly driven by personal opinion. Supporting decision making data are 
scarce [98]. As a result weldability data for the following five welding 
processes were analysed by Sandstrom [98] and his colleagues (in the same 
EAA project of the ALUSELECT development) namely MIG/TIG, Oxy-gas, 
Electron Beam, Spot welding (hard and soft). The results of this evaluation 
are presented in Table 3.14 out of a scale of 6  for 28 EAA alloys with the 
general conclusions summarised in Table 3.15. Furthermore, guidance on 
the possible and recommended combinations of parent metal and filler 
metal alloys is given in Table 3.16 obtained from BS 8118.
Hot tearing and solidification cracking are considered to be the main causes 
of low weldability in aluminium alloys. Hot tearing occurs when cracks 
form in the grain boundaries of the material when they are exposed to 
stress due to solidification shrinkage and thermal contraction during 
welding. Tearing sensitivity is at a maximum for an alloy content between 
1% and 3% [98] (e.g. AlCu-2000 series, AlMg-5000 series alloys). Copper is the 
dement that has the largest negative influence on MIG/TIG weldability.
Liquifaction in the HAZ can give cracking in alloys (e.g. 6082) which are not 
considered susceptible to tearing. The weld metal compositions can be such 
that the level of alloying elements in the weld metal is higher than in the 
HAZ. Thus in certain temperature intervals (liquid to solid state 
temperature difference) the stresses from the solidification shrinkage in the 
weld metal will directly act on the weaker HAZ which cracks.
As hot tearing is primarily controlled by grain boundary liquifaction, a large 
solidification tem perature should have a negative influence on the 
weldability the value of which has been found in [98] to reduce when the 
solidification interval is increased. Generally copper and elements like lead 
and bismuth, which are added to improve machining characteristics, have 
the largest deteriorating effect on the MIG/TIG weldability. Gas weldability 
is also adversely influenced by lead and bismuth in addition to silicon, 
manganese and magnesium alloying elements. Finally, a list of ten 
references on the background and previous investigations relating to the 
effect of special alloying elements on the weld cracking behaviour of 
aluminium filler alloys and parent materials, is provided in [99].
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Tables
Table 3.1: Factors affecting the fatigue life of welded joints and
their influence [100J.
fM ter* U fn t lA i Fatigue U i i Degree of Influence According to Situation
Primary Sub Detailed 1. Degree of 2. Dependency on 3. Effect on a. Degree of 5. Degree of
Factors Croup Factors Control by 
Designer
Production
Procedures
Fatigue
Life
Reporting 
la S-il Test 
Literature
Differentiation  
in Current 
Design Rules
MATERIAL Composition parent • 0 0 • 0
PHOPZRXIES HAZ 0 • 0 0 0
weld natal • 0 0 • 0
Strength parent • 0 0 • 0
HAZ 0 • 0 0 0
veld natal 0 • 0 0 0
Crala parent 0 0 • 0 0
Stxuatora HAZ 0 • • 0 0
veld natal 0 • • 0 0
CSCKEZXT Menbes(s) Shape • m • • 0
Site and
thickness
• 0 • • •
Straightness 
and Hatansa
• • • 0 0
Joint Type • . • • •
Orientation 
v .r .t  nanber
• “ • • •
le la tlre
proportions
• 0 • t •
F ltnp • • • 0 0
Wald Type • - • • •
Orientation 
v .r .t  Joint
• “ • • •
Site • • • • •
Quality * 0 • • 0 •
LQAOUC Static stzass Primary • 0 • • 0
Li'J ELIS
Secondary t • • 0 0
Residual •* 0 • • 0 0
Dynamic Prlnary • 0 • • •
stxaas Secondary • • • 0 0
Hot spot 0 • • 0 •
Stress
Intensity
0 • • 0 0
Stzass
orlantatloa • 0 • • •
m  1 nflhrilMt Chemical • 0 • • •
Protection • • t 0 0
t«Tt 0  High •  IM tia 0 Lev -  111 * Includes p n iU t  iad other ^Uciaif ta it t t u
** Mid ihtlakai* u d  u i a b l y  i t n u M
Table 3.2: Expressions for estimating the secondary bending stress due
to misalignment [2].
<----------------
(C)
9 ?
( d ) 8.
Type Bending stress. S(
Axial misalignment in butt or 
cruciform joints between flat 
plates:
-  of equal thickness
- of unequal thickness
Axial misalignment in fillet 
welded cruciform joints * B+H
where Sw -  stress on weld throat 
H ■» weld leg length
Axial misalignment in butt 
welded seam of pressurised 
vessel or pipe t
where v -  Poisson's ratio 
B. -  < B,
Angular misalignment in butt 
or cruciform joints between 
flat plates. Boundary conditions 
equivalent to:
-  fixed ends — qc
-  pinned ends
Angular misalignment in seam 
of pressurised vessel or pipe $
Key: * Relevant to fatigue failure in weld throat from root
t  n — 1.5 for circumferential seams and seams in spheres 
n «  0.6 for longitudinal seams 
t  d »  deviation from true circular shape. Assumes pinned end boundary conditions
Table 3.3: Relative corrosion ratings of aluminium alloys [181.
Commercial General corro­
Alloy class alloy example Major alloying elements sion rating4
Wrought, Strain-Hardened
1XXX 1100 Unalloyed A
3XXX 3003 Manganese A
53CCC 5052, 5154 Magnesium A
Wrought, Heat-Treated
6XXX 6061, 6063 Magnesium, silicon B
2XXX 2027,2017, Copper D
2024
7XXX 7075, 7178 Zinc, magnesium, copper C
‘Relative rating! are in decreasing order of merit. Alloys with B ratings can be used in 
industrial and aeacoast atmosphere; alloys with lower ratings generally should be protected, 
especially on faying surfaces.
73?
Table 3.4: R-dependent and R-independent aluminium fatigue
design codes [191.
R-independent R-dependent
Ontario Highway Bridge (1983) DVS 1608 (1969)
Aluminium Association (1985) ALCAN (1983)
BS8118 (1985,1989) UNI 8634 (1985)
ERAAS Fatigue Design (1985) Austrian Code (1988)
Assc. American Railways (1980)
CP 118 (1969)
ERAAS (1992)
Table 3.5: Comparison of fatigue predictions between aluminium
and steel design codes (at 2 x 10* cvcles) [191.
Steel: DIN 15018, DIN 4132, DS 804, DASt Ri 011. EC 3, ECCS TC6 
Aluminium: ERAAS Fatigue Design Final Document
Detail Aluminium range of 
recomm.
Steel
EC 3 
ECCS TC6
Ratio St/Al 
range EC 3
ECCS TC6
A1 130 116-194 160 0,89-1,49 1,23
A2 85 116-194 160 1,39-2,28 1,88
A3 95 116-194 160 1,22-2,04 1,68
A4 70 116-194 160 1,66-2,77 2,28
A5 0.9*A 87-143 0.88*A 0,74-2^7 1.20-2,23
B1 55 93-194 125 1,69-3,52 2,27
B2 50 (77-90) (90) (1,54-1,80) (1,80)
B3 45 76-90 80-40 (?) 1,69-2,00 1,79-0,89
B4 40 52-64 71-50 1,30-1,60 1,78-1,25
B5 45 93-194 125 2,07-4,31 2,78
B6 40 (77-90) (90) (1,93-2,25) (2,25)
B7 35 76-90 80 2.17-2,57 2,29
B8 30 52-64 40 1,73-2,13 1,33
B9 40 93-194 125 2,32-4,85 3,12
B10 35 69-90 90 1,97-2.57 2,57
B ll 30 52-64 40 1.73-2,13 1.33
Cl 60 93 — 1,55 —
C2 45 86-107 100 1,91-2.38 2,22
D1 45 77-100 100 1,71-2,22 2,22
D2 40 77-100 100 1,92-2,50 2,50
D3 35 58-80 80 1,66-2,29 2,29
El 35 50-80 80-71 1,43-2,29 2,29-2,03
E2 23 39-64 (?) — 1,70-2,78 —
E3 35 52-90 90 1,49-2,57 2,57
E4 18 39-51 45 2,17-2,83 2,50
E5 35 50-76 50 (?) 1,43-2,17 1,43
E6 23 39-51 (?) 1,70-2,22 —
E7 18 (?) (?) — —
E8 23 (?) • (?) — —
FI 30 59-90 71 1,97-3,00 2,37
F2 25 36-39 36 1,44-1,56 1,44
F3 20 39-58 50-36 1,95-2,90 2,50-1,80
(?): questionable or problematic classification
(-): no special classification for extruded shapes in steel
Table 3.6: Bias and COV values for the components of B [52].
Table 3.7:
Random variables representing sources 
of uncertainty in fatigue stress estimates Bias4 COV1
3m
3 ,
3 ,
3*
Bh
0.90-1.30* 
Q.60*-l.2Q 
0.60*-1.10 
0.80-1.10  
0.80*-1.20
0.10-0.30*
0.40“-0.60*
0.10-0.30
0.20-0.40*
0.10-0.50*
'Bias »  actual load or stress/load or stress estimated by current analysis pro- 
tedure; for each 3«, the bias can be interpreted as the median value 3( .
"COV -  V exp ((r1) - T ,  in which or «  In (Xy/XO/6; and Xy and Xt -  upper 
ind lower limits of X.
*5j ■ B0 m (0.9)(Q.7) »  0.60 in which P *  percent occurrence of each seas* 
late; and D  *  directionaiity.
“This relatively large figure, which dominates C«, is due to the sensitivity of 
the dynamic response to small variations in T0 • The figure of 0.40 is due to this 
effect only.
T h is figure was obtained by Eq. 10 by assuming "maximum" COV's of 0.4 
for dynamic response, and 0.3 each for directionaiity and percent occurrence ef­
fects. The resulting figure of 0.60 is considered to be the largest reasonable value.
‘This bias occurs when wave spreading is not considered in the development 
of the response spectra.
T h ese  extreme values should be used only w hen supporting evidence exists.
Evaluation of fatigue damage modelling uncertainties using 
different data sets [52].
Data Set
Design factors A B C 0 E F
S-N  curve, in kips m 4.38* 4.38“ 4.42* 3.00* 3.22“ 3.00'
per square inch K 4.6E12 4.6E12 1.55F12 5.25E10 1.29E11 1.46E10
units c« 0.73 0.73 1.35 0.73 1.25 0.67
Rain flow correction X 0.79 0.79 0.79 0.86 0.85 0.86
Damage ratio A 1.00 1.00 1.00 1.00 1.00 1.00
c* 0.30 0.30 0.30 0.30 0.30 0.30
Stress modeling 3 0.80* 0.70* 0.70* 0.70* O.Ttf 0.70'
error
Average frequency, f9t
c, 0.17 0.50 0.50 0.50 0.50 0.50
in hertz 
Safety index implied by* 
RP2A design wave peak
0.25 0.25 0.25 0.25 0.25 0.25
stress rule (60 ksi rule), 8 5.34* 2.78 2.09 2.62 2.57 1.83
*Data from Commentary of API RP2A, p. 81, Fig. C2~5.3-2. (13).
"AWS-X data, elastic range only. See Ref. 14.
T  and K joint data provided by member of Technical Advisory Committee (20).
“T and K joint data: an "improved" version of data set D.
“Values provided by member of Technical Advisory Committee. Value of C, 
now thought to be low.
'Values provided by member of Technical Advisory Committee. Numbers are 
now considered reasonable for "worst case" analysis in which wave spreading 
m d wave directionaiity are not considered.
•As computed by solving for in Eq. 8.
"Relatively high value due to small value of C*. See superscript e above.
'The "T-curve" from Ref. 11.
Note: For a 20-year life. S* -  53.2 ksi; 5 *  0.69 for 20 year-wave. (Same struc­
ture would have 5* m 100 ksi and 5 m 0.57 for 100-year wave dimate.)
Table 3,8: COV values of cycles to failure, VK/ as suggested by Whittaker
for design purposes [66],
Material VH, as a percentage
Sled, S m ^  240 ksi 36
Steel, S m >  240 ksi 48
Aluminum Alloys 27
Titanium Alloys 36
Table 3.9: Statistics of damage at failure, A, assuming a lognormal
distribution (n is the number of specimens) [36].
Variable*
d
Mean
o< &
d
Median 
Ol d
s
Standard 
deviation 
ol d
Coeifi- 
dent ol 
variation 
of d
Crichiow, et *L (12); aa tmalgsinauoa 
of test dau of many configurations 
aad maienais at (light vehicle 
structures including fall seal* /*51 
and C-46 airplane «ia( test 
(am 266) 1-53 140 0.962 0.627
Schijve (501: amalgamation at resulu 
from 19 reports: ail specimens 2024 
and 7073 aluminum 1.72 143 1.61 0.980
RJchart aad Neannark (47); axially 1.27 143 0441 0469
loaded large (3 1/2 X 1/2 in.) 
i penmens at ASTM-A7 (n “  31) 
Richest and Ncwmark (47); routine
(1.79)*
1.47 U 9 0419 0433
beam small specimens (die. “  
0.160 in.) of ASTM-A7 (n -  29) 
Topper, Saador, and Morrow (62); 
strain controlled icau on 2Q24-T4 
aluminum (n ■ IS)
(2.06)*
1.13 1.14 0.186 0.161
Dowling (13); 2Q24-T4 specimens; 
mostly in the elastic rangc. but 
soma with large plastic strains; 
rainllow method used to count 
cycles (n -  13) 0.863 0.823 0.271 0414
Topper aad Saador (63); strain con­
trolled tcsu on 2024-T4 aluminum 
with tensile aad compressive mean 
stresses ( a *  11) 0.836 0.809 0419 0462
Miner (36); tesu ran at two or morn 
stress levels on 234-T Alcad
(n -  U) 0.980 0.949 0431 ’ 0436
Schilling (52k welded cover plated 
beam specimens of A36 aad ASTM 
A314 under simulated random 
bridge loading (n ”  36) 1.44 143 0.78 044
SAC Fatigue Design dc Evaluation 
Committee; tesu on Man-Ten <k 
RQC-100: notch spedmea with 
eydic piastidty at notch root; 
See Table 111; (n *  34) 1.46 1.09 140 0.889
Swanson (60); an amaigsmauon of 
random fatigue test dau (n “  671); 
Values based on aa uaumption the 
C, -  0.60. and (1.0) -  0.47 1.21 1.04 0.726 0.60
‘ Estimates of a , if*'" 8 a Mminimum SN carve.'*
Table 3.10: Statistical summary of models of composite data [361.
Variable
Mean
A
Median
A
C.O.V.
( ^ )
Percentage 
less than 1.0
Composite (ail data; rt = 537)
Smooth specimen composite (all data e x ­
c e p t  Crichiow Schilling, and SAE; n  »
1.35 1.13 0.643 42
183)
Composite (all data except Crichlow’s 266
1.06 0.997 0.380 51
points; rt »  271) 1.17 1.01 0.612 49
Aluminum (all data; rt = 389) 1.33 1.11 0.650 43
Steel (all data; rt =* 148)
Full scale structural components (Crichiow
1.37 1.16 0.638 40
& Schilling's data, rt »  300) 1.50 1.27 0.620 34
Table 3.11: Mandara et aTs comparison of the equivalent detail
categorisation of the Alcan, UNI, BS8118, A lum inium  
Association and ECCS fatigue design codes [72].
ALCAN UNI BS A.A. | ECCS DETAIL DESCRIPTION
l \ A A 50 A A3 Base metal
2 B’ B 41 B B1 Butt weld transverse with 
overfill ground flush
3 C D 30 C B2 Bun weld transverse 
with overfill
4 C C 30 B C2 Longitudinal butt weld 
with overfill
5 C - 41 B D1 Longitudinal fillet weld 
without interruptions
6 D - 30 - D2 Longitudinal fillet weld 
with interruptions
7 E D 27 F E8 Transverse attachment
8 D F 23 E FI Butt or fillet weld 
cruciform joint
9 E F 20 E FI Butt or fillet weld 
cruciform joint
1 0 E G 23 F E6 Flange attachment
1 1 E G 17 D E4 Flange attachment
Table 3.12: The main features the Alcan, BS8118, UNI8634, Aluminium
Association and the ECCS recommendations [72].
ALCAN | UNI | BS A. A. || ECCS
1
Type of 
alloy
rules apply to 
3000,5000, 
6000 and 7000 
alloy series, but 
without any 
distinction.
rules apply to 
5000,6000 and 
7000 alloy 
series; material 
influence on 
strength 
parameters is 
taken into 
account.
rules apply to 
3000,5000, 
6000 and 7000 
alloy series, but 
without any 
distinction; 
other alloy 
types can be 
also used.
no difference is 
made among the 
type of alloys.
rules apply to 
all alloys listed 
in ERAAS; 
distinction 
among 5000, 
6000 and 7000 
alloy series is 
made for the 
>ase metal only.
2
Safety
concept
the safety 
concept is not 
discussed.
rules are based 
on the safe-life 
limit state.
rules are based 
on the safe-life 
limit state 
(or damage 
tolerant fail-safe 
limit state if 
economically 
justified).
the safety 
concept is not 
discussed.
rules are based 
on the safe-life 
limit state 
even if a 
procedure is 
supplied for 
fail-safe limit 
state design.
3
Safety
factor
no safety factor 
is supplied.
rules provide 
two values of 
the safety factor 
v1 and v2 for 
static and cyclic 
loads
respectively.
rules provide 
two values of 
the safety factor 
Yn* and “ft. for 
fatigue
inspection and 
design life
no safety factor 
is supplied.
no safety factor 
is supplied.
respectively.
4
Details
6 joint classes 
are defined 
according to 
their mechanical 
and geometrical 
features.
7 joint classes 
are defined 
according to 
their mechanical 
and geometrical 
features.
29 joint classes 
are defined, 
divided into:
1. non welded 
details
2. welded 
details on 
loaded members
3. welded 
details at end 
connections.
20 structural 
details are 
defined 
belonging to 6 
strength 
categories.
32 joint details 
are defined 
belonging to 6 
classes, 
according to 
their mechanical 
and geometrical 
features.
5
S-N curves
for each detail 
class the 
Aa/2-N curves 
are provided in 
graphic form.
for each detail 
class the fatigue 
strength f ^  is 
provided as a 
function of:
- cycles number 
N
-alloy type
- stress ratio 11
- load versus.
for each detail 
class the A<j-N 
curves are 
provided in 
graphic and 
tabular form.
for each 
strength 
category the 
Act-N curves are 
provided in 
tabular form; 
these curves are 
not condnuos.
for each detail 
class the Aa-N 
curves are 
provided in 
graphic and 
tabular form.
6
influence
of
thickness
it is not taken 
into account.
it is not taken 
into account.
it is not taken 
into account
it is not taken 
into account
for t>25mm 
fatigue strenght 
is reduced 
according to the 
formula
7
influence 
of the 
stress 
ratio R
a suitable 
diagram is 
supplied to take 
into account the 
influence of the 
stress ratio R.
the dependence 
of the design 
strength on R is 
expressed by 
means of Moore 
diagrams and 
tables.
Ac values do 
not depend on 
R.
devalues 
depend on R for 
mechanically 
fastened joints 
only.
for R< 0.5, an 
enhancement 
factor of Aa is 
considered.
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Table 3.13: Hobbacher's recommendations on the most appropriate and
efficient post-weld treatments for four types of welded  
aluminium details and relative improvement factors [82].
Structural detail Treatment method Factor
transverse butt weld laser dressing 
TIG dressing 
brush peening 
shot blasting
1.4
cruciform joint fillet welds hammer peening 1.4
longitudinal stiffener grinding and hammer peening 1.4
transverse stiffener brush peening (no roiled lips) 1.4
Table 3.14: Results of Sandstrom et al's evaluation of the weldability of
EAA (ALUSELE C1) alloys for five welding processes (least 
preferred=2, most preferred=6) [981.
Alloy Composition (wt. % ) MIG/
TIG
Electron
Beam
Gas Spot
Hard Soft
AA2030 A13.9Cu i.2Pb 0.9Mg 0.6Mn 2 2 4
AA2017A Al 4.0Cu 0.7Mn 0.7Mg 0 JSi 3 5 2 5 5
AA2007 A14.0Cu 1.2Pb l.lMg0.8Mn 2 2 4
AA2024 Al 4.4Cu 1.5Mg 0.6Mn 3 5 2 5 5
AA2014A Al 4.5Cu 0.8Mn 0.7Si OJMg 3 5 2 5 5
AA2014 Al 4 JCu 0.9Si 0.8Mn OJMg 3 5 2 5 5
AA2011 Al 5.5Ca 0.4B10.4Pb 2 2 3
AA6060 Al OJMg OJSiFe 6 5 5 5
AA6005A Al 0.6Mg 0.7SiMnCr 6 5 5 5
AA6063 Al 0.7Mg 0.4Si 6 5 5 5
AA6082 Al 0.9Mg l.OSi 0.7Mn 6 5 5 5 4
AA6061 Al l.OMg 0.6SiCuCr 6 5 5 5 4
AA7020 Al 4.5Zn 1.2MgMnCrZr 5 5 5 5
AA7075 Al 5.6Zn 2.5Mg 1.6CuCr 3 5 3 5 5
AA7010 Al 6.2Zn 2.4Mg 1.8CuZr 3 5 3 5
AA5005 Al 0.8Mg 6 6 5 6 5
AA5005A Al 0.9Mg 6 6 5 6 5
AA5251 Al 2.0Mg 03Mn 6 6 5 6 5
AA5052 Al 2 JMgCr 6 6 5 6 5
AA5454 Al 2.7Mg 0.8MnCr 6 6 4 6 5
AA5754 Al 3.1MgMnCr 6 6 4 6 5
AA5154A Al 3.5MgMnCr 6 6 4 6 5
AA5086 Al 4.0Mg 0.5MnCr 6 6 4 6 5
AA5083 Al 4 JMg 0.7MnCr 6 6 4 6 5
AA3103 Al i.2Mn 6 6 6 5 4
AA3003 Al 1 JMnCu 6 6 6 5 4
AA1200 A199.0 6 6 6 5 4
AA1050A A199.5 6 6 6 5 4
Table 3.15: Identification of the most appropriate welding techniques for
individual aluminium alloys.
Welding Process Preferred Avoided
MIG/TIG 6000 series, Non-hardened, 
7000 series (no copper)
2000,7000 (with Cu), 
lead alloys
Gas Pure, 3000, 6000 series Copper alloys
Electron Beam All alloys -
Spot* High strength alloys, 
-H, -T tempers
Low strength alloys 
-O, -F tempers
[*) Twrtper depend wit weidabilify.-O (aruiaalad), -F (untreated, as hot worfcedVH (hard cold w orked), -T (aged).
Table 3.16: Combinations of parent metal and filler metal as
recommended by BS8118 [16].
Selection of filler wires and rods for inert-gas welding
h im  natal w M m rtoa11
1st part
S I M A
0001
0069
0069
7020
1200
2nd rut
LMS
TVpe 5 
Type 5 
Type 5
TVpe 5 
Type 5 
Type 5
Type 5 
Type 5 
Type5
Type 5 
Type 5 
Type 5
Type 5 
Type 5 
Type 5
Lais
LMS
NR3)
NR2)
Type 4 
Type 4 
Type 4
NR2)
3103
310S
LMS
LM2S
Castings
LMS
Castings
Type 5 
Type 5 
Type 5
NR2)
Type 5 
Type 5 
Type 5
Type 4 
Type 4 
Type 4
3108
3106
Type 5 
Type 5 
Type 5
Type 5 
Type 5 
Type 5
Type 4 
Type 4 
Type 4
Type 5 
Type 5 
Type 5
Type 4 
Type 3/4 
Type 4
Type 4 
Type 4 
Type 4
Type 4 
Type 4 
Type 4
Type 34) 
Type 3 
TypeS4)
1200
Type 5 
Type 5 
Type 5
Type 5 
Type 5 
Type 5
Type 4 
Type 4 
Type 4
Type 5 
Type 5 
Type 5
Type l4) 
Type 1 
Type l4)
5556A 
Type 5 
5S56A
Type 5 
Type 5 
Type 5
Type 5 
Type 5 
Type 5
5556A 
Type 5 
Type 5
0061
6063
Type 5 
Type 5 
Type 5
TVpeS 
Type 5 
Type 5
Type 4/5 
Type 4 
Type 4
S1S4A
9281
S4M
Type 5 
Type 5 
Type 5
TypeS 
Type 53) 
Type 5
9063
5S56A 
Type 5 
Type 5
Welding filler metals
Filler
metal
group
BS alloy 
designation1!
ISO alloy 
designation*'1
Durability
rating
TVpe 1 1080A A199.8 A
1050A A199.5
Type 3 3103 Al Mnl A
Type 4 4043A Al Si5(A) B
4047A3) Al Sil2(A)
TVpe 5 5056A Al Mg5 A
5356 Al Mg5Cr<A) A
5556A Al Mg5,2MnCr
5183 Al Mg4,5Mn
11 See BS 2901 : Pan 4 for chemical composition.
21 Or nearest equivalent.
31 4047A is specifically used to prevent weld metal cracking in 
joint involving high dilution and high restraint. In most cases 
4043A is preferable. ________________
11 Filler metals for parent combination to be welded are shown in one box. which is located at the intersection of the relevant 
parent metal row and column. In each box, the filler metal for maximum strength is shown in the top tine; in the case of 8 *  *  * 
and 7020 alloys, this will be below the fully heat-created parent metal strength. The filler metal for maximum resistance to 
corrosion is shown in the middle line. The filler metal for freedom from persistent weld cracking is shown in the bottom line.
21 NR -  Not recommended. The welding of alloys containing approximately 2 X or more of Mg with Al-Si (5 X to 12 X Si) filler 
metal (and vice vena) is not recommended because sufficient Mg^ Si precipitate is formed at the fusion boundary to embrittle the 
joint.
31 The corrosion behaviour of weld metal Is likely to be better if its alloy content is dose to that of the parent metal and not 
markedly highec Thus for service in potentially corrosive environments it is preferable to weld S154A with 5154A filler metal or 
5454 with 5554 filler metal. However, in some cases this may only be possible at the expense of weld soundness, so that a 
compromise will be necessary.
41 If higher strength and/or better crack re ■stance is sssenhsl, type 4 filler metal can be used.
NOTE 1. Ihble derived horn BS 3019 : Part 1 and BS 3871 : Part I.
NOTE 2. Fbr particular filler metal alloys in each alloy type see table__________________ ________________________________
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Figures
Figure 3.2: Dimensions relevant to size effects in transverse and butt
welded joints [2 ].
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Figure 3.12: Description of a 'block' type load sequence employed in
experimental techniques and Miner's Rule evaluations [2],
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CHAPTER 4
4.0 Ultimate Strength M odelling of the Behaviour of the Main 
Structural Components
4.1 Welding Effects in Steel and Aluminium Structures
Two types of mechanical imperfections generally affect the capacity of a 
structural element:
• residual stresses
• HAZ effects (only in aluminium welded structures).
The former result in a reduction in compressive strength of the welded 
section due to the introduction of compressive 'locked-in' stresses in the 
section. The effect of the latter is, however, of different nature as it reduces 
the strength of the parent material at zones adjacent of the weld. Due to the 
micro-structure changes it introduces in the material, its effects are 
considerable for aluminium alloys drawing their strength from heat- 
treatment (e.g. 6000 series alloys) and negligible for the 5000 series alloys 
unless they are in their work-hardened temper. A key factor in welded 
aluminium design is the ability to accurately account for the effects of HAZ 
softening, especially for heat-treated aluminium alloys.
4.1.1 Residual Stresses
4.1.1.1 Residual Stresses in Steel and Aluminium Sections
Residual stresses are caused by thermal processes such as cooling of 
extrusions and welding, and mechanical processes like cold rolling and 
straightening.
For extrusions, the intensity of residual stresses, due to thermal processes is 
strongly related to the rate of non-homogeneity of plastic deformation 
during the cooling stage of the extrusion process. This rate is higher if the 
thermal conductivity k is lower and is threfore inversely proportional to the 
specific heat c, the thermal expansion coefficient a  and the specific weight of 
the material y, all forming the thermal diffusion factor k/yc. In 
aluminium alloys this factor is ten times higher than steel [1].
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It is therefore not surprising that studies on the residual stresses in 
extruded a lum inium  sections and hot rolled steel profiles [2, 3] have 
concluded that for steel hot-rolled profiles, the residual stresses due to 
cooling may reach values between 0.3-0.5 of the yield limit compared to 
extruded aluminium profiles for which the residual stresses are negligible 
and may therefore be neglected.
For welded sections, however, the 'locked-in' stresses cannot be neglected. 
The intensity of the heat input, and therefore the magnitude of the residual 
stresses, is related to the type of welding process used, the weld sequence, the 
pass size and the weld penetration. Their relation with the thermal 
diffusion factor of the material means that they are lower in aluminium 
than in steel structures (higher thermal conductivity, and smaller specific 
weight for aluminium). Experimental investigations by Mazzolani [4] and 
Gatto et al [5] have concluded (see [6]) that the effect of welding residual 
stresses in lowering the resistance of welded compression bars of 
aluminium alloys is smaller to the corresponding effect in steel bars by 
approximately 40%.
4.1.1.2 Residual Stress Models
The nature and distributions of locked-in residual stresses during hot and 
cold forming and during welding of steel sections and plates are described in 
great detail by Faulkner in [7]. They are therefore not tackled herein.
For residual stresses in aluminium structures, there are mainly two models, 
describing their extent and strength, and are the results of two extensive 
experimental investigations. One is attributed to the ECCS [8] and is the 
result of work carried out in Italy, while the second is the result of extensive 
work at Cambridge University [9,10] which has later been promoted by the 
BS 8118 guidelines. Based on the investigations by Mazzolani and Gatto [4, 
5], ECCS recommend the use of three empirical models describing the 
residual stress distribution in three specific built-up aluminium sections (I 
sections with fillet welds, I sections with butt welds, box sections 
respectively).
The BS 8118 (Cambridge) model is to be preferred over the ECCS as their 
comparison [1] showed that despite the fact the ECCS models are closer to 
experimental results and the magnitude of the residual stress predictions of
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the two models is comparable, the British models allow extrapolation to all 
types of joints.
The Cambridge University model is based on the Tendon Force Concept 
first developed to model the residual stresses and their effects in welded 
steel sections and was later extended by Wong [9, 10] to the case of non­
linear materials (e.g. aluminium). The tendon force Ft is defined by the area 
A ACC (Fig. 4.1), and is insensitive to the width of the tension zone, plate 
dimensions, material yield stress and actual stress pattern on the cross 
section. This force is resisted by the whole cross section and when is divided 
by the total plate area, it gives the overall compression stress on the whole 
plate. Wong provided detailed expressions [10] of the magnitude of the force 
relative to Q/u, the heat input per unit length of weld and  Aw, the cross 
sectional area of the weld deposit and not relative to the yield stress of the 
parent of filler materials. The weld deposit and the reduced-strength area 
Ahazwere thus related by the empirical relation:
It was on this work by Wong that BS 8118 based its approach providing two 
different values for the residual compressive force depending on the 
hardening method of the alloy:
In other words, the value of the compressive residuals (tendon force) in 
heat-treated alloys is half of that for non-heat-treated alloys. Approximate 
Ahaz values are provided in BS 8118 and are presented in Table 4.1.
4.1.2 HAZ Effects in Welded Aluminium Structures
The effects of heating generated by the welding process is to alter the heat 
treatment of the aluminium alloy material and introduce softened zones of 
reduced material strength in the vicinity of the welds. This softening is 
more significant in the 6000 and 7000 series alloys and in the 5000 series 
alloys only when these are at a work-hardened temper. It is the extent and 
strength of this reduction that investigators and codes have attempted to 
model as accurately as possible.
AH A Z  — 10 A
For 5000 series alloys 
For 6000,7000 series alloys
Ft = AhaZ/ 2 In Newtons
Ft = Ah^ / 4 In Newtons
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4.1.2.1 The Strength and Extent of HAZ Effects
The first attempt to identify and model the extent and strength of the HAZ 
effects was by Hill et al [6] in 1962 in the USA. The "reduced-strength zone" 
model (HAZ) was then introduced for the first time and consisted of a 
uniformly softened zone adjacent to a weld, with a sudden jump to full 
parent strength (Fig. 4.2). This rule, however had the disadvantage that it 
identified the extent of the HAZ irrespective of parent alloy, plate thickness, 
welding parameters or welding process considerations to 25 mm on either 
side of the weld (from the centre-line of a butt-weld or the root of a fillet 
weld).
This 'one-inch' rule persisted up until a decade ago (1983) with the French 
specifications [11] and CPI 18 promoting it. It was, in 1977 with the 
experimental investigations of Gatto [5] that it was observed that the extent 
of the HAZ region could take values below 20 mm on either side of the 
weld and led to the ECCS recommendations of 1978 (ERAAS) [8], and its 
more modern versions (Figs. 4.3 and 4.4) which refer to butt-welded joints 
and built-up welded sections respectively. Parts (a) and (b) of the figures 
refer to residual stress models and the elastic limit variation a02 
respectively). These recommendations are however only restricted to the 
sections shown in the figures.
Experimental plots of the strength variation within the HAZ have been 
presented by Kelsey [12], Pirner [13], Wong [9,10], Mazzolani [5, 14], Soetens 
[15] and Robertson [16] mostly in the form of hardness surveys. All these 
investigations, with the exception of those by Wong and Robertson, do not 
relate the extent of the HAZ to the welding parameters namely the weld 
deposit area Aw and the arc heat input Q/u per weld unit length (J/mm).
In 1985 work at Cambridge University by Robertson and Dwight [16, 17] 
tackled the question of HAZ effect representation in the most 
comprehensive way to date. Their work concentrated in providing accurate 
estimates of the extent and the strength of the HAZ softening using Kelsey's 
[12] earlier description (Fig. 4.5). It was shown that the extent of the HAZ is 
affected by:
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• the metal temperature at the beginning of welding
• effect of the plate thickness
• the built-up of temperature in multi-pass welds
• neighbouring parallel welds; if these are laid simultaneously the extent 
of their combined HAZ increases
• the positioning of the weld too near to a free edge. The HAZ softening
increases as in this case the heat dispersal is by far less efficient. In this
case the effect was found to depend on the ratio between the distance of 
the weld to the free edge and the extent of the HAZ calculated 
disregarding the free edge effect.
The model is described in more detail in Appendix 4.1. This work was 
however restricted to 6000 series alloys and was later (1988) extended to 5000 
series alloys for use in the development of BS 8118 by Shercliff [18].
4.1.2.2 The BS 8118 Approach
According to BS 8118 [19] the HAZ is assumed to extend a basic distance zD 
in any direction from a weld (Fig. 4.6) given by the lesser of:
Alloy series All weld types
7000 z„ = 30 + (tA/2) mm
other alloys zo =20 + (tA/3) mm
OR
Alloy series In-line butt welds Other butt-weld types/
all fillet weld types
7000 z0 =4.5 tA mm z„ =4.5 te/tA mm
other alloys z o = 3 tA mm zo = 3 tg/tA mm
tA is the lesser of 0.5(tB+ tc) and 1.5 tB. tB/ tc are the thickness of the 
thinnest and thickest elements welded together respectively. Elevated 
material temperatures prior to welding are accounted for via a 
magnification factor a while the Tree edge" effects and additional heat 
concentrations due to adjacent welds are accounted for via the 
magnification factor T|:
261
z = a T1 zG
The values are given in tabular form in the BS 8118 document itself, but the 
main trends for a single, straight, continuous weld are as follows:
It is suggested therefore, that for very large welds, the basic HAZ width is 
doubled. T| can be as high as 1.33 and 1.5 in the worst of cases. Proper 
temperature control during fabrication is therefore essential to restrict the 
extent of the HAZ softening. Table 4.4 presents the level of parent material 
strength reduction due to HAZ softening for a number of aluminium 
material alloys, as recommended in BS 8118 and herein.
4.2 The Design of Steel and Aluminium Flat Plates
4.2.1 Introduction
Plate elements can be found in several structural systems such as those of 
built-up sections, stiffened panels and shells and can be stiffened by 
longitudinal and/or transverse stiffeners. Plates/panels subjected to 
compression have to be checked against:
• buckling of the plate element between stiffeners under all the possible 
load combinations and destabilising the latter
while the strength of the stiffening system has to be checked against:
• plate induced interframe stiffener collapse
• tripping failure of the stiffener (due to lack of sufficient lateral stiffness)
• overall grillage collapse
• local buckling of stiffener elements
• insufficient rigidity and stiffness of the stiffeners.
The effects of coexistent lateral pressure, in plane shear loads, and biaxial 
compression should also be properly accounted for.
weld deposit area
<50 mm2 
>50 mm2
!c
<25 mm 
>25 mm
1.0
2.0
a
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Generally, the main type of framing found in ships is longitudinal, 
presenting 'long' plates in the direction of the main compressive loading. 
The main function of the transverse stiffeners/frames is to resist the 
hydrostatic and hydrodynamic loads acting on the wet decks and side shell 
of the structure.
The overall grillage collapse mode consists of the global deflection of both 
longitudinal and transverse stiffeners, and is unlikely to be encountered in 
practice except for lightly Stiffened panels found in superstructure decks. 
Stiff transverse frames and bulkheads would insure that this failure mode is 
avoided. Generally, the weakest mode of failure is inter-stiffener plate 
buckling. Once the plate has buckled and stops being fully effective, 
interframe, plate induced stiffener (and associated effective plating) collapse 
is expected to occur. This is the failure mode forming the basis of stiffened 
plate design.
4.2.2 Types of Buckling Models
In tackling the buckling question of plate elements as well as stiffened 
elements (stiffener/plate section), it is widely accepted to treat them as 
columns. The plate element is easily converted by means of an 'equivalent' 
slenderness to a column of the length equal to the length of the plate in the 
direction of in-plane loading and cross sectional properties equal to those of 
the plate. Boundary conditions can be considered in detail but pinned 
boundary conditions are more widely acceptable as a simplifying and 
simultaneously conservative assumption.
For stiffened plates, the same approach as for the plates apply, only this 
time the 'equivalent' column cross section is assumed to consist of the 
sectional area of the stiffener and the effective width of the plating as 
calculated from post-buckling considerations of the plate in-plane strength.
Since the buckling behaviour of structural elements can be modelled by the 
behaviour of an 'equivalent' pin-ended column, it is important that some 
attention is paid to the general trends in modelling their strength. These can 
be categorised in two groups:
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(a) a group that concentrates more on the effects of initial imperfections 
and does not directly account for the effects of residual stresses in the 
ultimate strength of the plate/stiffened plate (Perry-Robertson approach)
(b) a group which concentrates in the effects of residual stresses but does 
not account implicitly for the effects of initial imperfections (tangent 
modulus approach).
The former category would be most appropriate for structural components 
whose ultimate strength is very much dependent on the level of initial 
imperfections, like for columns whose reserve strength in the post-critical 
region is minimal. On the other hand, the latter category is particularly 
attractive for structural elements with considerable post-buckling strength 
(e.g. plates/stiffened plates). Although their critical buckling strength is 
considerably affected by the presence of initial imperfections, the ultimate 
strength level will be affected more by the presence of residual stresses (and 
HAZ effect in the case of heat-treated aluminium alloys) than from initial 
imperfections.
The most popular of the former category is the Perry-Robertson equation 
and its consequent variations. In 1886 that Ayrton and Perry [20] put forward 
their basic strut formulation. Robertson's 1925 [21] variation of Perry's 
expression, mostly known as the Perry-Robertson expression, has formed 
the basis of British and ECCS steel and aluminium column design codes. 
Godfrey [22] has introduced a variant to this model while a variation of this 
expression is used in France and was based on work by Dutheil [23]. Perry's 
original formulation was [24]:
where a E,a y o, are the Euler stress, material yield stress (for steel) and 
average applied failure stress respectively. This expression was based on the 
assumption of pinned boundary conditions, the existence of an initial 
sinusoidal out-of-straightness, A, the absence of any residual stresses and 
the restriction of behaviour and failure to the elastic limit.
The original 'Perry constant', T|, is given by rj = (Ay/r2). r is the radius of 
gyration and y the distance of the extreme fibre of the cross-section from the
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neutral axis. It is obvious that the value of r| will influence the final shape 
of the strut curves and this is where the variations on Perry's approach are 
introduced.
Robertson assumed that the initial out-of-straightness is proportional to 
the strut length i.e.:
L
T| =  a  — 
r
and calibrated the curve to steel experimental results so that a  = 0.003. 
Godfrey's 1962 variation assumed that the initial out-of-straightness is 
proportional to L2 and proposed
r| = 0.3 '_ k _ v
100r
Dutheil, not only assumed that the initial out-of-straightness depends on 
L2, but that it decreases as the yield stress of the material increases:
11 = 0.38 l I
W [l00r J
Dutheil's expression leads to stresses below the Godfrey curve.
D w igh t  in 1975 [24] put forward the modified Perry-Robertson expression, 
calibrating the original Ayrton-Perry expression to the european steel strut 
data. The value of the Perry constant, r|, was hence proposed as:
for — < Sc 
r
for — > Sc 
r
and S. =0.2ti J —
In other words, XQ =0.2 at which the limit of low slenderness is set. a  is a 
data fitting parameter. This work has formed the basis of the ECCS steel 
column curves currently in use.
In general, residual stress effects would be accounted for by the use of 
empirically derived, higher, values of T| in the various code proposals.
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The only advantages of the Perry-Robertson formulation, and its variations, 
stem from its simplicity and the ability to account for the stress 
magnification occurring due to the inherited out-of-straightness. The 
disadvantages, however,may be considerable and are therefore summarised 
as follows:
(a) it is a pessimistic approach as it reduces failure to first yield without 
considering the shape factor of the cross-section
(b) ignores strain hardening
(c) ignores residual stresses (were accounted for by an increased out-of 
straightness assumption in design codes)
(d) it is curve fitted to available experimental/numerical data and 
therefore its accuracy depends on the quality of this data.
The aforementioned methods tackle the effect of magnification of load in 
the presence of initial imperfections. In addition, there are three ways to 
account for the interaction of yielding and elastic buckling in the elasto- 
plastic buckling range. By means of:
1. the circular Merchant-Rankine formulation,
where aCT is the critical buckling stress for imperfect structures.
2. the Perry-equation, where 8 is a curve-fitting coefficient to test data,
3. the r|-method, or tangent modulus method, where rj is a plasticity 
reduction factor,
The main drawback of the former two approaches is that they do not allow 
implicitly for the effects of residual stresses and HAZ effects (in the case of 
aluminium alloys). For the Merchant-Rankine formulation this problem is 
overcome by the introduction of 'elastoplastic knockdown factors' as used by 
Odland [25], Cho and Frieze [26] and Odland and Faulkner [27]. The
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introduction of an appropriate correction factor, 5, for these effects is the 
solution to the problem for the Perry formulation.
However, it is the detailed consideration of residual stress effects and the 
potential to extend this method to account for HAZ strength reductions that 
makes the tangent modulus approach most attractive. It is therefore 
recommended and adopted in the work that follows.
The tangent modulus approach is widely accepted in North American 
design codes and the 'unified' buckling formulae prescribed are based on it. 
Although residual stress effects and material non-linearities (i.e. 
aluminium) are easily accounted for by this method the effect of any initial 
imperfections has to be accommodated empirically, in the form of reduction 
coefficients which have been derived from calibration of these strength 
curves to appropriate experimental data.
Figure 4.7 demonstrates the relationship between the critical stress of an 
ideal steel column and the slenderness. It is observed that the shape of the 
curve is controlled by three parameters, the modulus of elasticity E (defining 
the Euler Hyperbola) the proportional limit ap and the yield stress a y which 
identify the inelastic part of the curve AB. The inelastic curve AB, derived 
from the tangent modulus concept is generally expressed by the quadratic 
parabola:
This expression can be simplified in two forms:
(a) a form that is generally used in the 'unified' North American codes 
for both steel and aluminium structures
where the coefficients a and b depend on the yield stress, proportional stress, 
the type of section and the mode of buckling failure considered (e.g. in-plane 
compressive loads, flexural-torsional buckling etc.), or
(b) in the form of the Ostenfeld-Bleich parabolae given by:
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This approach has been promoted by Faulkner [28] in modelling the 
inelastic buckling behaviour of unstiffened/stiffened steel plates and shells. 
A brief historical review of the development of the tangent modulus
4.2.3 The Tangent Modulus Approach
Considere and Engesser (in 1889) were the first to use Euler's critical 
buckling formulation for the description of inelastic buckling strength, by 
introducing a variable modulus of elasticity, rj = Et/E = da/de of the 
material stress-strain curve. Although Considere did not recommend an 
expression for the variable modulus of elasticity, he recognised that as an 
axially loaded column stressed beyond the proportional limit starts to bend, 
the stresses on the concave side increase according to the compressive stress 
strain curve whereas the stresses on the convex side decrease proportionally 
to the strain. Engesser in 1895, accounted for Considered concept by 
presenting the double-modulus theory [29] according to which, the variable 
modulus of elasticity, E, is given by:
where I is the moment of inertia of the cross-sectional area about the 
neutral axis of the section, and Ilr I2 are the moments of inertia of the cross- 
sectional areas separated by an axis parallel to the neutral axis and 
positioned in such a way so as the cross sectional stress developed prior to 
deflection remains unchanged. The moments of inertia of these two areas of 
the cross-section are taken about this axis. The position of this axis is 
identified by equilibrium of external and internal forces to the section. 
Hence, the value of E depends on the shape of the cross-section and the 
properties of the material. In 1912 Southwell also presented the same theory 
as a result of his own work, apparently not being aware of the work by 
Considere and Engesser.
Bleich in [29] concludes that the tangent modulus approach is more
t
approach is given next.
E = e Jx + E, k  
I ‘ I
and hence
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conservative than the double-modulus concept as r\ is smaller for the 
tangent modulus approach. In addition, in the tangent modulus theory, and 
hence the inelastic buckling strength of the column, is not affected by the 
shape of the column section and depends only on the elasto-plastic 
behaviour of the material.
It was not until 1947, that Shanley challenged the correctness of the double­
modulus concept and its main assumption that until the reduced critical 
buckling load is reached, the column remains straight. Based on 
experimental results showing that the double-modulus concept 
overpredicted the inelastic critical buckling strength, Shanley accounted for 
the fact that once the tangent modulus load is reached (less than the reduced 
load estimated by the double-modulus approach) the column will start 
deflecting with increasing axial load, and therefore the column buckling 
strength will in reality be between the tangent modulus and the double­
modulus predictions. Detailed expressions for various structural elements 
were presented (Table 4.2 and Figure 4.8). As it is observed, although the 
tangent modulus does not accurately define the actual buckling load, it 
provides a lower limit of the buckling load, which for most structural 
metals is only slightly below the actual critical column load [29]. So 
Engesser's original formulation is preferable for its simplicity and sufficient 
accuracy.
4.2.4 The Ultimate Strength of Longitudinally Loaded, 'Long*, Plates
The subject of post-buckling behaviour and ultimate strength of steel plate 
elements in uniaxial compression has received a large amount of attention 
in the last 15-20 years. The formulations used in the analysis of plates have 
changed emphasis with time mainly due to the wider applications of 
computers and numerical methods. Hence, the studies started off as being 
analytical in nature and then moved on to numerical and then to semi- 
empirical approximate formulations for design which were mainly 
concerned with the effects of large deflections, post-buckling behaviour, 
imperfection sensitivities, residual stress and plastic deformations on the 
behaviour of the plates.
Researchers like Moxham and Little in Cambridge, Ueda et al in Japan, 
Crisfield, Frieze, Harding, Hobbs and Dowling in London all developed 
numerical procedures (Finite Element and Finite Difference) to construct
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the complete load-shortening curves and determine the ultimate strength 
of unstiffened flat plates as affected in every case by the conditions just 
described above. According to Guedes Soares' detailed review of these 
approaches [30], the differences between these procedures are of the order of 
a few percent and therefore it is very difficult to pinpoint one approach as 
being the best.
The approximate form ula tions  avoided the detailed description of all 
aspects affecting the post-buckled behaviour of plates, in favour of a simple, 
designer orientated, method that would only account for the more 
dominant features of response and could easily be calibrated to experimental 
and/or numerical results. The most popular of these approaches is the 
effective width concept based on the form of the actual stress distribution at 
the edges of the plate in the post-buckled phase. Faulkner in [31] provides an 
extensive review of the effective width formulations in use and applicable 
to the ultimate strength of stiffened plates.
One of the most widely used by the marine industry effective width 
approaches to analysing the ultimate compressive strength of simply 
supported plate elements is that by Faulkner first presented in 1965 and later 
extended and adopted in a method for predicting the strength of stiffened 
plates [28]. The approach takes in due consideration the effects of residual 
stresses via using the tangent modulus of elasticity thus accounting for the 
development of plasticity. No explicit account is however taken of initial 
imperfections.
The effect of initial distortions is considered in more detail by Carlsen's [32] 
proposed method. This method is similar to Faulkner's recommendations 
in the way the unwelded plate strength is calculated and on the level of 
residual stresses locked in the structure after welding is applied. An 
additional term accounts for the distortion effects.
Soreide and Czujko's proposal added a third term to Faulkner's formulation 
for the ultimate strength of unwelded and perfect plates. The effect of initial 
distrortions and residual stresses is accounted for via an multiplicative 
reduction factor which is a function of the plate cross sectional dimensions, 
maximum initial deflection and is restricted to values between 0.01 b/1 and 
0.1 b/t. For smaller distortions, the expression does not apply.
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More recently, Ueda and Yao [33], based on a series of finite element 
calculations on the strength of rectangular plates with initial imperfections, 
put forward an expression for the design of compressed flat rectangular 
plates. No residual stresses were considered however.
Vilnay's 1981 design procedure [34], generated the effective width at any 
strain using the load-shortening curves from well controlled numerical 
analysis. Two different formulations were presented depending on the 
presence of residual stresses. Detailed numerical studies were also used to 
derive the Imperial College method [35, 36] which accounts for the effects of 
various, but predetermined, levels of residual stresses and initial 
imperfections on the ultimate strength capacity of compressed flat plates.
Finally, in 1988 Guedes Soares [37] presented a re-evaluation against a larger 
population of experimental and numerical results of Faulkner's method 
and extended it to account explicitly for the effect of initial deflections by the 
use of an appropriate 'curve-fitting' factor.
Five of the aforementioned models have been tested against existing 
numerical and experimental results by Pu [38] and the modelling 
uncertainties thus calculated are presented below.
Faulkner Carlsen Imp Col. G. Soares Vilnay
Bias (Exp.) 1.159 1.117 0.893 1.031 0.990
COV (Exp.)
(pop. 200)
0.163 0.138 0.200 0.101 0.147
The Guedes Soares method is clearly the best in terms of bias and COV 
values and is preferable.
The analysis of stiffened plates over the years has also been carried out via 
analytical, numerical approaches and semi-empirical approximations. Most 
of the initial analytical formulations do not account for the post-buckling 
behaviour or local component buckling and are often restricted to elastic 
behaviour. They generally concentrate on two main idealisations. One is to 
consider the stiffened plate as an orthotropic plate by smearing the stiffeners
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along the plate (Schade [39], Mansour [40]), Smith [41], and the other is to 
consider the plate as a grillage of intersecting beam columns for which the 
plate is assumed to be the flange of the stiffeners. Mansour assumed that the 
stiffeners in either direction are equally stiff and equally spaced, with the 
spacing small enough for the plate elements to be considered fully effective. 
Under these circumstances, an homogeneous, orthotropic plate of constant 
thickness equivalent to the plate-stiffener combination was assumed by 
calculating the appropriate rigidity factors in both directions. The validity of 
orthotropic plate formulations depends primarily on the number of 
stiffeners in each direction, the uniformity of the overall stiffened panel and 
the boundary conditions. The correlation with experimental data of these 
analyses improves as the boundary conditions move closer to the simply- 
supported case and the number of stiffeners increases.
The second idealisation considering the stiffened plate as a grillage of 
intersecting beam columns for which the plate is assumed to be the flange of 
the stiffeners, has been used in the past by Chang and Michelsen, Wittrick 
(see [30] for more information). Closed form solutions have been obtained 
for uniform grillages subjected to uniaxial and biaxial loading by Faulkner 
[42] and Adamchack [43] which has been found to agree well [30] with a 
matrix formulation by Smith [41].
A number of numerical formulations presented over the years describing 
the behaviour of stiffened flat plating has been reviewed by Guedes Soares 
in [30]. A pprox im a te  fo rm u la tions ,  on the other hand, centre around 
column or beam-column methods since these have proven to be fairly 
accurate over a large range of parameters, and provide the basis for 
accounting for residual stress, initial imperfection and mode interaction 
effects.
4.2.5 The Ultimate Strength of Stiffened Plates in Uniaxial Compression
The strength of stiffened plates depends on three variables, as identified by 
Little [44]; the plate slenderness p, the stiffener/plate column slenderness X, 
and the level of residual stresses locked in the plate (HAZ effects would also 
affect the strength of aluminium columns). An increase in these variables 
results in a decrease in stiffened plate strength. Noting that it is both the 
plate and the stiffener that contribute to the slenderness and rigidity of the 
'column', a decrease in P would be beneficial only if it is associated with a
272
small (or no) increase in X. Despite the fact that residual stresses decrease 
the column strength, they result in a less peaked load-shortening curve for 
the plate and therefore improve the load redistribution in the structure.
The reduction in column strength due to residual stresses is significant for 
low p values (P « 0.8) as they cause the plate to loose stiffness at lower strain 
levels due to earlier compressive yielding of its central region. At 
intermediate values of plate slenderness (p«1.4) the plate behaviour is 
imperfection sensitive and an increase in residual stresses causes a 
significant decrease in plate strength. At high column slendernesses (X>1) 
the residual stresses become less important due to the increasing dominance 
of elastic buckling. At high plate slenderness values (p * 2), an increase in 
residual stresses causes a reduction of column strength which is 
independent of X.
The main feature of the beam-column method is that one isolated stiffener 
with an associated width of plating, is considered as representative of the 
whole panel behaviour. A number of such methods have been proposed. Of 
these, methods by Faulkner [28], Carlsen [32], Pu [38] and Imperial 
College/Smith [35, 36] are marine structures orientated. Others, such as 
those by Dwight and Little [45], Horne and Narayanan [46], Chatterjee and 
Dowling [47] and Murray [48] have been developed for steel box girders in 
bridges. These are based on Perry-Robertson and effective width 
formulations. Their main differences are the values used to account for the 
effects of residual stresses, initial imperfections and assumed load 
eccentricity due to loss of plate effectiveness.
Faulkner's method is based on a Johnson-Ostenfeld accountability of 
inelastic effects, while the post-buckled plate strength is modelled via an 
effective width approach (para. 4.2.5.1). Carlsen in turn, proposed a Perry- 
Robertson formulation together with an effective width formulation for the 
plate strength. This approach accounts in more detail of initial deflections in 
the plate and the stiffener, and accounts for magnification effects that occur 
due to the shift in neutral axis once the plate has buckled in plate induced 
interframe collapse. Plate induced and stiffener induced failures are treated 
separately. The Imperial College proposal [35, 36], is also based on a Perry- 
Robertson formulation accounting for initial imperfections for the plate and 
the stiffener components. The main drawback of the proposal, is that the 
final formulations have been calibrated to numerical data, which although
273
extensive, contain assumed definitions of the level of residual stresses and 
initial deflections expected in stiffened steel plated structures. Pu's proposal 
is based on Faulkner's method for stiffened plates. The sole difference is that 
the plate's ultimate strength is described by Guedes Soares' calibrated (to 
experimental data) expression of Faulkner's original effective width model.
Pu in [38] compared these four methods against 203 experimental and 
numerical data with his conclusions summarised by the following Table:
Faulkner Carlsen Imperial Col. Pu
Bias (Exp.) 1.039 1.148 1.012 0.992
(pop. 63) 
COV (Exp.) 0.143 0.137 0.151 0.099
Bias (Num.) 1.041 1.197 0.901 0.983
(pop. 140) 
COV (Num.) 0.104 0.171 0.118 0.129
Bias (All) 1.041 1.182 0.931 0.986
(pop. 203) 
COV (All) 0.117 0.163 0.132 0.120
This Table supports the view that Faulkner's method is the best in terms of 
bias and COV values and is therefore also recommended herein in the 
design of stiffened steel flat plating. This column approach will also form 
the basis for a new design approach of aluminium stiffened flat plates in 
uniaxial compression presented in paragraph 4.2.5.4.
4.2.5.1 Faulkner's Model for Unstiffened and Stiffened Steel Plating
The best example of application of the Tangent modulus approach to the 
description of the buckling strength of unstiffened and stiffened steel plates 
has been provided by Faulkner [28]. Faulkner's column treatment of the 
ultimate strength of a 'long' uniaxial plate in compression is based on an 
effective width approach, be. The ultimate strength capacity is given by:
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o e is the edge stress when this is less than the yield stress (0.75 < 0e < 0 y) 
and o a is the equivalent average stress over the complete section. Rr is a 
plate strength reduction ratio accounting for the detrimental effect of 
residual stresses. Rm is defined later and accounts for biaxial loading effects. 
0 rc is the compressive residual stress in the structure which for equilibrium 
considerations in the plating cross section is given by:
Values of n=4.5-6 are typical for as-welded ships but values of 3-4.5 are more 
appropriate after allowing for shakedown. Et is the structural tangent 
modulus for the stiffened plate in compression. For flat-yield type materials 
the ratio Et/E is approximated using the Ostenfeld-Bleich parabolae [28]:
where 0^ is the structural proportional limit in compression. Expressions 
for 'clamped' boundary conditions [28] are used when the lateral pressure is 
greater than 0y/Ep2.
'Wide' plating is treated in a similar manner, using an effective width 
approach and the final ultimate strength expression is based on the French 
Bureau Veritas/Faulkner solution for a pinned plate:
_ 2n  
(b /t)-2n
3.62P2 Y
for O^p <1.9.
1 °p »E, g ( g , - g )  ( ^ - P r ^ - P r ) ? 4,
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for p 51.9,
W
0.9 1.9 f, 0.9^ for p > l andap>1.9
Outside the stated limits the plate slenderness is sufficiently small as to 
justify the assumption of a stocky plate and the change of failure mode from
buckling to material yielding. No residual stress effects are accounted for 
and the edge stress is always expected to reach yield stress levels.
Biaxial loading of long plates is accounted for by means of a parabolic 
interaction relationship [28]:
X/lllt
=  1 or R«= 1 -
Va y-uit J
where aX/Ult and a yult are the ultimate strengths of the plate in uniaxial 
compression in the longitudinal and transverse directions respectively, 
when the compressive load is acting separately in each direction. For the 
case of combined pressure and compression a linear interaction between 
the compressive strength of a wide plate and lateral loading is 
conservatively assumed. The beneficial effect of lateral loading on 'long' 
plating is neglected.
The design of flat stiffened panels has been based on interframe plate 
induced buckling failure. Faulkner used a reduced effective width approach 
to account for the continuous stiffness loss of the plating as load increases in 
the post-buckling regime. Hence, the plating breadth assumed to act with 
the stiffener as a column is taken at the reduced value of:
(l/pe)R, for >1
1 for pe <1
with the critical buckling load of the column given by
qy (A .-b .t)
Eli.
is the non-dimensional column slenderness and pr= o ^ /a y is the 
structural proportional limit stress ratio, Ixe is the moment of inertia of the 
combined section with the plating width of b^ . When biaxial stressing is 
present, then b^  is reduced by a factor of Rm, b e = b^  Rm.
In the presence of lateral pressure loading a linear interaction is assumed
o I 1A« fo r \2„ > l / p r a
—21 =H , . „ , where A,rp = —
°y I 1 -P ,(l-P ,A «  fo rX „ < l / p ,  K \
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between critical compressive 'column' buckling and lateral load:
where qx is the equivalent pressure load per unit width on the plating and 
qxp is the pressure load per unit length required to cause full plasticity in 
the cross section.
4.2.5.2 A Model for the Ultimate Strength of Unstiffened Aluminium  
Flat Plates
Current design code approaches generally opt for a Perry-Robertson type of 
expression to estimate the strength of unstiffened/stiffened aluminium 
plates in compression (mainly in Europe, ERA AS, BS 8118) and a 'unified' 
column approach in the case of North American recommendations. 
However, they do not account so for residual stresses, having to rely on 
curve fitting to experimental data for this purpose (e.g. work in Cambridge 
by Dwight). As most of the current steel design codes (e.g. ECCS, BS 5400) use 
the Perry-Robertson approach, it is perhaps not unusual that this expression 
has found its way, in one form or the other, in current aluminium design 
codes too (e.g. ERAAS, BS 8118). The efficiency of such expressions and 
hence the accuracy of their strength predictions, are of course dependent on 
the the quality and quantity of the data on which the derivation of their 
coefficients has been based, which is not always yield the right result.
Good models based on proper understanding of the phenomenon, and 
followed by consistent modelling of its effects on the structural behaviour 
(para. 1.5.3, Chapter 1) are bound to withstand the test of time and agree 
with, rather than adjust to, experimental data. Faulkner's effective width 
approach to 'long' plate strength [28]:
2 _ _ J _  
P P2 
1
for p > l  
for P<1
has proved to be one such model, and has thus been chosen as the basis for 
its extension to aluminium plate buckling behaviour. Its validity and
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efficiency for steel plates has been proved consistently over the years (para. 
4.2.4) and provides mean predictions relative to experimental data. The 
main difference of the model relative to the various design approaches 
currently in use is that it accounts in detail for the effects of locked-in 
residual stresses in steel plate buckling behaviour neglecting any direct 
reference to any existing initial imperfections in the plate. Their effect can 
later be accounted for by curve fitting (if necessary) to experimental data.
4.2.5.3 Application of Faulkner's Model to Unstiffened Aluminium Flat 
Plating
The substitution of steel by aluminium in a welded flat plated structural 
element requires that proper account is taken of the initial out-of-flatness, 
residual stresses, HAZ softening and the curvature of the material stress- 
strain curve. Initially, the approach already described for steel has been used 
in the past [51]. Residual stress considerations remained unchanged (n=3.0 
taken for both steel and aluminium) to those of Faulkner, the 0.2% proof 
stress was used in the place of the material yield stress. Material properties 
as applicable to aluminium were also used. The use of 0.2% proof stress in a 
theory that assumes elastic-perfectly plastic behaviour of the structural 
material (steel) is conservative, as the inherent strain hardening in 
aluminium material is neglected. HAZ softening was introduced as a 
reduction in the reduced effective plating width assumed to act with the 
stiffener in column collapse. The calculation of the extent and strength of 
the heat affected zone was based on the BS 8118 proposals [19]. However, 
such an arbitrary approach to HAZ effect modelling on plate behaviour 
resulted in a formulation that was independent of the overall plating 
breadth (or stiffener spacing). As a result, the actual extent of the HAZ was 
taken as a proportion of the reduced effective width as follows:
bg = bg — (Area HAZ /  b t) b'e
Proportioning of the HAZ with be protected against unacceptably small 
values of the reduced effective width in addition to relating the HAZ and its 
effect to the plate geometry. Such a model, perhaps not surprisingly, proved 
unsatisfactory [51] and was followed by a more thorough investigation.
More recently, the accuracy of strength predictions of the basic Faulkner 
expression presented in the previous paragraph was originally tested against
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the 22 available experimental data for unwelded plates (11 tests for each of 
the 6082 and 5083 alloy cases) [52, 54]. Table 4.3 presents the results of such a 
comparison. The bias is defined as the ratio of the experimental values over 
the theoretical predictions. Although the population of data is quite small, 
the applicability of this model to unwelded aluminium plates of both the 
6082 and 5083 aluminium alloys, is justified. It is found to be slightly 
unconservative for the 5083 alloys and providing slightly conservative 
estimates for the 6082 alloys. Hence, a small scalar correction, B^p, of
f 1.056 for 6082 alloys
Bi- P- j  0 959 for 5083 alloys
will reduce the error and leave the COV values unaffected. If on the other
hand, a linear variation with the plate slenderness ratio P of the 
imperfection correction factor, B ^ , is assumed, regression analysis of the 
bias has resulted in the following coefficients for the linear relationships:
_ f 0.002 p + 1.004 for 6082 alloys
Bta p - | _ 0  002p + 0.962 for 5083 alloys
It is obvious that the bias is effectively unaffected by the plate slenderness 
(Table 4.3). Hence, a linear correction factor is considered no further, in 
favour of the scalar ones as presented earlier. Therefore, for u n w e ld e d  
aluminium plates the ultimate strength prediction expression becomes:
, oa beOn= — = — =
b p  p
Bmp for P £ 1 f  ^ J"1.056 for 6082 alloys
for Btap i0 959 for 5083 alloys
BmP for P<1
When a plate is welded, two additional aspects require particular attention, 
the:
• residual, locked-in stresses reducing the compressive strength of the 
cross section
• strength reduction in the parent material strength adjacent to the welds 
due to HAZ softening.
The different natures of the sources of reduction in these two cases is worth
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noting. In the first instance, the reduction is due to 'external' factors, i.e. due 
to locked-in stresses in the section, whose level although dependen t on the 
p a ren t m e ta l/w e ld  m etal s tren g th  is not d irec tly  in fluenced  by the 
m icrostructure and treatm ent of the m aterial. In the second case how ever, 
the reduction is solely due to changes in the m icrostructure of the m aterial 
occurring due to the considerable heat inpu t of the w eld ing  process. It is 
therefore suggested herein, that the degrading effects of the HAZ softening 
and the residual stresses are treated as follows:
(a) to firstly account for the localised material s trength  reduction (due to 
HAZ softening) by means of a plate of 'equivalent' strength, and then
(b) to account for the residual stress reduction in a m anner sim ilar to 
that used by Faulkner in the steel flat plate model.
By 'p la tes  of equ ivalen t s tren g th ' it is im plied  th a t the  geom etrical 
dim ensions of the plate will rem ain unchanged w hile the m aterial proof 
stress will be altered in such a way so as to accom m odate the HAZ reduced 
strength values on the plate edges. In other words, the reduction in strength  
on the two edge regions (see Figure below) will be p roportionately  (to the 
heat affected over heat unaffected areas of the plate  cross section) evenly 
spread over the complete w idth of the plate, b.
cr
The criterion for such an action is that, at the elastic critical stress level, the 
stiffness of the com plete p late will be equal to the su m m atio n  of the 
stiffnesses of the three individual 'elem ents' in the section, i.e. the two heat 
affected zones and the heat unaffected zone in betw een. H ence the equality 
of stiffnesses at the critical buckling stress level may be expressed
cr.el
/(b - H A Z )
cr,el
A HAZ)
cr,el
ha02)
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where w (=kz) and 2z are the magnitude and extent of the HAZ reduction as 
identified in the BS 8118 recommendations. For details on these values, 
paragraph 4.1.2, Table 4.4, Figure 4.6 and reference [19] should be consulted. 
Solving for ct02, the 'equivalent' material proof stress for the heat-affected 
plate, the following expression is obtained
0^.2 ~
\ V r
0.002 E q ^
where A = b - 2 z B =
c^r^ l
V CT0.2 J
2 z
Gae i + 0.002 E g.,,! ^
V W  ^ 0 .2  J
o CT el is the elastic critical buckling stress for a "long', 'pinned', plate of 
dimensions a, b in uniaxial, in-plane, compression given by:
4 7i2 E (bY
a 'r'*l _ 1 2 ( l - D J) U J
In accounting for the residual stress reduction effects and inelastic 
behaviour, Faulkner's tangent modulus concept is used and adopted for use 
in aluminium alloy applications. The main difference between the mild 
steel and aluminium alloy stress-strain curves is that the former 
demonstrate clearly a point above which the material behaviour changes 
from purely elastic to purely plastic. Such a behaviour, permits the 
application of proportional limit concept accounting for the effects of 
residual stresses. Material non-linearities will hence commence at stress 
levels above the proportional limit as that is identified by the welding 
process. In aluminium however, material non-linearities characterise the 
curve throughout the stress-strain range. Hence, the arbitrary assumption of 
yielding occurring at the 0.2% proof stress level. Application of residual 
stresses in the model hence becomes more complex.
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In steel the structural tangent modulus accounting for the geometrical and 
material non-linearities is assumed to be given by the Ostenfeld-Bleich 
parabolae (para. 4.2.5.1):
e,
E
Herein, however, it is assumed that in welded aluminium structures the 
structural stress-strain curve is assumed to follow, over the complete stress- 
strain range, the already modified (for HAZ effects) Ramberg-Osgood 
material curve which in turn is appropriately modified to account for the 
effect of residual compressive stresses (see Figure below).
Faulkner's assumptions used for steel [28] are assumed to apply for 
aluminium too:
1 . the plate buckles elastically or inelastically at the same critical strain
2 . the 'inelastic7 plate buckling stress is assumed to be given by:
3 . the reduction in plate strength will be equal to the reduction in the 
'inelastic' buckling stress
The first assumption relating the inelastic strain eaM to the elastic strain 
eCT eJ may be expressed as
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which results in the following nth degree equation in om:
k, a ” + k 2 a 1I1 + k 3 = 0
where
k| = 0 . 0 0 2  E, k2 = (cr02 -<7rc) t k3= —o cr elk2
a rc is the residual compressive stress introduced in the section due to 
welding. Its level and extent is calculated as recommended by Wong [9, 10] 
and presented in paragraph 4.1.1 and Table 4.1 and Figure 4.1. As this 
expression requires an numerical solution, the Newton-Raphson procedure 
was found to be adequate and convergence was quite fast.
Having established o^, the value of the assumed tangent modulus Et is 
obtained based on the second of Faulkner's assumptions:
jt _ f  \ 2
Va cr,eiy
As the reduction in plate strength will be equal to the reduction in the 
'inelastic7 buckling stress (third assumption)
A a „ = a re-^- =
V^ c^r.el
and hence R = 1 - Aa„
^ 0.2
T herefo re , for welded aluminium plates the ultim ate strength model 
becomes:
<*a _ be _ P P2
Q C R r for p > l 
Q C  for P < 1
where C, Rr, refer to correction for imperfection effects, and welding effects 
(residual stress and HAZ effects) respectively.
The evaluation of the accuracy of the proposed model was based on an
detailed experimental study carried out by Mofflin and Dwight [52]. The 
buckling strength of individual, unstiffened, aluminium plates loaded in 
uniaxial compression, having unloaded edges simply supported and free to 
slide, was investigated. The plate thickness was restricted to 6  mm and the 
aspect ratio was fixed to 4. The b / t  ratio varied from 20 to 85 and the 
slenderness ratio p from 1.11 to 5.5. The experimental program consisted of 
76 specimens in two aluminium alloys:
6082-TF Fully heat treated material having a relatively abrupt knee on 
its stress strain curve, n varied between 25 and 28 
5083-M Non-heat-treatable material with a rounded material stress-
strain curve. -M is the hot-rolled condition 
5083-0 A number of test data (12 in number) used an annealed
material, n varied between 8  and 18.
The exponent n of the Ramberg Osgood law is characteristic of the material 
strain hardening rate of the inelastic portion of the stress-strain diagram. It 
can be expressed relative to the 0.2% and 0.1% proof stresses by [53]:
n _ In 2
ln(<W<*o.i)
Initial imperfections were introduced mechanically in all specimens. 
Although, the m agnitude of these imperfections was not accurately 
controlled due to plating 'springback, the final measurements concluded 
that the magnitude of these imperfections was in the range
For unwelded plates 0.0005-0.006 b
For longitudinally welded plates 0.0010-0.0075 b
For transversely welded plates 0.001-0.0023 b
For longitudinally and transversely welded plates 0.001-0.005 b
Out of 76 tests, 2 2  tests were on unwelded plate specimens in both alloys ( 1 1  
tests from each alloy). In addition, 33 of the remaining specimen population 
(19 tests -5083 and 14 tests of 6082) were welded along the long edges to 
introduce residual stresses and HAZ softening. Some of the remaining 
specimens (2 tests in 5083 and 3 tests in 6082 alloys) were welded solely in
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the transverse direction while 4 (1 test in 6082 and 3 tests in 5083 tests) were 
transversely welded and longitudinally welded. The results confirmed 
Wong's earlier predictions [9,10] that the heat treated alloys (e.g. 6082) suffer 
less residual stress than the 5083 alloys. These experimental results have 
shown that unwelded plates are fairly insensitive to the degrees of 
geometrical imperfections but the effects of welding are by far the most 
dominant on the plate strength level. As Mofflin and Dwight commented 
[52], although the absolute strengths of the 5083 plates are well below those 
of the 6082 plates, when these are non-dimensionalised relative to the 
material proof stress the difference reduces to only 10-15% below the 6082 
plate strengths. Another observation by Mofflin and Dwight was that 
transverse centrally positioned welds seem to have negligible effects on the 
5083 alloy plates, but seem to reduce the strength of the 6082 alloy plates by 
20-30% due to HAZ softening.
Tables 4.5 and 4.6 present a comparison of the proposed model for 5083 and 
6082 alloy plates respectively, with the experimental data of Mofflin and 
Dwight [52, 54]. In the comparison C and Q  are both taken equal to 1. The 
accuracy of the model predictions for various welding arrangements is also 
carried out by checking separately the bias (expr/pred) and COV values for 
longitudinally welded plates, transversely welded plates and longitudinally 
/transversely welded plates. The comparisons, for the latter two cases 
particularly, should be treated cautiously due to the extremely limited 
number of data. Caution should also be exercised for the comparison of the 
longitudinally welded plates, but the initial results are very encouraging. 
The effects of including the imperfection correction (as derived for 
unwelded plates) on the accuracy of the predictions was also investigated.
For the 5083 longitudinally welded alloys and for a population of 19 tests 
(Table 4.5) the accuracy of the model is satisfactory with a bias of 0.955 and 
COV of 6 % for the case when no imperfection correction is introduced in 
the model. The model prediction draws a mean curve to experimental data 
if the imperfection correction is applied and a small change is observed in 
the COV values. Corrections with the scalar factor of 0.955 (for no 
imperfection correction) or a factor of 0.9995 (when imperfection correction 
is included) is to be preferred over a correction factor which varies linearly 
with the plate slenderness ratio. Although in the latter case an 
improvement is observed in the COV values, they are not considered as 
worth implementing bearing in mind the limited number of data available.
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The accuracy of the model has also been tested and proved against data for 
6082, longitudinally welded plates. For the case where no imperfection 
corrections is used, the predictions form a mean to experimental data and 
present a small COV value of 5.3%. If the imperfection correction is 
included however, the relative accuracy of the model breaks down by 
underpredicting the strength and increasing the COV value. The 
dominance of the welding effects over the effects of initial imperfections for 
heat-treated alloy plate behaviour could be the cause. Scalar corrections 
provide negligible improvements on the modelling prediction, while a 
linear variation of the correction factor make the predictions conservative 
and establishes a COV value of approximately 5% for both cases of 
accounting for imperfection corrections or not.
Following the above discussion the following values for the correction
factor C (includes the coefficient of B ^ )  are proposed:
For Longitudinally Welded Plates
For 5000 Series Plates C=0.9585
For 6000 Series Plates C=0.034P + 0.9953
For Transversely Welded Plates
For All Alloy Plates C=1.0
The reduction factor C1 accounts for the effects of positioning the welds 
elsewhere but at the toe of the stiffeners (i.e. elsewhere except the 
geometrical boundaries of the plates under consideration). The use of 
extrusions encourages the positioning of welds away from the geometrical 
boundaries of the plate. Hence:
For Longitudinal Welds
C: = 1.0 For All Alloy Plates
C As described earlier
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For Transverse Welds 
C= 1.0 and
6000 Alloy Plates
c t = {1.0 for 5000 Alloy Plates
The welds orientated in the direction of compressive loading) are identified 
as longitudinal welds above, x denotes the distance (orthogonal to the line 
of application of the load) of the welds from the loaded edges of the plates 
and does not correspond to the length of the weld. The use of the reduction 
coefficient C1 attempts to account for the detrimental effects of transversely 
positioned welds and also allows due account to be taken of the possibility of 
using extruded sections, requiring welded connections to be made at places 
other than at the stiffener toe. The values for Q  recommended above were 
chosen rather arbitrarily, bearing in mind the following:
(a) Experimental observations of the strength of transversely welded 
aluminium plates (welds centrally located, i.e. x=0.5 a) by Mofflin and 
Dwight [52] record minimal reduction in strength for 5083 alloy plates and 
reductions in strength of the level of 20-30% for the 6082 alloy plates (hence 
the reduction coefficient of 0 . 8  above).
(b) Extensive numerical and experimental investigations on the effect 
on the strength of the position of transverse welds relative to the loaded 
edges for aluminium columns (reviewed by Tolikas in [55] supported this 
dependence and was generally found that positioning the welds in the 
regions 0 -0 .2 a, and 0 .8 a-1 .0 a, does not affect the column strength 
considerably. Their effect may therefore be neglected. The worst case was 
observed for the cases where the welds were positioned centrally on the 
plate. Such results therefore limit the applicability of extrusions.
It is worth noting the approach adopted by Kendrick in using well 
established procedures developed for steel submarine design to the design of 
the ALUMINAUT, an aluminium submarine constructed by Reynolds 
Metals in the early 1960s. The equivalence came by replacing a y with the
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0.2% proof stress, a 0 2, and by replacing Young's modulus E, by the secant 
modulus, Eg, defined at the 0.2% proof stress by o 02 /  e0 2. The comparison 
of this proposal against the aluminium flat plate data presented earlier has 
not been carried out, but its general effect would be to increase the plate 
slenderness, p, resulting in reduced compression strength.
4.2.5.4 Application of Faulkner's Model to Stiffened Aluminium Flat 
Plating
The design of stiffened flat aluminium panels should be based on 
interframe plate induced buckling failure. In tackling the problem for steel 
structures as essentially a column under compression, Faulkner [28] used a 
reduced effective width approach to account for the continuous stiffness 
loss of the plating as load increases in the post-buckling regime (para. 
4.2.5.1). In extending this approach to aluminium stiffened plating the 
following points need to be addressed which arise as a result of HAZ 
softening:
(a) the possibility of different alloy materials used for plate and stiffener.
(b) the need to account for construction aspects arising from the use of 
extruded sections. At such instances, the model should be able to adjust 
readily to the possibility that welding would occur at the stiffener toe (if the 
stiffener is extruded and the plating rolled separately) or to the case where 
welding would be prescribed at a position away from the toe of the stiffener 
(in the case where the stiffener and part of the plating would be extruded 
together in one section).
(c) the effect that the position along the length of the stiffener of a 
possible transverse weld will have on the overall column strength.
In tackling these questions, the approach used for the flat plate case is very 
useful, as will be demonstrated. If a section is assumed, consisting of the 
stiffener (As is the stiffener cross-sectional area) and the plate (of 
dimensions be and t - note that the proof stress is assumed as the original 
parent material strength), the equality of stiffnesses at the critical buckling 
stress level for the complete section may be expressed by:
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c p  ^
1 cr,el
V /(p la te )
^P ^cr,el
V /(stiffener HAZ)
f  T> ^
cr,el
V /(unaffected stiffener)
f p 'N
cr,el
V /  (all sec tion)
^ c r ,e l  Z w  ^w
+ 0.002
E
\ nt
cr,el
V°o.2,Pi ;
+ 0.002
E
f  „  \ n*
c^r,el 
V^o^st)
+
q cr,.I (A. -  Z w tw)_______ q c d (A ,+ b .t )
+ 0.002
E
c^r,el ° CT''‘ + 0 . 0 0 2
^ 0.2,81, E < ^ 0.2 j
where crCTelis the elastic critical buckling stress for the column in 
compression given by:
tc2EI
CTcr,el ~ L2 A
n = min(np,n 9) where np/ns are the Ramberg-Osgood exponents for the 
plate and stiffener materials respectively, As is the full stiffener area, 
(Jo.2,s 'a o.2,p' are the proof stresses of the stiffener and plate materials 
respectively and tw is the web thickness of the stiffener. In addition, w (=kz) 
and 2zw are the magnitude and extent of the HAZ reduction in the 
stiffener web only as identified in the BS 8118 recommendations. For 
details on these values, paragraph 4.1.2, Table 4.4, Figure 4.6 and reference 
[19] may be consulted. Solving for o 0 2, the 'equivalent' material proof stress 
for the complete section, the following expression is obtained
^ 0.2 ~
\Vr
0.002 E(a0,cl)"
'  A ,+ b l t  x 
C| + C2 + C3
- a cr,el
c , =
b i t
a CT el + 0.002 E
/  y*p
c^r,el
Va o.2,P;
C2 = Zw i-w
0 ^ + 0 .0 0 2  E
\ n»
cr,e]
V w o o.2, s
(A, -  z„ tw)
° c r .e l  +  E
*cr,el
V^^O.2,8 ^ r c  j
Hence a section of 'equivalent' proof stress is obtained which can be used
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with no reduction in its original geometrical characteristics.
Using (as was done for aluminium plates earlier) Faulkner's assumption 
that columns buckle elastically or inelastically at the same critical strain and 
hence relating the inelastic strain eCT/in to the elastic strain eCT el by
Eaj«= e «,d <=> + 0.002
V ^ 0 .2  J
  ^cr,el
the following nth degree equation in results:
cr,el for a c ,e i < a 0 ,  
k, (aln),' + k2 a to + k3 = 0  for a c[„ > a 0 2
where k j=  0.002 E ^ 2  — (^0.2) ^3 — c^r,el ^ 2
The benefits of this approach are demonstrated by applying it to the specific 
problems mentioned above and for which it has been developed. Hence,
For Non-Welded Stiffeners or Extrusions
Extrusions contain their welds away from the stiffener toe. As a result the 
effects of welding (residual stresses and HAZ strength reduction) will only 
be present in the plate. The stiffener cross section characteristics will not be 
affected. Hence the aforementioned expressions still apply incorporating 
though the following changes:
cr = 0 , w = l, z = 0
For Welded Stiffeners at Their Toes
The extent (zw = a r j  zQ) and magnitude (w) of reduction in the HAZ for the 
stiffener portion of the column cross section should be obtained according to 
the BS 8118 recommendations (para. 4.1.2) For longitudinally welded 
columns all the aforementioned expressions apply. Heat-treated and non 
heat-treated materials are accounted for via n and w. For transversely 
welded columns, the positioning of the weld along the stiffener length is of 
primary importance and greatly affects the final strength result. Hence for x 
being the distance of the weld from the column ends:
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• For 0.1L>x a n d /o r  x>0.9L: The approach for non-welded stiffeners 
and extrusions presented earlier should be followed.
• For 0.1L<x<0.9L: The approach for non-welded stiffeners and 
extrusions presented earlier should be followed i.e. use of a rc = 0 , w = 1 , 
and zw = 0 , and the final result reduced by the factor w (as recommended by 
ERA AS [56]. Hence
Justification of this formula is available in the following paragraph. 
However, the approach has not been tested against experimental data. It is 
presented herein as a rational extension to the unstiffened aluminium plate 
approach presented in paragraph 4.2.5.3. Appropriate experimental data are 
very limited (5 data points in [123]) and thus more thorough investigation 
and evaluation is recommended as further work.
4.2,5.5 The Effect of Transverse Welds on the Buckling Strength of
Aluminium Columns
Extensive experimental and numerical studies on the instability of extruded 
and welded aluminium alloy columns has been carried out since 1970 
under the auspices of the ECCS [1, 53] and the BS 8118 [57, 58] development 
committees and by Hong [59]. All of these studies have concentrated, among 
others, on the study of the effects on column strength of the position of 
transverse welds relative to the column slenderness ratio. It was generally 
concluded that for centrally located transverse welds and stocky columns 
(A,< 1.25-1.5) the column strength is reduced by a factor approximately 
equal to w (=<7 a2/ a o.2 )/ which is the worst strength reduction scenario. For 
slender columns (A,>1.5) the strength reduction becomes insignificant 
implying that over this slenderness range, it is the cross-section geometry 
that governs the strength level. A. is the normalised slenderness ratio of the 
column.
On the other hand, for non-centrally located transverse welds it has been 
established that the reduction in strength is significant if the welds are 
placed in the region of 0 . 2  to 0.8L from either ends. So it is unhelpful to
where
291
weld at one-third points instead of at midspan. Positioning of the welds at 
distances less or equal to 0.2L from the ends (simply supported) is only 
beneficial. For positions between these limits, Hong [59] recommends either 
the conservative approach of treating the columns as having a centrally 
placed weld or by interpolation using a sinusoidal function:
where X/L is the position of the weld from the column ends, L is the 
effective column length, P: is the column strength estimated by assuming 
the material to be fully HAZ softened (i.e. X calculated based on w a 02) and 
P 2 is the column strength estimated by entering the column strength curves 
by with a normalised slenderness ratio, X, calculated assuming the material 
proof stress to be given by Cq2 = a 02 -0 .5  w a 02. The agreement with 
numerical and experimental data was found in [59] to be "remarkably good". 
Simply supported end conditions are implied.
Figure 4.9 provides a comparison between the buckling curves for columns 
of the same shape consisting of either base material, or base material and 
longitudinal welds, or base material and cross-weld midspan, or pure HAZ 
material. The advantages of longitudinally welding a section (over cross­
welding) are obvious especially for A,<1.5. At high slendernesses (X >1.5) 
the reduction is negligible while at low slenderness values the ratio between 
the capacities of longitudinally welded and extruded (unwelded) columns 
tends to the value of A* /  A.
4.2.6 Ultimate Strength of Transversely Loaded 'Wide' Plates
At "wide" plate compressive loading, the plate elements in the central region 
of the plate do not experience the restraining effect that the short edges do, 
and thus behave like a column. As column behaviour is characterised by 
the lack of postbuckling strength, it is inevitable that transversely loaded 
plates have smaller postbuckling strength that if loaded in the Tong' 
direction. In addition, in this case, the influence of weld induced residual 
stresses in the direction of loading may be neglected as these are located at a 
position in the plate which is away from the critical buckling zone of the 
element. Also, the detrimental effects of initial imperfections are more 
dominant for 'wide' plates and will adversely affect their ultimate strength.
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It was Blanc in 1965 [60] who first attempted to model the post-buckling 
strength of plates in transverse compression by assuming that the two edge 
strips of plating will carry the load in the post-buckled regime with a middle 
zone carrying the simple column buckling stress. Eight years later in 1973, 
Faulkner [28] presented an effective width approach to the plate's ultimate 
strength estimation by assuming that Blanc's two edge strips are at material 
yield stress level, for final plate collapse to occur. The model is formulated 
as:
yu  a e _ 0.9 1.9
a p2 p a
1 - 09
p2
in the range p > 1 and a  p > 1.9
This formula has also been employed in the Bureau Veritas regulations [61] 
and the DNV rules for offshore structures [62].
An effective width approach was also promoted by Becker in 1977 [63], who 
introduced a degradation coefficient (1-C) in his expression to account for 
initial shape imperfections:
= ^ -  = 0.923\ -  
o. a a
+
\ V J
1 - -
a
fu  \
v b yj
where y = [(a - 1 ) 2 +1 and C is zero for a perfect plate and 1 for a plate with 
large initial deformations. a y cx is the transverse critical buckling stress.
Based on Finite Differences Valsgard [64] concluded that Faulkner's 
formulation overestimates the stocky plate strength while it underestimates 
the strength of the more slender plates. As a result, he adjusted Faulkner's 
effective width formulation for 'wide' plates to the following:
<i>><t>v = —^  = -s. = -us- + 0.08 
a a
1 - ^
a ) 1+r 2  1< 1  where (b = — -  -^rP P2
This expression gives very low transverse strengths for long panels (a -» °°) 
[65]. The two terms in the expression above represent the sources of plate 
strength assumed by the model in the post-buckling region. The first 
component of strength is assumed to arise from that part of the plate
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adjacent to the edges, having square dimensions and providing strength 
equal to <|>x. The second strength term is provided by the remaining of the 
plate. Blanc and Faulkner have assumed that the strength provided by the 
remaining of the plating is equal to its critical buckling strength, but 
Valsgard simply altered this value to match his numerical results. This 
expression is also used by the DNV Classification Note 30.1 [6 6 ].
Most ultimate strength formulations for plates in compression, whether for 
longitudinal or transverse loading, are based on the assumption of long 
plates i.e. for plates with a >3 [67]. To account for the effects of the more 
realistic limits of l < a < 2  the model that follows has been presented [6 8 ]. It 
is important to note that the transverse ultimate strength of a plate with 
aspect ratio in the range l < a < 2  may be viewed as the longitudinal 
ultimate compressive strength of a plate of aspect ratio 0.5 < a  < 1. This view 
was taken by Guedes Soares and Faulkner who in 1987 presented the 
following expression for the transverse strength of plates:
(2
J
R for 1 < P<3.5
P P2
where R = 1 + (0.55 -  0.16 p) (l -  a)
R accounts for the effects of slenderness and aspect ratio. Its value becomes 1 
for an aspect ratio of 1 and reduces for higher P values.
In 1990, Guedes Soares and Gordo [67] modified Valsgard's proposal to 
account for its dependency on the plate aspect ratio and plate slenderness 
levels to:
<t>y =(J)v By where By =0.589 + 0.13 a  + 0.252 p -  0.069 a  p
The model param eter By was derived from regression analysis with 
numerical (Valsgard's) data only. A very good agreement with the 
numerical results is demonstrated (see Table below), while the agreement of 
the model with experimental results, as perhaps is expected, remains poor.
Davidson et al [35] have proposed their own numerically derived strength 
curves. The strength implied consists of a 'long' plate model (of square 
dimensions) for the end regions of the plate with a polynomial model (a^.)
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applied to the central region. The central region contribution is modified by 
an imperfection sensitivity factor KF based on a Perry-Robertson approach.
The BS 5400 Bridge code uses two different approaches (segments) for stocky 
and slender plates. For stocky plates, the plate behaviour is modelled as that 
of a column consisting of a section across the width of the plate. The aspect 
ratio of the plate (considering a 'wide' column) is not accounted for, 
rendering the approach as conservative. For the slender plates, the plate 
strength is modelled by the strength of an equivalent square plate of width 
equal to the plate length, and an effective width (load redistribution on the 
edges permitted) approach as used for 'long' plates is adopted.
The ABS Recommendations [69] limit their buckling strength design to the 
critical buckling limit of the plate as defined by the Bryant equation. Inelastic 
buckling effects are accounted for by the Johnson-Ostenfeld parabola 
approach. The same approach is used by the DNV High Speed Craft Rules 
[70] who propose a classically derived elastic buckling coefficient to account 
for linearly varying compressive loading on the edges. As these approaches 
are not limit state design formulations they are considered no further.
The Aluminium Association, BS 8118, and Alcan design guidelines do not 
seem to tackle the case of a 'wide' plate loaded compressively in its plane, 
mainly because of the smaller frequency by which this structural 
arrangement is preferred for application. Two approaches can thus be 
applied in this case; either to treat the plate as a 'long' plate with small (less 
than 1 ) aspect ratio or to approach the subject just as BS5400 does (see 
above).
Figure 4.10 compares the transverse strengths obtained from several design 
rules and guidelines for a plate of aspect ratio of 4. It may be concluded that 
the DNV offshore structure guidelines are close to the critical buckling 
curve for all plate slenderness values, contradicting the more general 
experimental and numerical evidence wanting the plate strength to reduce 
in the stocky plate region due to the presence of initial imperfections. In 
addition, Valsgard's formulation is seen to provide very low transverse 
strengths for long panels (a  -»<*>).
In 1990, Guedes Soares and Gordo [67] compared the ABS, Faulkner,
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Valsgard and Guedes Soares-Gordo expressions with the available 
experimental and numerical data for steel plates. Data by Becker et al [63, 71] 
(1970 and 1977), Bradfield and Porter Goff [72] (1975), Fischer and Harre [73] 
(1978), Dowling, Harding and Slatford [74] (1979) and Valsgard in 1980 [75] 
(numerical simulations) were considered, a total of 2 0  experimental and 16 
numerical results. The results of this comparison [67] are presented in the 
following Table,
Tests ABS Faulkner Valsgard Soares Srs/Flkner
Expts Bias 0.77 0.83 1.07 1.05 0.99
(20 tsts) COV 0.17 0.24 0.16 0.19 0 . 1 2
Num. Bias 0.77 0.78 1.06 1.04 1 .0
(16 tsts) COV 0 . 2 2 0 .2 1 0.09 0.067 0.14
All Bias 0.77 0.81 1.07 1.05 0.99
COV 0.19 0.23 0.13 0.15 0.13
The Soares/Faulkner expression accounting for 'wide' plates as if the were 
'long' plates with aspect ratios less than one looks the best and is to be 
preferred. In applying this model to aluminium 'wide' plates, it is suggested 
that the approach presented in paragraph 4.2.5.3 is used with the exception 
that this time the effect of residual stresses can be neglected.
4.2.7 The Design of Steel and Aluminium Plates Under Lateral Pressure
As approximately 65% to 90% of ship midship sections comprise of plating, 
rational selection of its thickness has a significant influence on design 
efficiency for weight critical structures. The capital cost of the structure will 
also be influenced through the material cost. Considering that minimum 
plating thicknesses are normally set based on the maximum levels of initial 
imperfection and /o r maximum acceptable deformations under lateral load 
(serviceability considerations), it is inevitable that a rational approach to 
design against pressure loading is essential. The main design approaches are 
presented next and final recommendations made.
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4.2.7.1 Elastic Small Deflection Theory
A plate under lateral loadings generally draws its strength from (a) bending, 
occurring at small deflections and (b) from membrane stresses arising from 
large deflections. Prior to 1962, when Clarkson presented his elasto-plastic 
proposals on the design of plates under pressure, a number of theoretical 
approaches were put forward tackling the problem and reviewed in [76, 77]. 
This early work was confined to linear elastic small deflection theory 
assuming that no membrane stresses are present due to excessive plate 
stretching and /o r initial plate deflections. Edges free-to-slide were thus 
assumed. As a guideline, initial plate deflection may be assumed as small if 
w max ^0.75t. This neglect of membrane stresses, has resulted in the past to 
the design of plating with excessive plate thicknesses.
In elastic design of plates under lateral pressure, plate bending generally 
occurs in the two orthogonal directions. The maximum elastic deflection is 
given by:
{Sk jC for simply supported edges p b4 (l — 'O2)where C = ------1 ~—-kt C for clamped edges 32 E t
while the maximum stress in the plate is given by a max < k2 p (b/t)2.
The coefficients k^kj  depend on the plate boundary conditions, the plate 
aspect ratio and the position of the point at which the stress is required. For 
simply supported boundary conditions, maximum stress (and deflection) 
occurs at mid width of the plate, while for clamped boundary conditions it 
occurs on the plate edges.
For long plates under lateral pressure however, bending becomes one­
dimensional. When however, the aspect ratio of the plate is small enough 
(short plates,a < 3 ), then interaction of bending in the x and y directions is 
accounted for via a biharmonic deflection expression [78]
m=~ n=~ . . f  m n yW= I  sin — t-2-
m = l  n = l  V  1  y
sin
resulting in bending moments (stresses) in the x and y directions given by
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m = - D
f  d2w  'u32w >] ( ^ 2 d w
and my = -  D
ay2 J w 3x2 J
This approach leads to the following correction coefficients applied to 
maximum deflection, k:, and maximum stress, k2, (Fig. 4.11):
ki =
simply -  sup ported 
-0.0269a 4 +0.3409a 3 -1.599a 2 +3.296a -1.517 for l < a < 2 . 4
1 for a  >2.4
clamped
0.0052 a 3 -  0.5275 a 2 +1.781 a  -  0.98224 for 1 < a  < 2.6
1 for a  > 2 . 6
and for the maximum stress, the correction factor becomes (Fig. 4.12):
simply -  sup ported 
-  0.018 a 4 + 0.1736 a 3 -  0.599 a2 + 0.8389 a  -  0.1054 for 1 < a < 3
0.25 for a > 3
clamped
-  0.0162 a 4 + 0.188 a 3 -  0.813 a 2 +1.552 a  -  0.603 for 1 < a  < 1.6
0.34 for a  >1.6
k2=
The elastic design of plates under lateral pressure when based on small 
deflection theory neglects any yielding and the eventual spread of plasticity 
in the section further to not allowing for the membrane stresses which arise 
when the deflection becomes large and/or when the edges are rigidly held 
apart. Design to first yield should therefore be avoided, unless fatigue is a 
problem.
4.2.7.2 Plate Failure in the Elasto-Plastic Range
Elastoplastic analysis as employed in beam bending may be extended to 
plates under uniform lateral pressure by representing the latter as a 'strip ' 
beam of unit-width. This theory is strictly applicable to infinitely long plates, 
but may be employed with small error [79] to rectangular plates of aspect 
ratios less or equal to 3. Clarkson [79] estimated that by reducing the aspect 
ratios from 3 to 2, the deflection calculated employing the infinite plate
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approach will be 2.5% higher than the actual ones. Significant errors occur 
when the aspect ratio approaches the value of 1 suggesting that proper 
account must be taken of shape hardening effects. References, [79, 80] 
demonstrated that the elasto-plastic behaviour depends on:
• the plate boundary conditions
• the aspect ratio a , which defines whether the approach used is a short or 
long plate approach
• the plate slenderness P, which defines whether the design approach is 
elastic, elasto-plastic or plastic.
As a general guideline, ship plating subjected to large lateral loads (deck and 
shell plating) is generally within the range 30 < b/t < 80 whereas super­
structure plating in smaller and lightweight vessels is more slender having 
b/t > 80. Guedes Soares' detailed review [81] of aspect ratios and b / t  ratios of 
tankers and frigates concluded that:
Aspect Ratio b/t Ratio
Mean COV Mean COV
Tankers 4.7 0.16 46 0.25
Frigates 3.2 0.32 60 0.42
Membrane effects in stocky plates are quite small as the deflections involved 
are small in addition to the presence of edges free to slide. Small deflection 
elasto-plastic theory will therefore be sufficient for estim ating the 
serviceability limits of stocky plates. For slender plates (p>2.5), deflections 
are greater and hence the membrane effects are more influential. In this case 
large deflection elasto-plastic theory would be required for serviceability 
requirements. According to Hughes [78] membrane stresses (or membrane 
action) become significant when:
w > 1.5 t for edges rigidly held apart
w > t for edges free to pull in.
It was Hovgaard in 1940 [82] who first designed laterally loaded plates on a 
permanent set basis, by providing design data curves for no permanent set 
and for a permanent set equal to 1/5 of the total deflection. These curves 
were based on limited experimental data by the German Navy carried out in
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1908 which however gave no indication of material yield stress used.
Clarkson [79] in 1956, extended Hovgaard's work to the design of plates 
under lateral loads past the elastic limit and into the elasto-plastic range by 
means of an extensive theoretical and experimental investigation [83, 84]. 
The effect of in-plane boundary conditions (edges free-to-slide or rigidly 
held apart) on the lateral stiffness of the panel was found to be considerable 
(Fig. 4.13). In practice, edges free-to-slide conditions are more applicable to 
grillage plating.
The effect of edge plasticity on the central deflection under load was found 
to be quite small, especially for thin plates. This is due to the fact that slender 
plates behave more like membranes for which the degree of edge clamping 
is less important. Thus for slender plating the pressure-deflection curve may 
be calculated ignoring edge plasticity but employing large deflection theory.
Stocky plates (P<2.5) were found to demonstrate only small deflections 
and edge boundary conditions closer to edges free to slide. Hence small 
deflection elasto-plastic theory is preferred for estimating their serviceability 
limits. It presents the designer with three design expressions corresponding 
to the three steps in the failure of the plate, (Fig. 4.14):
• First Yield of the surface of the plate edges py =
• Two hinge (at the edges) collapse p2h =
• Three hinge collapse p3h =
Up to the two-hinge collapse pressure the permanent set will be negligible. 
So any plasticity effects are ignored until the edge plastic hinges have 
formed. Once this pressure is attained, a rapid increase in permanent set 
occurs. Complete collapse occurs with the formation of a third plastic hinge 
at mid-width of the strip. Work hardening occurring during the spread of 
plasticity from the edge centres to the corners is usually ignored in the 
analysis. Stocky plates can carry larger pressures but the boundaries do not 
provide the stiffness for the membrane tension stresses to develop.
. 4 q r ( n
J l -  u + v2 vb )
, 3 g y ( * )
J l - u + v2 vby
2 a.
J l - v  + v 2 vb
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For slender plates (|3>2.5), deflections are greater and hence the membrane 
effects are more influential. In this case large deflection elasto-plastic theory 
was used by Clarkson [79] for the derivation of the following serviceability 
requirements:
• Elastic membrane behaviour (no permanent set) limiting the membrane 
stress to 2/3 of the yield stress
• Inelastic membrane behaviour with permanent set (p>2.5) assuming 
fully plastic membrane tensions [79]:
p =9.0 a  — rm y b
 ^w Awpt
w pt is the maximum acceptable plastic deformation. Pm will never really be 
achieved as the stiffening system would have failed first.
Clarkson [79] recommended for stocky plates (p<2.5) the 3 hinge collapse 
criterion while for slender plates either the P^ 3 or a maximum allowable 
permanent set value (8 /b) yE /ay (in the form of design curves) (Fig. 4.15). 
However, the p^ 3 membrane stress approach recommended by Clarkson has 
never been popular. The reasons are that the restriction of the stress to 2/3 
of the yield stress was totally arbitrary, and indeed conservative as it neglects 
any "shape hardening" effects of the smaller plate aspect ratios.
In correcting for shape hardening the plate thickness, t, in the formulations 
above should be substituted by, x t, where x is a correction factor given for 
clamped plates by:
_ J-0.0144a4 +0.19244a 3 -0.9011a2 +1.782a -0.2803 for l < a < 2  
\  1 for a  > 2
A permanent set criterion with edges free to slide should be preferred when 
serviceability considerations prevail (i.e. pressure acts alone), while the p3h 
approach should be preferred where the magnitude of the lateral load
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controls design over maximum deflection considerations. Permanent set is 
undesirable if in-plane compression is also present as the buckling mode can 
be easily triggered. It is argued by many that at the centre of any grillage 
structure the compressive loads are not high and that continuity of the 
plating in those regions renders the rigidly held apart edge condition more 
attractive. However, for reasons of complexity and conservatism, it is better 
to assume edges free to slide.
In 1974, Faulkner [42], based on experimental data by Clarkson [84] on plates 
with edges free to slide (Fig. 4.16), presented the following expressions for 
elastoplastic design of laterally loaded plates. According to these expressions, 
which account implicitly for the "shape hardening" effect of the aspect ratio, 
the allowable pressure, p, is expressed in terms of an acceptable permanent 
set, wpt, defined in paragraph 4.2.7.4:
This expression presents a discontinuity at the changeover point i.e. for 
(3 = 2.5 and for wpt/ a t  = l/3, for no obvious explanation. Figure 4.17 
underlines the approximate agreement of this expression with Clarkson's 
experimental data. According to Faulkner [42], this approximation is good 
enough considering the uncertainties inherent in test data and has been 
used by API, Bulletin 2V. Another expression for elastoplastic design of 
plating with edges free to slide has also been presented by Hughes [85] who 
also based his empirical formulation on a regression analysis of Clarkson's 
experimental data [84].
4.2.7.3 Large Deflection Analysis
At large lateral loads, where material yielding is expected to proceed the 
development of considerable deflections elastoplastic large deflection 
analysis, is more applicable. The non-linearities introduced in the analysis 
are due to yielding, large deflections (the membrane effects) and the restraint 
from edge in-plane movements as deflections become large. As a result of 
these non-linearities there is no direct analytical method that would result
P = < for l < a < 5  and 2 < p < 6
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in reliable solutions. Accurate load-deflection values may be obtained only 
by use of finite element analyses.
An approximate closed form solution to this problem was suggested by 
Wood in 1961 [8 6 ] and accounts of shape hardening, as it is limited to plates 
of a  < 2.5. Hence for stocky plates, p < 2, (and a  < 2.5), a failure mechanism 
analogous to 3-hinge collapse i.e. bending mechanism has been 
recommended. For slender plates, p>2,  (and a <2.5) an approach 
accounting for membrane stresses and shape hardening effects has been 
recommended by Greenspon and referenced by Jaeger in [90]:
1 2 0 * 0 ,
P =
( -
2 f
3  + “T<b, a 2
-2
8 0 *  o y f i N2
f ... \wp‘ 1 3 2  u1  =-sech
7T
>-i
n a
for p < 2
for p > 2
(Wood)
(Greenspon)
where Cbc is equal to 1 for clamped plates and equal to 0.5 for simply 
supported plates. For 'long' plates (a  >2.5) 3-hinge collapse may be used. 
Since the theory neglects membrane effects, this clamped plate solution is 
also applicable as an upper bound for roof-top collapse for edges free to slide.
An extension of Wood's expression above, was presented by Sawczuk in 
1964 [87] for clamped and simply supported plates. The edges are assumed to 
be completely restrained from in plane movement, so that large deflection 
and hence membrane stresses dominate. The expression between uniform 
lateral pressure p and permanent plate deflection wpt is as follows [8 8 ]:
P_ =
Pc
1 + ( A w p . ) j
2 A wp1
t
3 1
Co+(3 -2C) :
3-Co
i + y 2 - g
3 - C
B
3  (A  w pt)
- 1
A w„. 
for ----- — < 1
A w„. 
for ----- — > 1
where C0= — a
3 +
Va a
and P= = 2 ° y l r
-2
3 +
V0 t a
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1 for clamped plates
- 1  for simply supported plates
pc is the collapse strength of clamped plate with unrestrained edges. This 
expression is unconservative for ship plates of typical slenderness [89]. 
Reference [78] has demonstrated that a better choice for a threshold load is 
the pressure to cause two edge hinges only. This model has been based on 
bending stress considerations with subsequent plastic hinge formation but 
neglecting any membrane stress effects.
Experimental and theoretical studies into the behaviour of long, 
rectangular, laterally loaded plates have been conducted by Clarkson [79, 80], 
Jaeger [90], Young [91], and Wah [92, 93]. Hooke and Rawlings [94] have 
reported results of an extensive experimental study into the static behaviour 
of uniformly loaded, fully clamped rectangular plates with aspect ratios 
within the range 1 < a  < 3.
Figure 4.18 compares the plate strength requirement as set by the DNV- 
Offshore structures Code, the API recommendations, Faulkner's elasto­
plastic recommendations (para. 4.2.7.2) and Wood's expression (para. 4.2.7.3). 
It is observed that Faulkner's elastoplastic formulation (used also by API [95] 
for elastoplastic design) provides the most conservative predictions. 
Scawzuck and Greenspon's rigid-plastic expressions neglect any membrane 
stress effects and are based on the assumption of edges rigidly held apart, 
assumption which is not realistic in ship structures.
4.2.7.4 Initial and Final Permanent Set Values
Based on the review presented in Appendix 4.2, initial deflections of plate 
elements due to welding should be restricted to :
where tw,t are the web and plate thicknesses respectively. An additional 
check should be carried out for these deflections, making sure that they do 
not exceed the value of
0.12 p2 (tw/t) for P < 3
0.15P2 (tw/t) for p>3
for tw > t
/ t  = 0.0094 (b/t)-0.205
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Stiffener initial permaset deflections should be limited to wstiffener/ l «0.001 
where 1 is the stiffener length. Furthermore, the maximum permissible 
deflection of the plating under lateral loads, for serviceability should be 
wpt/b  = l/75.
In addition, the maximum permissible deflection in the plating should be 
restricted relative to the plate thickness to:
• Wpt / t  = 0.25 p for bottom plating and strength deck
• wpt/ t  = 0.5 p for decks, bulkheads and remaining structure
to protect against reductions in plate buckling strengths.
4.2.7.5 Application to Aluminium Plates
According to Clarkson [79], the theory presented for steel plates is equally 
applicable to plates of aluminium alloys as well as other material that do not 
display a well defined yield point. The material must not however be brittle.
In applying the approach to aluminium or material of rounded material 
stress-strain curve, the 0 .2 % proof stress must be used instead of the 
corresponding yield stress [79] and the material Young/s modulus should be 
replaced by the the secant E0 2.
It should perhaps be more conservative to use the reduced material strength 
w a 0 2 = Oq 2 for those alloys whose strength is more affected by HAZ 
phenomena. However, since HAZ reduction occurs only at the 
surroundings of welds, only the design approaches based on the bending 
strength of plates (by the formation of plastic hinges) should be affected. 
Design strength values based on a membrane approach should not however 
be affected. Extruded sections, for which the welds are based in the zones of 
membrane tension formation, the full reduction in strength should be 
conservatively applied. The final recommended procedure for the design of 
flat plates under lateral pressure is presented in Appendix 4.3.
4.2.8 Ultimate Strength of Plates Under In-Plane Biaxial Loading
The available interaction equations accounting for biaxial loading on flat
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stiffened/unstiffened plating can all be expressed in the form of a 
generalised parabolic (Von Mises) expression given by:
RjJ -  r| Rx Ry + Rj < 1
The coefficients a, b, r\ for the main models currently in use are 
summarised in the Table below. Of all these expressions, the Dier/Dowling 
and the Odland/Faulkner proposals are able to tackle tensile loads as well.
a b B Comments
ABS [69]-DNV [62]* 
BS5400 [96]
2 2 0 Circular
Faulkner [28] 1 2 0 Parabolic
Stonor et al [97] 1.5 1.5 0 Lower bound
Valsgard [75] 1 2 0.25 Parabolic
Dier+Dowling [98] 2 2 -0.45 For tensile loads
DNV-Fast Craft [70]* 1 n B r|, n vary with P
Odland-Faulkner [99] 
(cylinders)
2 2 B For comp, and 
tensile loads
ABS-TLP Committee [100] 2 1 0 (cylindrical sectns)
Davidson et al [35] 
Imperial College
2 2 B t| varies with p
(*) im p lies that the norm alising strengths are critical, elastic/inelastic strengths
All these expressions were derived by calculating the ultimate strengths of 
the plate under compressive loads in each direction separately, and finally 
combining their effects through an interaction expression. Curve fitting to 
experimental data normally identifies the values for the coefficients and 
exponents. Furthermore, the ultimate strength values of a xu and a yu used 
for R ,R V in the interaction models, are based on individual (for each load* y
direction) ultimate strength formulations as assumed by the researchers that 
have proposed them. This is a point that must be born in mind whenever
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comparisons of interaction expressions is undertaken.
The most "mechanically correct" interaction expression is the one that 
accounts for both the aspect ratio as well as slenderness effects on the plate 
behaviour. As Bradfield at al point out in [65], the use of a single interaction 
curve would require a compromise between the required reduction in 
longitudinal strength when transverse strength is applied first, and the large 
combined loadings which may be carried near the change in mode shapes.
The Faulkner expression (based on Becker's data) is found [67] to form a 
lower bound to the remaining curves. The DNV Offshore Structure rules 
[62], in turn, propose a circular approach to interaction and have partly been 
based on the numerical investigations of Harding, Frieze, Dowling et al [74, 
98, 101] but mainly on the numerical investigations of Valsgard [75]. 
However, the latest DNV Code for the design of High Speed and Light Craft 
[70] settles more for a generalised parabolic expression which varies from 
elliptical to parabolic depending on the plate aspect ratio. This code is not a 
limit state code and hence normalisation of the loads is carried out relative 
to the critical buckling stresses for the individual load components.
The BS 5400 circular interaction has also been based on the Imperial College 
numerical investigations and does not reflect the effect of slenderness or 
mode changes on plate behaviour. Despite this fact, analysis of the data in 
[67] has demonstrated that for slender plates of p > 1.3 the BS 5400 curve 
predicts the collapse strength more satisfactorily than the remaining of the 
expressions while for stocky plates (p < 1.3) the Von Mises criterion is closer 
to the results than any interaction curve. Valsgard's expressions do not 
intersect the yield ellipse (not very accurate for stocky panels) and they do 
not describe the effect of mode changes (not accurate for rectangular panels).
To account for residual stresses and initial deformations on plate behaviour, 
Guedes Soares and Gordo [67] modified their original proposal by 
introducing a data calibrated factor Rr6 as follows:
R j - R . R ^ + R j - R *  for p<3
R’ + R j = R *6 for PS3
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where the correction factor is given by
RrS =
1.11 -  0.16 Tr - 2.018 +0.27 R; for p< 3
1.12 -  0.58 Tr -  0.07 8  + 0.04 R'x for p> 3
while X — and R = R.
Vr T + r
Inclusion of residual stress and initial deformation correction will improve 
the model uncertainty to a mean value of 1.0 and a COV of 13%.
Odland and Faulkner's proposal is however proving to be the most 
attractive due to its accuracy and relative simplicity. The model has 
benefited from a large number of experimental data obtained from a test 
program of Conoco-ABS [102,103] as part of their TLP development research 
and specially sponsored tests by DNV [104, 105] closely related to the 
American program. Faulkner generalised (for the purposes of the TLP 
Committee) Odland's earlier interaction formulation [25] which had been 
developed for unstiffened and ring-stiffened shells. Odland's expression 
combined linear interaction for elastic buckling with a quadratic interaction 
between elastic buckling and yielding, in addition to accounting for tensile 
stresses. Faulkner avoided the slenderness parameters in A, and used instead 
(J> parameters for each individual load component [99]:
^R. + R„ R„ S E S - i
<l>x <t>0 M
+
J Ue J
=  1
where <J>X = o xu/ o 0 and <t>e = a 0uA v  addition, a xu and a 0u are the ultimate 
collapse values for each of the loading cases individually and Rx= o x/ a c , 
R0 = a 0/o o are the load components normalised relative to the material 
yield (proof) stress. Although this expression strictly applies to axial and 
hoop stresses in cylindrical structures, they can be applied just as well to flat 
stiffened structures too. For shell structures, this model has demonstrated 
good uncertainty characteristics. The bias and COV were found to be 0.99 and 
13.1% respectively [99].
Following a lengthy but very detailed numerical investigation into the 
ultimate strength of flat plates in a number of in-plane load conditions,
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Imperial College has put forward a model for the case of combined biaxial 
compression, lateral pressure and shear. Square and rectangular plates are 
treated separately. This expression which is also applicable to biaxial loading 
cases is described in detail in [35]. Davidson et al's [35] strength curves offer 
the useful feature of allowing a two segment curve thus improving the 
agreement with the tests at the higher ultimate transverse strength values. 
Each segment has the form:
R„2 +ti, R, Ry + Ry2 sC 2 R2q
where rj varies with slenderness and £ accounts for shear load effects and 
Rxq for the presence of lateral loads.
In 1990, Guedes Soares and Gordo [67] carried a comparison of most of the 
aforementioned models with available experimental data for steel. Data 
from the following sources was considered:
(a) Becker et al [63, 71] who conducted in 1970 and 1977 a series of tests on 
mild (18 test points) and stainless steel plates ( 8  test points) under biaxial 
compression. The test specimens included residual stresses and in some 
cases they were stress relieved. Bradfield et al [65] express reservations on 
whether the intended boundary conditions have been achieved, due to the 
fact that the specimens were small square tubes and interactions between 
adjacent sides would be inevitable
(b) Stonor, Bradfield, Moxham and Dwight [97] in 1983 studied the overall 
behaviour of plates under biaxial loading, paying particular attention to the 
mode of failure by measuring the out-of-plane deflections. Residual stresses 
were welded onto the plates and initial imperfections were introduced 
mechanically (16 tests points)
(c) Dowling, Harding and Slatford in 1979 [74] carried out numerical 
simulations of plate failures under biaxial loading. Varying levels of 
residual stresses and initial imperfections were present in the test specimens 
(233 numerical data points). This numerical study was complemented by 110 
experimental tests by Dier and Dowling carried out in 1980 [98].
(d) Bradfield et al [65] in 1993 presented the results of large scale tests
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measuring the strengths of long, rectangular stocky plates under biaxial in­
plane compressive loads. Plates with aspect ratios of 4-6 were tested 
containing residual stresses and initial deformations. These tests were not 
considered in the comparison of models by Guedes Soares and Gordo.
In total the study by Guedes Soares and Gordo [67] considered 385 data 
points. Figure 4.19 presents the relative accuracy of the BS5400 (circular) 
predictions and the Von Mises criterion. The values of o xu, a yu used to 
normalise the strength values on the axes were taken as those 
recommended by Faulkner [28] without any residual stress corrections.
Figure 4.20 [67] presents a comparison of these expressions.
In terms of uncertainties, the ABS (BS5400, DNV-Offshore) formulation was 
found [67] to demonstrate a mean of 0.79 and COV of 31%. Faulkner's 
method demonstrated a bias of 0.94 and a COV of 24%. In addition the use of 
the Von Mises criterion to describe the behaviour of the stocky plates and 
the circular interaction of BS5400 (ABS) for more slender plates will result 
in an improvement for the model uncertainty. The mean will then be 0.99 
and the COV equal to 19% [67]. Odland and Faulkner's proposal is hence 
recommended for use in both steel and aluminium structures to account for 
biaxial in-plane loading.
4.2.9 Ultimate Strength of Plates Under In-Plane Biaxial Loading and 
Lateral Pressure
Any lateral pressure loading acting on a plate already loaded in-plane, will, 
in general, introduce deflections that will be in phase with the buckling 
modes of a transversely compressed 'wide' plate, thus significantly reducing 
its in-plane strength in that direction. On the contrary, 'long', uniaxially 
compressed plates have their strength rarely reduced. Their strength will in 
fact be increased due to the beneficial effect of the circularity that the 
deformed plating will present to the axial load.
The available experimental and numerical results existing on this type of 
loading are due to:
(a) Steen and Valsgard who in 1984 [106] presented a design method based 
on the derivation of simplified non-linear elastic response curves for the in­
plane and pressure load cases separately, and combining the local stresses
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into an equivalent stress criterion. Both linear and non-linear types of 
behaviour were assessed by using an equivalent Von Mises stress as a 
criterion. Initial yield was the criterion for elastic behaviour while the 
ultimate collapse load was the limit for non-linear plate behaviour. As a 
result of this work, interaction curves were provided for square plates of 
various slenderness and initial imperfection levels under a variety of lateral 
pressure loads.
(b) Dier and Dowling who in 1980 [98] carried out numerical studies on 
both square plates and plates of aspect ratio of 3 with different slenderness 
ratio, initial imperfection and residual stress values. The biaxial strengths 
were demonstrated in the form of interaction curves for different levels of 
lateral pressure.
(c) Becker et al who in 1977 [71, 107] conducted tests on square tubes with 
internal pressure acting as the lateral load.
(d) Japanese researchers [108-111] who conducted tests on plates under 
uniaxial compression and lateral pressure only.
(e) American investigators who undertook experiments [112] on stiffened 
panels with heavy stiffeners which experienced local plate failure. 
Numerical results are also available from work by Lee [113].
(f) Aalami et al [114] and Kilford [115] who carried out tests on plates under 
uniaxial compression and lateral load conditions.
These tests, with the exception of (e) and (f), were reviewed Guedes Soares 
and Gordo [67]. Following this review (235 data points), determined that 
lateral load results in a significant reduction in the biaxial strength of the 
plate, the level of this reduction being dependent on the plate slenderness 
and the intensity of the pressure loading. Hence Guedes Soares and Gordo 
proposed to account for both of these aspects by:
>/Rx + Ry + Rq = 1 
where RQ = 0.116 QL|52 and QL = i f
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Rq was assumed as a linear function of QL and (J and the coefficients were 
hence obtained from regression analysis. The modelling uncertainty was 
found to be characterised by a bias of 0.99 and a COV 11% when compared to 
all 235 data. A linear relationship between the 'equivalent' (in the case of in­
plane biaxial loading) uniaxial load and lateral pressure is also 
recommended by Faulkner [28].
The only design code that seems to include recommendations for load 
combinations that include lateral pressure is the DNV design guidelines for 
Offshore Structures [62] and the DNV High Speed Craft Design guidelines 
[70]. The main problem with the offshore proposals is that they should 
mainly be used in load cases where the lateral pressure loads dominate the 
effects of the in-plane loads. As a result the model fails to predict 
experimental trends and was found [116] to be non-conservative for the 
more realistic cases of in-plane compression loads being the dominant over 
any lateral pressure actions. Hence, this model is not considered any further. 
The DNV High Speed Craft Design guidelines on the other hand account for 
lateral load effects approximately by the use of a strength reduction factor 
(usage factor) on the final value of strength derived whose value varies 
depending on the global position of the plate on the ship.
The Imperial College model [35], accounting for the case of combined biaxial 
compression, lateral pressure and shear can be used in this instance too, but 
its accuracy is greatly dependent on the assumptions made in the numerical 
study relative to initial imperfections, boundary conditions and residual 
stresses. The Guedes Soares/Gordo proposals should be preferred in the first 
instance on the grounds of accuracy and reduced model uncertainty
4.2.10 Ultimate Strength of Plates Under Uniaxial/Biaxial Loading and 
In-Plane Shear
Guedes Soares and Gordo [67], based on 42 numerical data by Harding et al 
[117], have opted in 1990 for the following circular interaction expression to 
account for the effects of coexistent uniaxial loads (compression or tension) 
and in-plane shear loads in flat plates:
R2X+R2 = 1
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where Rt = T/xy = V3 x/ay and Rx=crx/a xu where a xu is the ultimate
strength of the plate in uniaxial compression as recommended by Faulkner 
[28] without any residual stress correction. The bias and COV were found to 
be equal to 1.19 and 16% respectively. However, when the evaluation of the 
model was concentrated to those data points (21 in number) for which there 
was a significant degree of load combination i.e.
then the bias and COV dropped to 1.07 and 6% respectively. Restrained 
boundary conditions were assumed (as being representative of those met at 
orthogonally stiffened plating in ships) which according to [117] do not 
result in a significant reduction in shear strength due to plate slenderness. 
Hence the ultimate strength in shear was taken as equal to the shear load to 
cause yield in the material xy.
The expressions suggested by BS 5400 [96] and DNV-Offshore Structures [62] 
are based on numerical investigations by Harding et al [117, 118] and Carlsen 
[32] respectively. They are both of the form:
where Rx,Ry,R t are normalised by the characteristic uniaxial/shear stresses.
The latest DNV Rules for the Classification of High Speed and Light Craft 
[70] use a generalised Von Mises (parabolic) expression whose shape depends 
on the plate aspect ratio. This expression may* be used for solely biaxial 
loading as well:
where the reduction factor q accounts for coexistent in-plane shear and is 
given by:
Rx,Ry refer to load ratios of the longitudinal and transverse in-plane 
compressive loads respectively over the critical buckling stresses for each of
_1<— -----<n8
R ^ + R j+ R ^ l
q = l- (x /tc)2
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these loading cases. These design rules do not imply limit state structural 
design. The effect of coexistence of lateral pressure loads on the plate 
strength is accounted for by the use of a strength reduction factor (usage 
factor) on the final value of strength derived whose value varies depending 
on the global position of the plate on the ship. The dependency of 
interaction on plate aspect ratio is demonstrated by the Table below, which 
provides the appropriate values of c, a, n in the interaction expression.
Aspect ratio c a n
l< a < 1 .5  078 ^012 TO
1.5< a< 8 0.80 0.04 1.2
In the presence of uniaxial compression, in-plane bending loads and shear 
loads in the panel the following expression is recommended to describe the 
plate behaviour in the pre-buckling as well as the post-buckling region (if 
necessary):
~  ( r c  V  f „ \ 2
=  1
/  > 2 /  \
a x 
—  +
G x,b
+
<*c < ° b  y
This expression was first derived by Horne et al [119] for critical buckling 
behaviour and its applicability to an ultimate limit state approach to design 
was verified by the numerical investigations of Harding et al [117] in 1976 
and Harding and Hobbs [118] in 1979.
Biaxial compression can also be incorporated by finding an "equivalent7 
uniaxial compression the biaxial load as follows (as recommended by 
Harding and Dowling in [120]):
f  V ( -  V \ 2 r .  \ 2
V a c,x J
+ yy
V°c'yy j
+ Jx,b
v°b y
=  1
This expression has been used by the ECCS recommendations on steel 
structures.
An alternative approach for the interaction of bending and shear would be 
to use a tension field approach when shear load is dominating. This
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approach accounts for the pre-buckling shear strength and the post-buckling 
tension field reserve strength of the plate. It is normally considered in the 
design of deep plate girder webs including the effects of flange rigidity and is 
described in paragraph 4.4.2.2.
4.2.11 Application of Steel Plate Ultimate Strength Models to 
Aluminium Structures
In parallel to Imperial College (numerical) and AMTE (experimental and 
numerical) tests theoretical and experimental work was carried out on the 
development of weld induced residual stresses and distortions at Cambridge 
University [10] and on plate buckling at the same place [52, 54,121].
In 1981 an extensive numerical study investigating the possibility of 
extrapolating steel plate data and ultimate strength results to aluminium 
plate applications, was completed by Dier and Dowling for AMTE [122]. The 
behaviour of square plates under uniaxial compression, rectangular and 
square plates under biaxial loading and biaxial loading with coexistent 
pressure loading and the case of aluminium plating under uniaxial 
compression and coexistent shear, were investigated. Although no HAZ 
effects were accounted for (5083 alloy assumed), residual stresses were 
accounted for in addition to initial geometrical imperfections.
In parallel to the aforementioned study, experimental and numerical work 
was carried out at AMTE [123] aiming in monitoring the post-buckling 
behaviour of stiffened flat aluminium plating constructed from 5083 
aluminium alloy failing by interframe collapse under uniaxial compression. 
The effect of HAZ softening on the strength of the five specimens was 
therefore not studied.
In 1982, Little presented theoretical predictions of the collapse behaviour of 
thin rectangular aluminium plates under uniform uniaxial, in-plane 
compression [124, 125] but took no account of residual stresses and HAZ 
softening effects. This work was followed up by theoretical and experimental 
work on the development of weld induced residual stresses and distortions 
at Cambridge University [10] as well as extensive experimental and 
numerical studies carried out by Mofflin and Dwight [52, 54, 121] into the 
behaviour of individual, unwelded and welded aluminium plates in
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uniaxial compression made of 5000 and 6000 series alloys. It was generally 
concluded that, results obtained for steel plates can be used for aluminium 
plates (5000 series) by applying non-dimensional factors. This statement was 
found to be true except in the cases of
• stocky plates loaded transversely
• plates with small imperfections
for which cases the maximum reduction in strength observed was not 
greater than 5%.
In addition, aluminium plates were found to be less imperfection sensitive 
than their steel equivalents and their load-deflection curves in the post- 
buckling range are flatter than steel thus enabling plate grillages to sustain 
greater loads (smaller load shedding).
For plates of slendernesses of p< 1.383, the plate's un iax ia l com pression  
strength is enhanced by strain hardening (low n value alloys) but for plates 
of ft >2.766 there is not much strength variation (except perhaps for plates 
with small imperfections). Between these values it is possible, depending on 
the failure criterion (which is the ex/e02 value chosen), to get some loss of 
strength for rounded material stress/strain curves. This loss was found in 
[122] to be of the order of 5%. For all slendernesses and levels of 
imperfections, conservative estimates of strength can be made by referring 
to the non-hardening case (n = oo).
For plates in biaxial compression it was observed that work hardening is 
beneficial mostly for longitudinally loaded stocky plates while the rounded 
material stress-strain curve was found to weaken the stocky plates in the 
transverse direction by approximately 5%. Biaxially loaded aluminium 
plates, like plates under uniaxial compression, were found to be less 
imperfection sensitive than steel plates over the complete range of 
slendernesses. In other words, for small imperfections the aluminium plate 
is relatively weaker than the corresponding steel plate while for severe 
imperfections the aluminium plate is stronger. The more rounded material 
stress-strain curve (low n) will give a stronger interaction curve.
For plates under combined biaxial and lateral loading a linear interaction 
between the biaxial strength and the lateral load was recommended.
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Aluminium plates under this loading condition are found to be at least as 
strong as their steel equivalents. In addition, aluminium plates under 
combined compression and shear were found to be relatively stronger than 
steel ones over most of the range of load combinations.
The beneficial effect of strain hardening is most evident for plates of high 
aspect ratio (say 3) and reducing as the aspect ratio drops to 1. The main 
benefit is obtained in the longitudinal direction for both stocky and slender 
plates. Strain hardening was also found to be beneficial for square plates but 
the enhancement of strength was not great, thus highlighting the 
dependence of strain hardening effects to geometrical factors (i.e. 
slenderness, aspect ratio).
Centrally positioned transverse welds on the plate were found to have no 
weakening effect on the strength of the 5083 plates. On the other hand, for 
6082 alloy plates the weakening effect is of the order of 30% for unwelded 
(longitudinally) plates and 20% for welded (longitudinally too) plates. 5083 
alloy unwelded plates were found to unload more slowly than the 6082 ones 
due to the better strain-hardening characteristics the former material 
possesses.
The lower material strength of the 5083 alloy implies an earlier loss of axial 
stiffness in unwelded plates than would be observed for the 6000 alloy plates 
(in the low to medium slenderness range, the strengths are approximately 
10-15% lower). The introduction of longitudinal welds will lead to an even 
earlier loss in axial stiffness for the 5083 plates, the unloading curves 
becoming even more flatter. In 6082 alloy plates, longitudinal welds reduce 
the plate strength without having any influence on the shape of the load- 
shortening curve. A transverse weld does not seem to have a significant 
effect on the load -shortening behaviour of 5083 plates. For 6082 plates it 
leads in loss of axial stiffness at a stress corresponding to Oq 2 of the softened 
material.
In addition, for 5083 plates the difference between strengths of heavily and 
lightly welded plates is small indicating that overwelding (during 
fabrication) does not significantly affect the plate buckling strength. 
Furthermore, the difference in strengths between welded and unwelded 
plates is small for p>1.5. For 6082 the buckling strengths between welded 
and unwelded is small throughout the p range as the welding residual
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stresses in 6082 alloys are considerably less than 5083 alloy plates [54] as 
predicted by Wong [9].
The study carried out at AMTE demonstrated that, although the weld 
induced plating distortion was found to be greater than for equivalent steel 
structures, the distortion values expressed as a ratio of plate thickness had a 
similar relationship with p. A value of 50/t = 0.15 p was indicated as a 
reasonable assumption of the level of imperfection [122]. A similarity in 
non-dimensionalised stresses and stiffeners distortions was also observed. 
However, when the measured stiffened plate strength values were 
compared against predicted values using Faulkner's method, the bias and 
COV values were found to be 0.865 and 0.19 respectively. It must, however 
be noted that the data population available was quite small (5 data points).
4.3 Aspects of Stiffener Design
Any stiffened panel or shell between frames subjected compression of its 
stiffeners may fail either by primary failure (i.e.plate induced interframe 
buckling of the stiffeners and associated plating, tripping of the stiffener 
about its line of attachment with the plating) or by secondary failure (i.e. 
plate buckling between stiffeners, local buckling of the stiffener web, and/or, 
local buckling of the stiffener flange.
Interframe buckling of the stiffeners will be in the form of a column under 
the action of the local loading system which would consist of the stiffener 
and an effective width of the plating. This effective width accounts for the 
premature buckling of the plate under any form of compressive load. 
Premature secondary collapse will result in the lowering of the effectiveness 
of the cross section to resist primary collapse.
This section describes the methods currently available to design efficient 
and adequate stiffeners under a variety of loading systems.
4.3.1 The Design of Efficient Stiffeners Based on Orthotropic Plate Theory
The design of every stiffened plated structure, is based on the assumption 
that the stiffening arrangements (both transverse and longitudinal, single or 
double-sided) remain effective over the loading range the structure is
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expected to experience. Generally, stiffener design is based on empirical 
relationships which tend to be conservative [127] and require an accurate 
estimation of the:
(a) loads imposed upon the transverse stiffener
(b) rigidity of the stiffener
(c) strength of the stiffener especially in limit state design
(d) number and positioning of the stiffeners.
This paragraph attempts to provide guidance tackling the above points.
A measure of the load carrying capability of stiffeners is their relative (to the 
plate) flexural rigidity given by y = EIs/D d  where d is the stiffener spacing, 
or the width of the plate associated with the stiffener. If the criterion for 
design is inelastic buckling of the plate element between the stiffeners, 
Timoshenko [29, 128] suggests the following alteration to the rigidity of the 
stiffener, for the latter to continue to behave elastically:
The estimation of Is should contain (in the post-buckling range) the 
effective width of the plate contribution. A further increase in the rigidity of 
the stiffener beyond the optimum y \  will not result in an increase of the 
critical buckling strength and will thus be uneconomical. The critical 
buckling stress in this case is that of the weakest (depending on the load 
condition) subpanel.
4.3.1.1 Optimum Rigidity Values for Various Stiffening and Loading 
Types
A number of studies have tackled the problem of determination of the 
optimum rigidity y* for various stiffening systems under a number of load 
combinations based on linear buckling theory. Timoshenko made the 
greatest contributions to the development of this theory for stiffener design. 
Additional data were obtained by NACA, Dubas, Kloppel, Massonnet, 
Rockey, Skaloud [129-132] etc.. The most detailed studies have been those of 
Kloppel and his collaborators [133, 134] which resulted in a large number of 
closed form formulae and charts on the subject. Table 4.7 presents the
El,
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formulae for y* for the most frequently encountered cases of stiffened webs, 
plates and flanges. Such values can also be found in the form of tables in 
[135]. The values of y* generally depend on, the
(a) aspect ratio of the longitudinally stiffened plate
(b) relative cross-sectional area of the stiffener (8=As /  d t)
(c) relative torsional rigidity of the stiffener, the effect of which is usually 
disregarded
(d) number and stiffener positions
(e) load combinations acting on the plate edges.
It was Massonnet [136, 137] who first pointed out that stiffeners which were 
proportioned on the basis of y * would buckle with the plating in the post- 
critical range and in order to avoid this happening the optimum flexural 
rigidity of the stiffeners should be factored up 3 to 8 times depending on the 
distance between the horizontal stiffener and the compressed flange. These 
observations were later verified by both theoretical (Massonnet at al [138- 
140]) and experimental investigations (Massonnet et al [136, 137], Owen et al 
[141], Dubas [142] and Meszaros and Djubek [143]). These tests have also 
concluded (Fig. 4.21 for the case of pure bending) that for stiffener rigidities 
greater than approximately 4y*the gain in the load carrying capacity is 
relatively small. Hence, slightly slenderer (and hence lighter) stiffeners of 
4y* rigidities can still satisfy the load carrying requirements. This conclusion 
is generally applicable to all stiffening arrangements under various loading 
types.
4.3.1.2 Maquoi's Recommendations
Following a review of the aforementioned theoretical and experimental 
data, Maquoi et al [144] put forward the following recommendations for the 
design of rigid stiffeners which account for the effect of i n i t i a l  
im perfec tions  and post-buckling behaviour:
y = mt y* and y  = k irq yj
for transverse and longitudinal stiffeners respectively. k=0.8 when the plate 
is stiffened by more than one longitudinal stiffeners. Otherwise k=1.0. y* is 
then taken from Table 4.7. The values of the amplification factors m^mj
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are a function of the type of stiffeners (longitudinal/transverse), the type of 
stiffener cross-section (open/closed), and the depth to thickness ratio of the 
plate. Maquoi recommends the following values for the amplification 
factors m^mj:
1 for d/t <75
For Transverse Stiffeners: m. = ^  (d/t) -1  for 75 < d/t <150
3 for d/t > 150
For Longitudinal Stiffeners:
(a) For open cross sections
(flats, angles, Ts etc)
m, =
1.25
2.75
for d/t <120
120
(d /t ) -1.5 for 120<d /t<240 
4 for d/t > 240
(b) for closed sections m, = •
1.25 
1.25
for d/t <120 
(d/t) for 120 < d/t <240
120
2.5 for d/t >240
There is dispute about the need for the amplification factors, m, primarily in 
Germany although its use does not seem to result in a proportional increase 
in the cross-sectional area and weight [145].
When the plate is subjected to a load combination of compression a c, 
bending a b, and shear x, Maquoi recommends that the value for the 
longitudinal stiffeners is calculated by the following interaction expression
Yi = y*  1 ,C a — + YC /U l t l.a b , u l t  j Yu * u i t  /
where oC/UU,o b/Ult, xult are the ultimate strengths in compression, bending 
and shear of the plate respectively and yj  ^ , y |o ,yJ T are the optimum
rigidities for pure compression, bending or shear of the longitudinal 
stiffener respectively. This expression should be applied to each of the two 
adjacent panels of the stiffener and the larger value finally selected.
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For transversely (to the direction of load application) stiffened plates, it is 
the shear loading that is only of importance, irrespective of the presence of 
other longitudinal loads and the value of y* is taken from Table 4.7 
according to the specific design conditions. The presence of longitudinal 
stiffeners is accounted for by assuming an 'equivalent7 plate thickness, te, so 
that the critical shear load of the substituted plate is equal to the critical 
shear load of the original stiffened plate. Then for transverse stiffeners on 
longitudinally stiffened plates [145]
r" = yU ( y )  where t„ = ^ K ~ j K  M/dsub.It„)2/3
and k , ka are the shear buckling coefficients for aspect ratios a max and a
respectively. y |G is the optimum rigidity for a similar plate without 
longitudinal stiffeners. d8Ub max is the depth of the largest unstiffened sub­
panel as identified by the stiffening arrangement. a max is the aspect ratio of 
the largest unstiffened sub-panel.
The main disadvantage of the rigidity approach y* to stiffener design is that 
the recommendations apply only to the stiffener spacing and load cases for 
which they were derived and cannot be generalised to the more 
unpredictable requirements of the designer. Hence a strength criterion is 
also generally introduced to account for such inefficiencies. Strength criteria 
for the web stiffeners of deep plate girders will be presented next followed by 
recommendations for the design of stiffeners against tripping.
4.3.2 The Design of Transverse (Vertical) Stiffeners in Deep Plate Girders
The stiffeners on the web of a deep plate girder, can be intermediate 
transverse stiffeners (which, apart from increasing the buckling resistance of 
the web and offering support to the tension field, they also keep the flanges 
well apart from each other), transverse bearing stiffeners (which, apart from 
carrying out the functions of the intermediate transverse stiffeners, they 
need to support an externally applied load), and end bearing stiffeners 
which also have to withstand the lateral loading imposed upon them by the 
horizontal component of the tension field forces in the adjacent web panel. 
The latter are of greater use in the civil engineering profession and will not 
be discussed any further. Longitudinal stiffeners may also be present, which 
have to remain straight and efficient throughout the girder collapse stages.
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Transverse stiffeners only influence the shear capacity and not the bending 
resistance of the plate girder web sections. They increase the shear buckling 
resistance of the web and must therefore be rigid enough and effective up to 
the ultimate shear load when compressed by the tension field vertical 
component. In addition, they must prevent any tendency for the flanges to 
move towards one another as a result of the tension field component acting 
on them. The presence of longitudinal stiffeners may result in destabilising 
transverse forces on these stiffeners. At such an instance, a combined 
compression and bending load condition will apply.
Up until 1980, little was known of the behaviour of transverse stiffeners in 
the post-buckled range of girder web panels, loaded primarily in shear. It 
was in 1981 that Rockey et al [146] established a semi-empirical approach to 
their design by providing a means of establishing the load being imposed 
upon them by the tension field in the post-critical range of webs loaded in 
shear. Further experimental investigations by Tang and Evans [147] showed 
that Rockey's approach leads to the design of safe and slightly conservative 
transverse stiffeners. hence it is recommended and is described next.
4.3.2.1 The Loads on Transverse Stiffeners
The move towards limit state design procedures, has introduced the need 
for a more rational and 'mechanically' correct approach to the load 
estimation on stiffeners, an approach that would obey the physics of the 
problem. Rockey et al [146] were the first to propose such a procedure for the 
load estimation on transverse stiffeners in deep plate girders.This approach 
was latter adopted with slight modifications in BS 5400 [96] as it was shown 
[147] to provide a conservative envelope to experimental load readings. It 
assumes that the stiffener has to withstand:
(a) the compression loads due to the vertical force components of the 
tension fields in the adjacent to the stiffener sub-panels, Vlr V2 (Fig. 4.22). 
These loads act only in the regions of non-overlapping of the tension fields 
namely CG and DH,
V, = -  o yA t (CG) sin(01) c o s ^ ) and V2 = a y21 (HD) sin(02) cos(02)
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(b) the compression loads introduced by the tension fields7 anchoring on 
the flanges (WjC, DY2) thus resulting in forces Vc, VD;
v c = - ° u t ( W 1C)sin2(ei) and VD = t (DY2)sin2(62)
(c) the difference in critical shear forces of the two adjacent sub-panels 
assumed to act over the complete length of the stiffener (xCTA -  tct 2) d t. 
a u /a u  are the stresses to cause yielding in the corresponding tension bands 
and are therefore obtained from tension field theory (para. 4.4.2.2).
Maquoi in [145] recommends an identical approach for estimating the loads 
on intermediate transverse stiffeners not carrying any direct compressive 
loads (e.g. patch loads). The load actions assumed are:
• compression forces equal to (Vd-0.8V cr)/ the difference in the design 
shear strength of the girder and 0.8 of the critical buckling strength of the 
web panel in shear. The critical buckling shear strength is to be the least of 
the values of the subpanels adjacent to the stiffener in question
• bending moment loads introduced by the eccentricity of application of 
the compression loads to the stiffener's neutral axis
• destabilising bending moments (superimposed on the moment due to 
eccentricity) introduced on the transverse stiffeners by the out-of­
straightness of the longitudinal stiffeners (in the compression zone only). It 
is recommended [145] that the intensity of each transverse force on the 
transverse stiffener is taken as 1% of the compression load existing in the 
longitudinal stiffener (without any web effective width).
The British Standard for structural design in aluminium, BS 8118 assumes 
the compressive load acting with the vertical stiffeners to be:
for an intermediate stiffener P = V/3
for a bearing stiffener P = + V/3
where Pj is any external concentrated load acting on the stiffener and V is 
the average value of the ultimate shear force arising in the web panels on 
either side of the stiffener.
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4.3.2.2 Checking the Rigidity and Strength of Transverse Stiffeners
The rigidity of transverse stiffeners should be checked as described in 
paragraph 4.3.2.1 making the necessary corrections for the presence of any 
longitudinal stiffeners. An effective width of plating should be assumed to 
act with the stiffener as described later. The strength check, in turn should 
pay due to (a) the estimation of the effective width of the web plating that 
may be assumed to act with the stiffener, (b) the application of the loading in 
the web plate and thus eccentrically to the position of the neutral axis of the 
combined (stiffener-plate) section, (c) any initial imperfections on the 
stiffener and (d) the destabilising action of the buckled web on the stiffener.
The experimental study of Rockey et al [146] has shown that a width of web 
of forty times the web thickness could be empirically assumed to act with 
the stiffener and has been adopted by the steel British Structural design code 
(BS 5400). BS 8118 assumes, in both checks, an effective width of web plating 
to act with the stiffener given by be = 0.27 b or 301 ^ o Q2/250  whichever is 
less.
The moments arising from the eccentricity of the compressive loads P and 
the neutral axis of the section as well as due to any initial imperfections of 
the stiffener, 50, are magnified by the standard amplification factor 
l /( l-P /P e) where the Euler buckling load of the stiffener is calculated 
assuming the effective column length to be equal to the length GH (Fig. 
4.22) i.e. the length over which the the tension fields in the adjacent panels 
overlap. BS 8118 assumes the effective strut length to be:
f d for a >1.5
|  d /-^ 1.6 -0 .4  a for a < 1.5
When the panel dimensions are different on opposite sides of the stiffener, 
an average value of 1 should be considered.
The destabilising action of the buckled web may be accounted for as 
recommended in BS 5400 [96] by assuming an 'equivalent' axial load to act in 
addition to the actual compressive loads. According to Chatterjee [148] this 
load may be taken as
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4 d t
— ■ 2— xa x (plate /  stiffener area) 
k b t„
Hence the stiffener is to be designed as a strut under combined axial loads 
and bending moments. Tang and Evans [147] have found that Horne's 
expression for such an interaction [149]
M a y °-5 (bs + b t/ts) f  P^2
M
=  1
ps 1VAps V S /
was more than adequate in providing strong transverse stiffeners. is the 
full plastic moment capacity of the section when there is no axial loading 
and Ps is the axial squash load of the section.
Maquoi, in turn, [145], agrees that the transverse stiffener should be checked 
by a Perry-Robertson type of interaction expression (used in ECCS proposals 
for both steel and aluminium [145, 150]). He recommends the use of an 
effective width of the web be taken as be= t^E / a y to act with the stiffener 
[145,150]. These curves however, should be altered to account for the effects 
of out-of-straightness by assuming this out-of-straightness to be (1/500) of 
the stiffener length. The buckling length is safely and economically 
recommended to be 70% of the stiffener depth [145].
4.3.3 The Design of Longitudinal Stiffeners in Deep Plate Girders
Longitudinal stiffening systems provide an attractive alternative to 
increasing the plate thickness, in terms of load to weight ratio but can be 
disadvantageous in terms of fabrication costs. It is therefore of extreme 
importance for the designer to have guidance on the number and 
positioning of any longitudinal stiffeners he chooses to apply to limit this 
cost penalty.
Longitudinal stiffeners are expected to support the load shedding due to 
buckling of adjacent web sub-panels, in addition to maintaining the nodal 
lines in the buckled web up to its ultimate limit. A rigidity and a stability 
check would then permit the proper selection and sizing of their 
dimensions. These aspects are discussed next.
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4.3.3.1 The Number and Positioning of Longitudinal Stiffeners
When pure shear loading is applied on the panel, the optimum spacing for 
the stiffeners is obtained by placing them at equidistant intervals along the 
web depth as all the sub-panels will then present the same critical buckling 
resistance. When dominating bending moments and shear loads coexist, the 
stiffener spacing must be adjusted so that the panels subjected to the highest 
compressive stresses are the smallest. From theory (Timoshenko [128, 133]) 
the optimum position of an horizontal stiffener of a panel subjected to pure 
bending is at a distance equal to d /5 from the compressed flange. As soon as 
shear is present, the stiffener must be placed in a lower position. This is 
required to reduce the height of the larger web panel that is below the 
stiffener and to increase the stability of the web against shear buckling. In 
addition, this will move the stiffener to positions nearer the neutral axis of 
the section, thus reducing the bending stresses acting upon it. For the 
extreme case of a panel that is subjected to pure shear, the optimum location 
of an horizontal stiffener is at mid-depth.
For girders primarily loaded in shear, guidance on the choice of an 
optimum number of stiffeners for any given web slenderness is available. 
Design curves have been developed by Ardali in 1980 [151] as a result of a 
parametric, numerical study of 15,000 girders employing the tension field 
mechanism. These curves are of the type shown in Figure 4.23 (for a web 
plate aspect ratio of 1.5) and present the percentage increase in ultimate load 
capacity of the web plate against the web plate slenderness as a function a 
number of longitudinal stiffeners (up to eight in total). It is observed, that 
the benefits in ultimate strength obtained by an increase in the number of 
stiffeners is a function of the web slenderness. For every web slenderness 
ratio there is an optimum number of stiffeners that will provide the 
maximum increase in ultimate load. There is no real benefit in increasing 
the number of stiffeners to a value higher than the optimum (unless the 
web slenderness is increased appropriately).
Furthermore, Massonnet [138] put forward a chart (Fig. 4.24) which enables 
the identification of the optimum positioning on a web of a longitudinal 
stiffener, under the action of different shear to bending stress ratios 
(£ = x/a). Values of a /ae and \ j \ a are plotted as abscissae and ordinate 
respectively. The stress ae is given by [138]:
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To use the chart, the aspect ratio a of the complete panel is first computed 
followed by the determination of the ratio £ = x/a identified by the design 
loads. Once the intersection of the radial lines (representing and the 
aspect ratio curve is established, its position in one of the areas 2, 3, 4, 5 of 
the graph is noted. These areas are identified by the dotted lines on the 
graph. Depending on whether the point lies on areas 2, 3, 4, 5, the optimum 
position for the stiffener is at d/2, d/3, d /4 and d /5  from the compressed 
flange.
4.3.3.2 The Loads on Longitudinal Stiffeners
Evans and Tang's proposal [152, 153] for estimating the loads  on 
longitudinal stiffeners in the post-buckling range is based on the 
assumption that the tension field in longitudinally stiffened webs acts over 
the complete web depth, and therefore the tension field is not expected to 
add significantly to the stiffener loading in. the post-buckling range. Hence, 
these stiffeners are assumed to be solely loaded by the destabilising effect of 
the shear buckling stress. This is converted into an equivalent axial 
compression on the stiffener (para. 4.3.2.1), with any additional compression 
arising from direct bending loads superimposed.
4.3.3.3 Checking the Rigidity and Strength of Longitudinal Stiffeners
The rigidity of longitudinal stiffeners should be checked as described in 
paragraph 4.3.2.1. As to the effective width of plating that should be 
assumed to act with the stiffener the following apply.
BS 8118 prescribes both a rigidity and a stability check both requiring an 
effective width of web plating to act with the stiffener given by [127]:
be = 0.27 dav or 30 t ^ c 0 2/ 250 whichever is less
where dav is the average depth of the two sub-panels lying either side of the 
longitudinal stiffener. BS 5400 [96] recommends the design of longitudinal 
stiffeners by a procedure very similar to that of Rockey et al [146] for
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transverse stiffeners (para. 4.3.2.2). This procedure is discussed in some 
detail by Chatterjee in [148].
Maquoi in [145] agrees with the general view that either the strength or the 
rigidity criterion is sufficient when designing normally straight longitudinal 
stiffeners except for the case when the longitudinal direct stress in the 
stiffener exceed 2/3  of the direct stress in the nearest compression flange. 
Both requirements are then necessary. When in need for a strength 
criterion for longitudinal stiffeners, Maquoi recommends [145] the use of a 
Perry-Robertson type of expression which accounts for compressive and 
lateral loads in a beam column approach. In applying the beam-column 
strength check it is advised that an initial out-of-straightness of 1/500 of the 
stiffener length is employed and that an effective width of plate is assumed 
to act with the longitudinal stiffener (be= t^ E / a y).
Evans and Tang proposed a new approach to the ultimate load capacity 
estimation of longitudinal stiffeners. Following an initial proportioning 
according to linear buckling theory, the ultimate load capacity should then 
be checked assuming an effective width of the web panel to act with the 
stiffener. As the tension field in longitudinally stiffened webs is assumed to 
act over the complete web depth, the tension field is not expected to add 
significantly to the stiffener loading in the post-buckling range. Hence, the 
loading carried by the stiffener is assumed to be primarily due to the 
destabilising effect of the shear buckling stress. This is converted into an 
equivalent axial compression on the stiffener (para. 4.3.2.1), with any 
additional compression arising from direct bending loads superimposed. An 
effective width of web of 40 times the web thickness is assumed to act with 
the stiffener. The additional bending moment introduced by the eccentricity 
of the load from the neutral axis of the section is also accounted for in the 
form of Horne's interaction diagram (para. 4.3.2.2). This expression will 
readily provide the plastic moment capacity of the stiffener/effective plate 
section.
4.3.4 Designing Stiffeners Against Tripping
Most of the design recommendations currently available on design against 
buckling, are based on the assumption that the stiffener web is 'pinned' onto 
the plating an assumption which is generally true for the boundary
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conditions of beam-columns, plates and shell elements. However, when 
tripping is concerned an interaction of the tripping modes of the stiffener 
with the buckled modes of the plate panel should be expected, providing a 
variable rotational restraint along the length of the stiffener-plate 
connection, and making the modelling of the boundary conditions and 
stiffener toe restraint difficult.
Tripping failures may be avoided by appropriate proportioning of the 
stiffener dimensions, introduction of symmetry in the stiffener cross-section 
and the introduction of tripping brackets. The benefits of the latter measure 
are questionable. The assumption of pinned boundary conditions, makes 
the use of tripping brackets worthwhile, as the tripping strength about the 
line o f attachm ent o f the stiffener to the plate then becomes length 
dependent:
n 2 E (lz z2 + T 
aT Ic = G J +  k-j 2-------
where 1 is the stiffener length. The use of brackets is expected to increase the 
fabrication cost and add hard spots making the structure more fatigue prone. 
There is also the danger of the brackets actually precipitating tripping if 
inappropriately placed at possible positions of buckling antinodes. However, 
as Faulkner points out [154], for the majority of structures, tripping failure is 
independent of the unsupported length as the plating provides a stabilising 
(or destabilising) rotational restraint to the stiffener.
A limited number of studies into the stiffener tripping phenomenon have 
been made and the number of experimental and or numerical 
investigations into this failure mode is even more limited. Winderburg 
[155] and Faulkner [156] have recommended approximate formulae for 
elastic tripping stresses for axial compression cases and these were later 
extended by Adamchak [157] to end-moment and lateral loading cases. More 
general elastic solutions exist using folded-plate or finite element analysis 
[158-160]. Inelastic tripping has been tackled in the past for steel, using a 
modified tangent modulus [156, 161] but the assumed tripping modes were 
found not to resemble those observed experimentally [154]. Incremental 
inelastic finite element analyses are an alternative approach to inelastic 
tripping studies. It was Faulkner [154, 156] who first considered the effect of 
stiffener/plate interaction, and did so for flat grillage structures ignoring the 
flexural stiffness of the web. Faulkner later extended his proposal to
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stiffened cylinders [162]. On the other hand, Adamchack in [157] has treated 
the tripping problem taking due account of the web deformation, with 
limited account of any web/plate interaction though.
4.3.4.1 The Effect of Rotational Restraint of the Plating on the Stiffener 
Tripping Strength
In response to the pessimistic criterion of BS 5500 prescribing elastic tripping 
of a stiffener pinned at its toe, Faulkner in [154, 156], accounted for the 
rotational restraint of the plate on the stiffener tripping in two possible 
ways. Firstly by assuming a constant restraint value Cs and then by taking 
the restraint to vary linearly. Based on beam theory (Fig. 4.25):
m2 k2 E (lz z2 + r) Cs l2
m2 7CZ _ EL
3 (l -  v2) b
G J + i2 ' 2 2
l  T 
gt = --------------------:---------------------  where Cc =
The minimum value of tripping strength is obtained for the following 
tripping modes:
for flat bars [157] mT = ( l / j c ) ^ 1 2 ( l ^ ) ^ Q / i t ^ ’
for T-bars [154,156,157] m T = ( l / n )  *Jc , / e  ( l z z 2 + r)
d is the depth of the stiffener. For Cs = 0, the critical tripping mode mT 
becomes 1. The independence of the tripping strength from the stiffener 
length, when substituting for mT, is noteworthy.
Recently, Morandi has demonstrated [163] that the torsional parameter 
(Iz z2 + T) can be approximated with little loss of accuracy by Iz d2 where dc
is the distance of the shear centre from the stiffener toe. Longitudinal
warping T is neglected as its values were found to be considerably smaller 
than those of transverse warping. This substitution in the above expression 
and all expressions that follow is thus recommended.
In order to account for the possible destabilising of the stiffener due to plate 
buckling, the following linear variation of the rotational restraint with the 
axial load was proposed by Faulkner [154]
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for stiffeners [154] C = C
r "\ 
1 - -5 - for a  < 2 a„
for ring frames [162] C = C \ - - x -
V P m n  )
for p £ 2 p ,
where o a is the critical buckling strength of the plate panel in compression 
given by:
G„ =
n 2 E ( t V f  m„ 1 ^
1 mPb,
mp is the mode number for critical buckling of the plate in compression 
(number of half waves along the length of the stiffener). For G /aa > 1 (or 
p/pmn > 1) restraint value becomes negative accounting for shell/plate 
destabilisation effects. Hence the tripping stress becomes [154]:
^  m2 rc2E(lzz; +r) C, l2 
l 2 je2
for stiff eners [154] aT = -
[„ + ( k  C. l 2/ ( m 2 je2 a „ ) )
for ring frames [162] Pm =
L +
The Notation section provides a description of all the parameters used 
above. mT is the mode number for critical tripping of the stiffener in 
compression (number of half waves along the length of the stiffener). 
Coefficient k has been introduced by Faulkner to cater for plate 
buckling/stiffener tripping mode interaction. Based on experimental 
investigations [164], Faulkner proposes the following values:
mp/m T 1 2  3 >3
k 1 0.25 0.5 0
The accuracy of this approach has been tested against experimental results in
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[165]. For ring frames the third term in the numerator is the addition 
arising from the stable shell constraint Con for mode n, and the last term in 
the denominator represents the destabilising effect arising from shell 
buckling for the same mode n. Morandi in [166, 167] verified (for ring 
frames) that the solution gives accurate predictions for n « 2 - 4 ,  but for 
n ~ 5 -1 0  the accuracy breaks down requiring consideration of the web 
deformation effects. For n>10, tripping was found to be no longer a 
problem as interframe shell collapse and/or local buckling of the frames 
seem to take over as a main failure criterion.
As a result of the inaccuracies occurring due to the neglect of the web 
deformation effects, Morandi [163, 167] adapted Adamchack's previous 
theoretical approach for flat stiffened panels [157] accounting for web 
deformations, to the case of ring frames. Morandi's expression does not 
tackle tripping failures in the inelastic range and is of the following form for 
both T- and flat-bar stiffeners:
b - J b 2 -  4 a c
Q -  ---------------------------
T 2a
The values of the coefficients a, b, c, vary depending on whether the 
stiffeners are T- or flat-bars and whether they are applied straight or in the 
form of ring-frames. These are presented in Appendix 4.4. This formulation 
has been tried against FE analyses of ring stiffened cylindrical structures 
[163]. Despite its accuracy, the complexity of the coefficients renders its use 
prone to computational errors and should therefore benefit more from 
further simplifications prior to its widespread application in design.
Irrespective of the method used to estimate the tripping stress, the average 
lim iting tripping stress used in design would be
a., = a, X  + b . t '
A + b t
where be (se) is the effective width of the plating (shell) as determined by an 
ultimate strength approach to the plates post-buckling behaviour, As is the 
stiffener sectional area, t is the plating thickness and b (s) its width.
Adamchak in [157] also recognised the need to account for the rotational 
restraint and also used the same linear variation of the of rotational
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restraint as Faulkner above. However, this variation was limited only up to 
a/aCT < 1 implying that it was only the beneficial stabilising effect that was 
considered. For a/a^ > 1 the stiffener was assumed pinned to the plating 
implying a condition of no rotational restraint thus neglecting any 
destabilising effects.
4.3.4.2 Tripping Strength Under the Influence of End-Moments or 
Lateral Loads
Based on an energy approach, Adamchak [157] derived expressions for the 
elastic, critical tripping stresses for flat and T-bars under end bending 
moment and lateral load conditions. For stiffeners under end bending , the 
end-moment to cause tripping on stiffeners is given by:
for flat-bars
M- =  s,
1 Et?, d f  m 2 2111x 7U
3 1 2 ( l-u 2)
+ 6 (l -  u)
C. I3
mt 7T
for T-bars MCTe =
n
.sj
GJ +
m 2T n 2 E (lz z2 + r) C912
m; n
As mentioned earlier, the torsional parameter (lzz2+r) can be 
approximated with little loss of accuracy by Iz d2 [163]. The critical tripping 
mode values m are identical to those given for the axial compression case 
above. I is the vertical moment of inertia of the stiffener and its associated 
effective width of plating about the neutral axis of the section and S is a 
grouping of variables relating to the geometry of the stiffener given by:
S = 0.25 [t„ d4 -  4 (h -  0.51) I„ + 4 dc (A, d’ + Irf)]
where 1^  and Af are the moment of inertia of the flange about the web 
plane and the cross sectional area of the flange respectively.
For stiffeners under lateral pressure loadingL the load per unit length, q, to 
cause tripping on the stiffeners is for flat-bars and T-bars respectively:
where Hm(K), Hm(K), Fm(K) are quadratic functions in K. These functions 
may be obtained in full from [157]. The coefficient K results from the 
underlying energy considerations and assumption of the shape of 
deformation of the stiffener/plate beam under lateral load.
4.3.4.3 Tripping Strength Under Combined Loading
For tripping under combined loading, Adamchak [157] opts for the more 
conservative linear interaction expression, in the absence of detailed 
theoretical, experimental or numerical investigations. Hence load 
interaction effects on the tripping strength of a stiffener are given by:
In case that the sign of loading is such so as to stabilise the stiffener (i.e. 
tensile loading, negative end moments M) then introduction of these 
quantities with their appropriate sign in the expression above will 
guarantee that the stabilisation effects are accounted for appropriately.
4.3.4.4 Inelastic Tripping
For stiffeners in steel, Faulkner [154, 156, 162] and Adamchak [157] favour 
the structural tangent modulus approach Et, when accounting for inelastic 
effects. Et is defined by the Ostenfeld-Bleich parabolae (para. 4.2.5.1). 
Faulkner recommends for fla t stiffened plating, S'towelTs relationship 
between inelastic and elastic critical tripping strengths:
On — VE. / E ° Te ^  Oxi — '
1 + U j
-l
for o T > pro y
for a T < pra y
where pr = a ps/ c y =0.8 or 0.5 if the stiffeners are fabricated or cold bent 
respectively. Adamchak [157] takes the more conservative view setting this 
relationship equal to oTi =(Et/E)aTe.
According to Adamchak [157] and in the absence of any detailed studies, the 
same expressions may be used to calculate the inelastic tripping moment.
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This is done by simple substitution of aT by Mae and Gy by Mp in the 
expressions above.
For ring  fram es in stiffened shell structures, tripping failure is more 
sensitive to local bending effects than for flat plated structures. As Faulkner 
points out [162, 168], this sensitivity increases with shorter the number of 
buckling wavelengths (i.e. smaller mode number n). He therefore proposed 
the following expression for the external pressure to cause inelastic tripping 
which is dependent on the mode number n and leading to different tangent 
moduli approaches:
pTe is the elastic tripping external pressure for the ring frames and is 
obtained in terms of the elastic tripping stress a T by the following 
expression:
and R9 is the radius to the centroid of the ring frame, while y  is given in 
the notation for the design of stiffened shell structures, p^ is the external 
pressure at which the circumferential stress in the flange of a ring frame 
reaches yield level.
4.3.4.5 Inelastic Tripping of Aluminium Stiffeners
The approach proposed in paragraph 4.2.5.4 for the design of stiffened 
aluminium plating can be extended for tackling the inelastic tripping 
strength problem of alum in ium  stiffeners and ring frames. The procedure 
would remain essentially the same with the sole change being the 
substitution for the critical tripping stress. However this remains a 
suggestion awaiting further and more detailed investigations.
for X,T < l/V r and n < n  R /  3d
P ie
where and
0.8 fabricated frames 
0.5 cold bent frames
where
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4.3.5 Local Buckling Criteria
Proportioning the stiffener dimensions to avoid local buckling of the cross 
section components (flange and web) is based on the need to make full use 
of the material properties thus forcing any buckling to occur in the inelastic 
range. Hence, each of the section components, is treated as a long, uniformly 
compressed flat plate with pinned boundary conditions. Assuming a safety 
factor of SF against yielding of the material (aCT>SF ay) then for the w eb  
plate of dimensions dw,t w,
a  =3.62 E *
V^ w j
S»SFoy => =>
y t... V SF Ala.. t... Vo.
while for the flange plate of dimensions bf (wf =bf/2), tf
cf„ = 0.385 E
vwf y
>SFay =» wL< 0.385 IE_
SF t* f K
Faulkner proposes the additional restriction for the flange dimensions:
bL< (0385 [E L  
tf V SF ^|oy tf
where - 0.6
The safety factor values against yield and the corresponding coefficient C 
implied by the major marine and civil engineering codes are presented 
below. Cw and Cf refer to the web and flange elements:
SF c w SF c f
API 3.62 1.0 2.75 0.375
DNV 2.0 1.35 2.4 0.4
BS 5500 3.0 1.1 1.54 0.5
Recommended 3.0 1.1 3.0 0.36
A very good overview of the stiffener proportioning requirements in the 
civil engineering codes worldwide is available in [169].
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4.4 Ultimate Strength of Unperforated Deep Plate Girders
The question of the ultimate strength of plate girders in 'pure' shear, pure 
bending and combined shear and bending loading conditions first came to 
the attention of researchers worldwide after the steel box-girder bridge 
failures in the U.K., Australia, and Germany in the late sixties. The resulting 
international research effort in response to these failures has lead to the 
publication of numerous analytical and some numerical models all 
attempting to provide the most efficient and effective solution to the design 
of these structures. Interestingly enough this research has been mainly 
initiated and conducted by the civil engineering profession.
In designing a deep plate girder, the distribution of shear and bending 
stresses characteristic to the loading system being imposed on it, should be 
appropriately accounted for and each of the subpanels determined by the 
intermediate vertical stiffeners has to be designed by the specific load 
combination acting along its edges. When the web is vertically 
(transversely) stiffened, the shear load along its edges is assumed constant 
and equal to the average shear value within the panel. When bending 
becomes more significant than shear, failure occurs by either general
yielding of the flanges or by their inward collapse. The behaviour and
design of deep plate girders under these loading conditions are examined 
next.
4.4.1 The Design of Deep Plate Girders Under Dominating Bending Loads
When the bending loads become more significant than shear effects, the 
need to distinguish between the shear mechanism type occurring at high 
shear load and the various forms of flange failure occurring at dominating 
bending loads arises. The failure modes that must be designed out under 
dominating bending loads are:
(a) general yielding of the tensile flanges,
(b) inward collapse of the compression flanges
(c) buckling of the web plate between the two flanges.
338
In the design of the flanges, local instability phenomena (e.g. local plate 
buckling and resulting column buckling) occurring in the elastic range 
govern the design of the compression flange, while the material yield stress 
will determine the limiting value for the tensile flange stresses for plate 
girders under solely direct and bending loads.
In order to account for the reserve strength of a deep-plate girder once the 
web has buckled, and hence allow for the resulting load shedding from the 
web to the flanges three methods are generally available:
1. the web "effective depth" concept,
2. the "effective stress' approach,
3. a Pratt truss approach, preferred in the presence of considerable shear
loads.
The web "effective depth" concept is generally preferred [150], permitting the 
use of a linear stress distribution in the section and providing more accurate 
values of extreme fibre stresses. The concept of a fully effective cross-section 
using an "effective stress" approach is less popular, leading to limiting 
stresses that are lower than those used by the "effective width" approach. 
Alternatively, the Pratt truss approach assumes that the flanges alone resist 
direct and bending stresses while the the web material remains fully 
effective in resisting the shear loads. The latter approach avoids the 
determination of the effective section of the web, is simpler and 
conservative.
The effective cross-section concept requires rj (= (1-0.005 (3+\jf ) / X p) / \ p), 
the "efficiency" of the web compression zone which depends on the 
normalised web slenderness, Xp, and the stress ratio, . Values for the 
critical buckling coefficients of the web elements under various edge loading 
conditions (i.e. y  values) are shown in Figure 4.26. This expression for t| is 
a general form of the Winter formula and is recommended by [150]. Other 
formulae have been proposed by [150, 170, 171] but the differences in the 
final results are relatively small [145]. This method may also be employed 
for the case of longitudinally stiffened webs with the difference that each of 
the subpanels thus formed must be considered separately [150]. In addition, 
Cooper's formula [172] seems to be in popular use for doubly symmetric I 
sections (e.g. North America) in calculating the ultimate bending moment 
of a girder and is used in the Cardiff approach (para. 4.4.2.2). The bias and
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COV values relating to Cooper's model for steel girders subjected to pure 
bending have been estimated [173] as:
Number of tests 18
Mean value of ratio (obs/prd) 1.008
Standard deviation 0.045
Minimum value of ratio 0.89
Maximum value of ratio 1.06
This evaluation has been based on experimental data presented in [172, 174, 
185].
4.4.2 The Design of Deep Plate Girders Under Dominating Shear Loads
Two approaches to the design of plate-girder webs under dominating shear 
loads are generally considered:
(a) design based on critical buckling as a limiting condition, with a
relatively low safety factor to allow for post-buckling effects 
0?) design based on yielding or ultimate strength as a limiting condition.
The design procedure will generally involve finding a combination of plate 
thickness and stiffener spacing that will be economical in terms of material 
and fabrication.
Critical buckling was accepted as a basis for design of plate-girder webs 
almost exclusively until the early 1960's. Such design recommendations (a 
good review in [169]) usually express separate restrictions in terms of web 
depth to web thickness ratios to control the web buckling under bending or 
shear.
The more detailed consideration of the post-critical behaviour and reserve 
strength of a deep plate girder in shear loading is generally based on the 
Tension Field Modelling approach. This general approach assumes that 
failure occurs in three stages (Fig. 4.27):
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Stage 1: The web plate is subjected to pure shear until the shear stress 
equals the critical buckling shear stress. Until this stage, equal tensile and 
compressive direct stresses inclined at 45°and 135° to the flanges (direction 
of principal stresses) develop in the web.
Stage 2: Following critical buckling, a tension band forms, the shape and 
inclination of which is the area of difference between the various ultimate 
strength models developed to date. If the flanges have a very high flexural 
rigidity, this membrane stress field will develop uniformly across the depth 
and length of the web plate acting at an angle of approximately 45° to the 
flanges. If however, the flanges are weaker, both the inclination and the 
width of the membrane field decrease with decreasing flange rigidity. As a 
result of this truss action the web imposes lateral and axial loading on the 
flanges and stiffeners. The tension field contribution will be reduced 
accordingly by the presence of web perforations.
Stage 3: Final failure will occur via a frame mechanism assuming plastic 
hinge formation on the flanges which is accounted for by some models 
only. If however, the flanges are rigid enough so that plastic hinges cannot 
occur (flanges remain elastic), the web yields completely. Any additional 
load is then carried by a framework comprising of the flanges and stiffeners 
and failure occurs either by weld failure, or rapture of the yielded web, or by 
the creation of an overall frame failure mechanism operating as a 
Vierendeel frame. The effect of additional plastic hinges forming on the 
reinforcements of any web perforations must also be accounted for.
Hence, the ultimate shear capacity of a plate girder may be computed by 
summing up three components, the elastic critical load of the web, the load 
carried by the post-critical tension field and the load carried by the flanges 
and any perforation reinforcement at the instant of plastic hinge formation. 
Figure 4.28 depicts the contribution of these three individual strength terms 
to the total ultimate strength for an example girder web plate. A brief review 
of the available theoretical models to date follows.
4.4.2.1 Review of the Available Theoretical Tension Field Models
The first studies on transversely stiffened web plates under 'pure' shear 
loading conditions were carried out in the aeronautical field [175, 176] and 
have highlighted the beneficial influence of increased flexural rigidity of the 
flanges and the stiffness of the transverse stiffeners on the post-buckled
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behaviour of a shear panel. However, these theoretical solutions were not 
directly applicable to the marine field and certainly not in the civil 
engineering sector. This is due to the very rigid flanges and stockier webs, 
h/t < 80, used in the aeronautical field versus the less rigid flange and more 
slender web 200 < h/t <350 applications employed elsewhere.
In 1958 Rockey [177] demonstrated that by simply increasing the flexural 
rigidity of the flange it was possible to increase the ultimate shear strength 
of the web by approximately 60% and proposed an expression to account for 
this effect.
However, the first ultimate load method based on a tension field approach 
for predicting the failure load of slender plate girders in pure shear was that 
proposed by Basler and Thurlimann [178, 179]. Assuming flexible flanges 
and based on experimental observations, it was postulated that the girder 
fails when the web panel develops an off-diagonal yield band anchored on 
the transverse stiffeners while the stresses in the adjacent triangular web 
panel wedges remain at the critical shear stress level. Neglecting the 
contribution of the flanges, Basler's ultimate strength formulation consists 
of the contribution of the critical stress and the contribution of the tension 
field only:
It was later pointed out by Gaylord [180], Fujii [181] and Selberg [182], that the 
shear strength predicted by the original Basler formulation corresponds to 
that of a complete tension field instead of the limited tension band assumed 
by the model. The aforementioned expression was therefore corrected to:
The corrected Basler approach is still used by some specifications mainly in 
the USA (e.g. AISC, API Bul2V, [183]) because of its implicit conservatism.
Following Basler, many different theories for the ultimate shear capacity of 
plate girders were produced. Most notable were those by Fujii, Komatsu,
o[ h t f  \where of = o v 1 -  —
xv y )
af h t
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Ostapenko and Chern, Steinhardt and Valtinat, Herzog, Bergfelt, Hoglund, 
Rockey and Skaloud, Porter et al and Dubas. They differed, in the boundary 
conditions assumed for the web, the inclination and the width of the 
tension band, and the tensile stress distribution within the tension band. 
These models are reviewed in some detail in [150, 184]. Their main 
characteristics are presented in Figure 4.29 and Table 4.8 while their 
verification with experimental results is presented in Table 4.9. The most 
important improvement to Basler's model was suggested by Rockey, Porter 
et al at Cardiff [185] and is described in paragraph 4.4.2.2.
Specifically, it was Rockey and Skaloud [186] that considered the effect of the 
flexural rigidity of the flanges on the ultimate load-carrying capacity of plate 
girders for the first time explicitly. It was shown that the girder shear 
collapse mode involved the development of plastic hinges in the tension 
and compression flanges with simultaneous yielding of the tension band in 
the web. The position of the plastic hinges on the flanges and hence the 
width of the tension band varied with the flange rigidity but the main 
weakness of the model was the assumption that the plastic tension band 
was inclined along the web plate diagonal. In addition, it was proposed that 
the collapse of plate girders could be represented by the summation of the 
critical shear force and the vertical component of the tension field force, 
thus neglecting any additional load carried by the plastic hinges of the 
flanges. Full details of the theoretical approach are presented in [187].
In 1969 Fujii [181] in Japan, presented a solution which considered the web 
to fail by the development of plastic hinges at the central mid panel 
positions under the action of a uniformly distributed tensile field. Tresca's 
yield condition was used to determine the magnitude of the tension field. 
Although the solution recognised the part played by the flanges in the 
collapse of the girder, it did not take specific account of the influence of the 
flange rigidity on the position of the plastic hinge and hence on the width of 
the tension band.
The model assumed by Ostapenko and Chern [188] in 1969 was similar to 
that employed by Basler, except that it allowed for a variation of the 
membrane stresses across the web diagonal (Fig. 4.29). The web plate was 
assumed to be clamped at the longitudinal edges and simply supported at 
the transverse stiffeners while the contribution of the tension band to the 
ultimate strength was independent of the flange rigidity (no formation of
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internal plastic hinges in the flanges only at the web plate corners). The only 
contribution of the flanges to the strength of the girder was via a Vierendeel 
frame action a concept first introduced at the time. The variation of the 
ultimate strength with the angle of inclination of the tension field was 
allowed for and the maximum strength value obtained by trial and error. 
This model was later (1971) extended [189] to cover the combined shear and 
bending load case based on a numerical parametric study.
In 1971, Komatsu [190] postulated a tension band as shown in Figure 4.29. 
The inner band was assumed to yield under the combined action of the 
buckling stress and the post-buckling tension field, while the smaller 
tension in the outer bands is at the level that can be supported by the girder 
flange as a beam mechanism with the interior hinge at the distance c 
determined by an empirical formula. The inclination of the yield band is 
determined by trial and error so as to maximise the shear capacity. This 
model together with Fujii's and Ostapenko and Chern's model assumes a 
web fixed at the flanges and simply-supported at the transverse stiffeners.
Calladine's [191] and Hoglund's models [192] tackled the cases of stocky webs 
and unstiffened plate girders respectively and are hence of no direct interest. 
Bergfelt's model (1977) [193] allows the evaluation of the ultimate load 
capacity of a girder in shear and bending. It combines Basler's initial model 
and the assumption of the Cardiff (1975) model that the tension band is 
anchored to the flanges within the plastic hinge distances.
Dubas's model (1974) [194], assumes the formation of two 'gussets’ at the 
two corners where the tension field anchors, thus allow ing the 
development of the tension band between them. The size of each gusset is 
taken to be a rectangle with the same aspect ratio as the shear panel, and are 
considered to act as simply supported plates under pure shear. A third 
component in the total ultimate strength accounting for the flange 
contribution and and which depends on the plastic moment capacity of the 
flanges, is also included:
4M p
b(V^ A-X"Ay)
However, the Cardiff model [185] (para. 4.4.2.2) is to be preferred for use in
Vuit = h t xa + h t xy (l -  x„/xy) Jx a/x y
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the ultimate strength design of deep plate girders and eventually to the 
design of the cross-structure of fast marine vessels because:
1. it covers many of the other models as special cases (Basler [178], 
Ostapenko [188, 195], Calladine [191], Komatsu [190]) and is the most 
complete theory to plate girder shear ultimate strength to date
2 . its effectiveness has been proven via its implementation in BS 5950 
(steel buildings) [196], BS 5400 (steel bridges) [96], Eurocode 3 [170], BS 
8118 [19] and and the German DASt 015 structural design code
3. according to [197] it provides a mean value of 0.98 and standard 
deviation of 0.06 for transversely stiffened girders while for 
longitudinally stiffened girders the mean is 1 . 0 0  and the standard 
deviation 0.07 (Table 4.9)
4. it provides the only analytical basis for the approach to the ultimate 
strength of perforated girders subjected to shear
5. it is the only model whose application has been tested against numerical 
and experimental data for aluminium girders and recommendations 
based on it have been put forward and used in BS 8118.
For these reasons it is recommended herein, and has been adopted in the 
analysis example presented in Chapter 5. A description of its main 
assumptions and modelling considerations follows next.
4.4.2.2 The Cardiff Tension Field Model
Porter, Rockey and Evans' 1975 model [198], referenced herein as the 'Cardiff 
model', assumes a rectangular tension zone to form in the post-buckling 
range which is inclined at an angle 0  to the horizontal and not along the 
panel diagonal. The formation of hinges occurs simultaneously with the 
plastic yielding of the tension band area and the structure then fails as a 
mechanism (Fig. 4.30). In reality, the yielding in the web extends beyond the 
assumed tension band boundaries, but it is a modelling requirement that 
this web band must at least yield. The web panels are assumed simply 
supported along their boundaries while cases of unsymmetrical girders may 
be accommodated relatively easy. The ultimate strength in shear of a girder 
is assumed to consist of three terms (Figs. 4.27, 4.28) describing the collapse 
phases during its loading [185, 198]:
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1 . the resistance to elastic critical buckling of the web, V,
2. the resistance to the load carried by the post-critical tension field, V2
formation, V3.
Figure 4.28 presents graphically the variation and contribution of each of 
these individual strength components to the final ultimate strength value 
relative to the web slenderness. Furthermore, Figure 4.31 demonstrates 
graphically the effect on the individual strength components of the aspect 
ratio and slenderness of the web plate. The relations between the ultimate 
shear stress, the optimum value of angle of inclination of the tension band, 
and the positions of the plastic hinges on the flanges, with flange rigidity 
Mp (=M pf/h 2 t a y), for a square panel of h / t  equal to 200 are also shown in 
Figure 4.32.
In estimating the critical buckling stress, Vv the critical buckling coefficient, 
k0, for a rectangular simply supported plate is classically given by:
where a  is the web plate aspect ratio. To restrict the elastic critical shear 
buckling stress to a value smaller than the shear yield stress xy the 
following limit in the web slenderness is recommended (neglecting the 
postbuckling reserve of the web):
The variation in the predicted postbuckling strength will not be significant 
by applying either of these expressions [145]. The latter has been used and is
3. the resistance to the load carried by the flanges during plastic hinge
o
5.34 + 4/a2 for a > l
4 + 5.34/a2 for a < 1
:
h / t < 1 . 5 7 ^ y E / a y
Possible formulae for inelastic shear buckling are:
from [150]:
from [170,199]:
from [185]:
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only applicable in the range of l/V3 < ^xy/xcr <1.118. The method does not 
account for the effect of direct and bending stresses on the critical buckling 
strength of the web panel assuming that these loads are carried only by the 
flanges.
The contributions of the tension band, V2, and the flanges (via plastic hinge 
formation), V3, in the post-critical region, are obtained from vertical 
equilibrium in the web element (Fig. 4.30), and energy considerations in the 
flange. The ultimate load capacity of the plate girder is then given by [198]:
= VCT + 0.5 cf t sin(20) (h -  b tanO) + of t (cc + ct) sinO
v ult = v 1 + v 2 + v 3
The stress to cause yielding of the web material in the tension band, c f, is 
obtained by resolving the total state of stress in the web plate in the post- 
critical stage (i.e. the critical shear stress and the tension band stress a t) in 
the direction of the tension band, 0  (using the stress transformation 
expressions) and setting the equivalent Von Mises stress equal to the web 
material yield stress, c f is eventually given by:
From energy considerations of the flange behaviour under the action of the 
vertical tension field component, the positions cc,ct of the plastic hinges 
on the compressive and tensile flanges respectively are obtained as:
C = _ L .  I M eI  and c = J L  IMeL
sin0  y cf t sin0  \ c f t
where and Mpt are the plastic moment capacities of the compression 
and tension flanges respectively (Mpf =0.25bf tf2 c yf). The only unknown 
param eter in the final ultimate strength expression is the angle of 
inclination of the tension band 0  at which collapse as a mechanism will 
occur. The solution being an equilibrium one, suggests an iterative 
procedure in evaluating 0 although the approximate value of 0 = O.67 0d 
provides either the optimum or yields conservative strength results [185,
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200, 201]. The variation of ultimate strength with 0 is demonstrated in (Fig.
The ultimate shear force equation is subject to the empirical rigid flange 
control:
where for the case of unequal flanges, Mpf is considered to be the largest of 
the two values for the flanges. In the case that the flange plastic moment 
capacity is greater than that assumed by the expression above, the flanges are 
very rigid and hence plastic hinge formation will occur at the corners of the 
web panel. The ultimate shear strength of the girder is then given by:
with the inclination of the tension band 0equal to 45°.
4.4.2.3 The Effect of Longitudinal Web Stiffeners
For a web subjected to shear the optimum location of a longitudinal 
stiffener is at mid-depth, so that the two panels buckle simultaneously. For 
the case of a differently positioned longitudinal stiffener, the larger web sub­
panel will buckle at a lower critical stress. Once the panel buckles, the 
adjacent panels will have to support a greater share of any additional shear 
load. The in-plane membrane tension thus applied to the adjacent panels, 
tends to increase their buckling resistance. As a result, various approaches 
have been put forward throughout the years [172, 174, 185, 188, 198, 199] to 
account for the beneficial effect of longitudinal stiffeners (Fig. 4.34).
Cooper [172, 174] in 1967 assumed that each of the sub-panels develops its 
own tension band after buckling independently of the others, in the 
direction of the sub-panel diagonal. The shear strength of the complete 
panel was assumed to be the sum of the individual sub-panel shear 
strengths (Model 1).
4.33).
bh ta ,
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Chern and Ostapenko (1969) [188] is based on the original assumption for the 
tension band distribution for unstiffened longitudinally girders with each 
sub-panel treated independently (like Cooper) but accounts for the plastic 
bending moments of the flanges and stiffeners and the axial force reduction 
for the flange plastic moment capacity (Model 3).
Rockey's model (1971) [202] considered the total shear strength of the panel 
to be equal to the sum of the ultimate strengths of the individual sub-panels 
assuming that each subpanel acts as a very rigid flange to the adjacent one 
(plastic hinge formation at mid panel). Simple summation of the ultimate 
strength of each sub-panel provides the overall strength (Model 4).
In contradiction to the above 'summation' methods, the Cardiff proposal 
[198], considers the buckling resistance of the weakest subpanel (identified by 
the longitudinal stiffeners) as the critical stress of the whole web panel. 
There is no direct effect of the presence of longitudinal stiffeners in the 
values of V2 and V3, the primary and only role of the longitudinal 
stiffener(s) being to increase the critical buckling resistance of the web.
In 1980 Ostapenko [203] presented a comparison (based on 40 test data) 
between these four approaches to the problem of ultimate strength of 
longitudinally stiffened plate girders. It was concluded that Model 1 is the 
least accurate while the Cardiff approach (Model 2), although not the most 
accurate, was recommended for the case of one longitudinal stiffener 
because of its simplicity. Reference [150] suggests caution in the use of these 
conclusions as being 'non-proven' but considers the Cardiff model as 
adequate for design.
4.4.2.4 The Effect of Bending and Direct in-Plane Loads
The presence of any direct and bending stresses in girder section, in 
coexistence with dominating shear loads, will normally affect, the critical 
buckling stress of the web plate, the membrane stress field and the 
plastic moment capacity Mpf of the flanges.
The first two reductions are neglected, as the model assumes that the direct
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and bending loads are absorbed by the flanges while the web remains fully 
effective to absorb the shear loads. However, the plastic moment capacity 
Mpf of the flanges is affected by any set of axial stresses a f on their cross- 
section as follows:
( \ 2"
1 -
>
These axial stresses can be direct stresses, bending stresses and even the 
horizontal component of the membrane tension flange. The Cardiff model 
does not account for the detrimental effect of the horizontal tension field 
component on the flange rigidity. The question on whether this should be 
considered as a flange axial load still remains. The use of the Cardiff model 
allowing for this horizontal component is promoted in Germany [197, 204] 
while elsewhere, its effect on the bending capacity of the flanges is 
disregarded. Experimental data presented in [198] support the following 
modelling uncertainties for the case where the tension field component is 
included in the calculation:
Transv. stiff only 1 Longl.+transv. stiff
Number of tests 1 1 16
Mean value of ratio (obs/pred) 0.996 1.006
Standard deviation 0.063 0.054
Minimum value of ratio 0.820 0.740
Maximum value of ratio 1.710 1.710
The way these stresses may be incorporated is presented in [185]. No 
experimental or numerical data exist on the post-buckling behaviour of 
plate girders in coexistent shear, bending, and uniform compression loads.
To account for the detrimental effect of the coexistence of shear and bending 
loads in the plate girder cross-section, the Cardiff model proposes [185] a 
simplified interaction curve (Fig. 4.35). The approach is originally not 
allowing for direct stresses but these can easily be accommodated by 
superimposing them on the bending stresses. Other models are presented in 
[178,195,199]. Two failure modes are possible:
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(a) Failure with a shear type mechanism (Region S-C on the curve) on 
which the shear load dominates and is only reduced by the presence of 
bending (and direct if any) stresses and
(b) Failure with a bending mechanism (C-B on the curve) at which the 
dominating bending stresses are affected by the presence of shear 
loading (and any direct stresses if any). Change over in the failure 
mode occurs at point C at which the applied bending moment is 
assumed to be carried solely by the flanges.
Part S-C of the curve is governed by the analysis already presented. 
Parametric studies in [185] have shown that applied bending moments of 
magnitude less or equal to M9 would not affect the 'pure' shear strength. M9 
(= V9 b<0.5 Mf) is the maximum bending moment at the edge of the 
subpanel assuming it is simply supported. Vs is the ultimate strength of the 
girder in 'pure' shear reduced for any direct stresses present. Furthermore, 
the change from a web to a flange failure mode was found to occur [185] at 
applied bending moments approximately equal to the plastic moment of 
resistance of a section consisting of the flanges only, MF. The shear load 
capacity in this case is provided by the following empirical formula:
VC_T
V,
sin -(  40,
V 3
\ L  f b '
2 -  ry K \
36.8 N O  0.554 +  21
Note that xa and of relate to the 'pure' shear case, while 0d is the angle of 
inclination of the diagonal of the web panel to the horizontal. For the case 
of unsymmetrical girders the Mpf value of the weakest flange is employed
in the approach. Between point S and C the curve may be represented by a 
parabola. A linear representation simplifies the procedure with little loss of 
accuracy and is thus preferred.
Part C-D corresponds to the bending dominated failure mode. In this case, 
due to the high web slenderness the girder is unable to develop its full 
plastic moment capacity Mfl pla9tic but it instead buckles with consequent load 
shedding to the flanges. Inward collapse of the compression flange is 
expected to occur at an applied bending moment Mu which is approximately 
equal to the moment required to produce first yield in the extreme fibres of 
the compression flange. Cooper's expression [172, 174] provides a simple, 
and sufficiently accurate estimate of this moment (para. 4.4.1):
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where Aw, Af/ are the sectional areas of the web and flange respectively. My 
represents the bending moment required to produce yield in the extreme 
fibre of the compression flange assuming a fully effective web. This formula
longitudinal stiffener, but may be used for multiple stiffeners. Therefore, its 
application to unsymmetrical as well as non-uniform girders demands a 
choice of Af and that will yield the lowest Mu value. As Mu will never 
exceed My, then the corresponding stresses in the web plate will be below 
yield and therefore the web can support a certain amount of coexistent shear 
loading (defined as VB in the interaction diagram) given by the empirical 
formula:
where Mpvv ( = 0.25th2oy) is the plastic resistance of the web plate. A linear 
interaction may be assumed between point B and C without any great loss of 
accuracy [200]. Other models are presented in [145,150].
4.4.3 Design Code Proposals on the Design of Steel Deep Plate Girders
4.4.3.1 The Eurocode 3 Recommendations
Two design approaches are used by EC3 [170] for the estimation of the 
ultimate strength of transversely stiffened girder webs in predominant 
shear depending on the aspect ratio of the panel to be analysed:
(a) the Simple post-critical method, is employed for the webs of I section 
girders provided that the web has transverse stiffeners at the supports 
and is applicable for a  <1.0 and a  >3.0, i.e. for girders which are 
unstiffened or the web panel aspect ratios are sufficiently high for the 
girder to be considered as unstiffened. The method is based on Dubas's 
model [194] and assumes pinned boundary conditions throughout.
has been derived for symmetrical and uniform material girders having one
352
(b) the Tension field approach employed for webs with transversely 
stiffened web plates provided adequate anchorage for the tension fields is 
available. It is valid only for 1.0 < a  < 3.0, h < 1500mm, h / 1 < 400 and 
is based on the Cardiff model (para. 4.4.2.2) and accounts for the con­
tribution of the flanges together with the contribution of the tension 
field formed in the post-buckled range. Pinned boundary conditions are 
once again assumed.
EC3 also assumes that the bending moment is taken by the flanges with the 
shear force transmitted to the web, but the case of longitudinally stiffened 
web panel is not tackled.
To account for the interaction between shear force, bending moment and 
axial forces, the simple post-critical method assumes an interaction 
diagram as shown in Figure 4.36a. Mf is the plastic moment resistance of 
the girder cross-section consisting of the flanges only, taking into account of 
the effective width of the compression flange while is the 'pure' shear 
strength of the web panel as defined by Dubas. If the applied moment is less 
than Mf, the method neglects the effect of the bending moment on the 
shear strength. Similarly, if the applied design shear is less than 0.5 V^, no 
allowance for bending and axial forces is required. A parabolic interaction is 
proposed otherwise. The effect of any direct axial forces is introduced 
through a reduction in the value of Mf and a reduction of the plastic 
moment resistance Mpl of the cross-section.
The tension field model assumes the interaction diagram shown in Figure 
4.36b. is the ultimate web strength under shear loading, Vbw is the 
contribution of the web only to the shear strength neglecting any 
contributions to the strength from the flanges. Similar arguments as for the 
simple post-critical method apply with respect to the necessity to account for 
the effects of any bending or direct stresses in the girder cross section.
4.4.3.2 The BS 5400 Recommendations
BS 5400 proposes two different approaches for the cases of transversely and 
longitudinally stiffened web plates. The estimation of the shear resistance of 
a girder web with transverse stiffeners is based on the Cardiff (1978) [185] 
model. A linear reduction with the height of the largest cutout present in 
the web is recommended.
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For the case of combined bending and shear loads (Fig. 4.37), BS 5400 
neglects the effect of the shear force on the bending capacity of the girder if 
the former is less than 0.5 VR, where VR is the ultimate shear capacity of the 
girder in 'pure' shear neglecting the contribution of the flanges. 
Furthermore, MD is the plastic bending moment resistance of an 'effective' 
part of the complete girder cross-section which accounts for any premature 
buckling in the flange or web. Similarly, if the applied bending moment is 
less than 0.5 MR, then the ultimate shear strength of the girder remains 
unaffected by the presence of bending stresses and is given by the value of 
VD, the ultimate shear capacity of the girder in 'pure' shear inclusive of the 
contribution of the flanges. MR is the bending moment to cause yielding in 
a girder cross-section consisting only of the two flanges. A linear interaction 
is assumed otherwise (Fig. 4.37).
The Cardiff tension field approach, has been adopted by the British design 
codes for steel bridges (BS 5400-1982) and steel buildings (BS 5950-1985) only 
for transversely stiffened girders. For the case of longitudinally stiffened 
webs, BS 5400 has been based instead on numerically derived design curves 
(by Harding and Hobbs [118, 120]) while BS 5950 refers the designer to BS 
5400. This is due to the lack of information on longitudinal stiffener 
behaviour at the time when the codes were developed. More recent 
experimental results [2 0 1 ] confirm the accuracy of the use of the tension 
field theory for longitudinally stiffened girders, even for the combined 
loading cases. For longitudinally stiffened webs, the ultimate shear strength 
is obtained from the sum of the strengths of the individual web sub-panels.
4.4.3.3 The BS 5950 Recommendations
BS 5950, being limited to transversely stiffened girders only, allows one of 
the following three methods to be used for the determination of ultimate 
strength capacity under any combination of shear, bending and direct loads:
(a) the moment may be assumed to be resisted by the flanges alone and 
the web designed for shear only,
(b) the moment may be assumed to be resisted by the whole section, the 
web being designed for combined shear and longitudinal stresses,
(c) a proportion of the loading may be assumed resisted by the first 
method and the remainder by the second.
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Although the first method is slightly conservative it leads to considerable 
simplification and is the one most commonly used (the other two methods 
are included in Appendix H of the code). Panels with an opening having a 
dimension greater than 1 0 % of the minimum panel dimension are 
designed based on critical buckling strength criteria. Unequal flanges are 
catered for by considering the dimension of the smallest flange in the 
tension field calculations. No specific attention to girders with longitudinal 
stiffeners is paid. For such girders the designer is referred to BS 5400 where 
numerically derived design curves are provided for this purpose.
4.4.3.4 Evaluation of the Design Code Proposals
A study presented in [201, 205] provides a detailed comparison of the BS 
5400, BS 5950 and EC3 design codes. A large number (197) of experimental 
results was considered, out of which 133 tests on transversely stiffened 
girders and 64 on longitudinally stiffened ones. Of the 133 reported tests on 
transversely stiffened girders, 31 have been discounted on account of 
premature failures (e.g. stiffener failures, end post failures) with the 
comparison of the remaining 1 0 2  girders summarised in the following 
Table. Comparison of the codes for the case of unstiffened girders (i.e. 
a  > 3.0) has also been carried out in [205].
Transversely stiffened Long, stiffened 
BS 5400 BS 5950 EC3 BS 5400
No. of tests 1 0 2 1 0 2 1 0 2 51
Mean value (obs/prd) 1.140 1.130 1 .1 0 0 1.60
St. deviation. 0.180 0.164 0.159 0.57
Min. value of ratio 0.667 0.820 0.740 1.07
Max. value of ratio 1.660 1.710 1.710 3.02
In general, the results, for transversely stiffened girders, predicted by all 
three codes are observed to be in reasonably good, if not conservative, 
agreement with the experimental data, with the BS 5400 providing the more 
pessimistic predictions. The EC3 proposals are more accurate and were 
found by the study to almost invariably lie within (± 1 0 %) of the measured 
values.
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Of the 64 reported tests [206] on longitudinally stiffened girders, 13 have 
been discounted because of premature stiffener failures. The results 
obtained from BS 5400 for this case are very conservative as the mean value 
of 1.6 is high. Note that BS 5400 does not allow the application of tension 
field theory to longitudinally stiffened girders. BS 5950 refers the designer to 
BS 5400, and EC3 does not have an approach for longitudinally stiffened 
girders yet. A more detailed investigation of the BS 5400 proposals has been 
carried out by Sen in [206].
4.4.3.5 Code Proposals as Used in the Marine Industry
Of the available marine codes, only the API Bui 2V [95] proposes an ultimate 
strength approach, based on tension field modelling. The proposals follow 
closely, BaslePs modified ultimate strength formulation (para. 4.4.2.1) due to 
its inherent conservatism. A circular interaction between uniaxial 
compression and shear is assumed.
On the other hand, the DNV recommendations [62, 6 6 , 70, 207, 208] restrict 
the design of girders to either elastic or inelastic critical buckling and are 
considered no further. Critical buckling criteria are also proposed by the ABS 
preliminary guidelines for building and classing SWATH ships [209]. 
Pinned boundary conditions are assumed and the effect of any rectangular 
web perforation is accounted for by multiplication of the critical shear 
strength with a reduction factor, r, given by:
r  =  l - ( h nito u i / h )
where hcutout is the depth of a rectangular perforation with any circular 
perforations converted to their rectangular equivalents. The coexistence of 
shear and compression loads is accounted for by circular interaction.
4.4.4 The Design of Aluminium Deep Plate Girders
As the significantly reduced material stiffness of aluminium results in 
premature (relative to steel) buckling, it is important to allow for the post­
buckling web capacity in aluminium girders. Aluminium girders present 
the additional problem that they seem to fail by 'brittle' fracture instead of a
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more ductile form of failure. Tests in aluminium alloy plate girders [210- 
215] have demonstrated that although their mode of failure is similar to 
that for steel plate girders loaded primarily in shear (shear mechanism), 
fractures usually occur in the Heat Affected Zones adjacent to the perimeter 
welds at the stage when the shear sway mechanism is developing. The 
question therefore arises on whether or not the contribution to strength of 
the formation of plastic hinges on the flanges should more appropriately be 
neglected altogether, but no signs of such an action in the available design 
models and codes have been observed. Most of the research effort into the 
behaviour of aluminium deep plate girders, has once again concentrated, 
perhaps not surprisingly, at Cardiff and has moved along similar lines as for 
their earlier steel model [127, 210, 212, 215, 216].
4.4.4.1 The Cardiff Recommendations
The application of the Cardiff Tension Field Model for steel plate girders to 
aluminium girders has been investigated in references [210, 212, 213, 216] 
where the results of tests on aluminium plate girders in the range of 100-300 
web slenderness ratios, loaded in pure shear are presented. These studies 
have concluded that the theory applicable to steel, does not fully represent 
the failure modes of aluminium girders, but provides very unconservative 
predictions [216] (eg. 17% overestimation of strength of the 6082 alloy). As a 
result, a conservative approach to design has been proposed in [216] 
assuming that the complete web area suffers a reduction in strength due to 
HAZ softening. Hence, the reduction in ultimate strength will be to the 
reduction of the contribution of its post-buckling components, V2, V3 (para. 
4.4.2.2):
V * « V I + w(V2 + V,)
The critical buckling strength contribution to ultimate strength remains 
unaffected, w (= k z) is the percentage of material strength reduction as 
recommended in paragraph 4.1.2. As the case of predominant bending loads 
has not been tackled, it can be assumed that Cooper's formula is also valid 
for aluminium girders. The case of longitudinally stiffened aluminium 
plate girders is also not tackled in the literature and hence the approach 
employed for steel girders should be used.
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4.4A.2 Code Proposals on Aluminium Deep Plate Girders
The three different types of plate girders identified by the BS 8118 proposals 
are (a) unstiffened girders (a  >2.5) which are treated by limiting their 
capacity to the critical buckling load, (b) transversely stiffened girders 
(0.5 < a  <2.5) whose treatment is based on the tension field approach 
accounting for HAZ effects, and (c) longitudinally stiffened girders which 
are also designed by the tension field approach.
These design recommendations apply for web slenderness ratios (h/t) up to 
300 as for higher slendernesses no supporting experimental data exist. The 
procedures adopted by BS 8118 have been based on those originally 
developed for steel girders [200] (paras. 4.4.2.2, 4.4.3) taking due account of 
the effect in material strength of the HAZ adjacent to the welds (as adapted 
by Burt et al [213,216] and described earlier).
An upper limit to the plastic moment capacity of the flanges is imposed on 
the flanges
Mpf < (a  sine) 2 (of /o 0 2)
to identify the limiting case for which the flange rigidities are so high that 
the plastic hinges form at the extreme ends of the panel and failure occurs 
in a "picture frame" collapse mechanism. Longitudinally stiffened webs are 
treated in the same way as webs with transverse stiffeners, on the 
assumption that the main effect of longitudinal stiffeners is to increase the 
initial buckling resistance of the web. After buckling, the tension field is 
assumed to develop over the complete web depth and hence the critical 
buckling strength of the weakest subpanel is used in the ultimate strength 
expressions throughout.
In BS 8118 the capacity of a girder to sustain the combined effects of shear 
and bending is expressed by the simplified interaction diagram shown in 
Figure 4.38. represents the pure shear capacity of the girder (para. 
4.4.4.1), VRW is the web shear capacity of the web only (VRW =V 1 + V2) and 
Mrp represents the moment capacity of a section consisting only of the 
flanges and assuming first yield in the outmost flange fibres. in turn, 
represents the pure moment capacity of the girder to the level of causing 
first yield in the out-most flange of the section. The section is assumed as 
semi-compact by assuming it to consist of a web plate of reduced thickness to
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account for premature buckling effects and HAZ reduction effects. A linear 
interaction is assumed for the cases where shear and bending moment 
interaction occurs.
The effects of perforations in the web plate are not adequately treated by both 
the steel (BS 5950, BS 5400) and aluminium (BS 8118) design codes. In both 
cases the capacity is limited to the critical buckling strength reduced linearly 
with the diameter or the width/height of the perforation.
Experimental data by Evans and Hamoodi [210] and Seah [211] on 6082 alloy 
girders have been used by Evans [127] to check the modelling uncertainty of 
the BS 8118 proposals. A small number (13) of experimental results was 
considered for transversely stiffened girders while only 7 test data were used 
for the case of longitudinally stiffened web plates. For all 20 data points the 
value of the bias was found to be greater than 1 . 0  and at some cases the 
experimental strength values were found to be between 1.5 and 2.0 times 
greater than the strength predictions of the code, indicating a considerable 
level of conservatism inherited in the latter. However, considering the 
'brittle' nature of failure of girders made of heat-treated material, such a 
conservatism may be justifiable. The modelling uncertainties of the code 
were derived to be [2 1 0 ]:
Transv. stiffened Longit. stiffened
No. of tests 13 7
Mean value (obs/prd) 1.742 1.514
COV 0.116 0.064
Min. value of ratio 1.460 1.370
Max. value of ratio 2.030 1.620
The Alcan design manual [217] adopts the same approach as the Canadian 
Aluminium Structural code [218] in the estimation of the ultimate strength 
in shear of deep plate girders by using a tension field approach. They also 
account for the additional shear capacity associated with the formation of 
plastic hinges on the flanges prior to collapse. The ultimate shear force is 
given by [217]:
V = [2 -Jx„xy - x CT] h t  + -^3Mp tx y
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The critical buckling stress xCT is calculated via an Equivalent slenderness' 
approach by [217]:
0 . 6  jc2 E) h
where 1 .1  b 
J l  + 0.75 (b/h) 2 1
x.cr
is the equivalent slenderness X for pinned edges. Any coexistent bending 
stresses in the plate is tackled via a circular interaction equation. 
Longitudinal stiffeners are assumed to only affect the critical buckling shear 
stress and are therefore tackled by choosing the 'equivalent slenderness' 
ratio as identified by Table 4.10.
The Aluminium Association recommendations (USA) [219] take account 
of the post-buckling reserve strength of the stiffened deep-plate aluminium 
girders. The maximum shear capacity is given by [219]:
The coefficient Q  (Fig. 4.39) accounts for the effect of flange rigidity on the 
extent of the tension field zone, but the beneficial effect of plastic hinge 
formation on the flanges is neglected. Instead, Figure 4.40 demonstrates that 
this formulation gives conservative values compared to aluminium test 
data by Evans and Burt [216]. The critical shear buckling strength, xCT, is 
calculated by entering the 'unified' column curves using the following 
equivalent slenderness ratio:
On the other hand, the European Convention for Constructional 
Steelwork restricts the design methodology to critical buckling stress levels,
and aluminium girders. The method proposes the calculation of the ideal
t V 1 + 0.7 (b/h) 2
The boundary conditions assumed are half way between simple and fixed 
supports.
thus neglecting any post-buckling strength components for both the steel
critical stress or an 'equivalent critical stress' in the case of a multi state of 
stress stress field and is of no further interest to this work.
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4.5 Ultimate Strength of Plate Girders with Web Perforations Under 
'Pure' Shear In-Plane Loading Conditions
Thin webs containing cutouts are often to be found in double bottoms of 
ships, the cross-structures in multi-hulled vessels and in the webs of 
perforated deep plate girders. Their main purpose is to provide services and 
access, allow inspection and reduce structural weight. These openings can be 
circular, rectangular or extended circular and can be situated in the web plate 
centrally, eccentrically or at a corner. In addition, they can either be 
reinforced or unreinforced.
Since it is advantageous to make the webs of plate girders as deep and as 
thin as possible (to reduce the axial bending stresses in the flanges and the 
amount of material in the web) very slender webs result, which buckle at 
relatively low shear loads. Although cutting a hole in the web plate reduces 
its shear buckling resistance and ultimate strength considerably, the 
reduction in bending strength is small because the flanges carry most of the 
bending moment if the size of the opening is limited to avoid torsional and 
lateral buckling of the compression flange above the hole. Therefore, when 
non-central openings are used, it is preferable to place them adjacent to the 
tensile flange or at least clear of the compression flange. Suitable 
reinforcements could be designed (para. 4.5.5) to restore the strength of the 
girder to that of an unperforated web.
As already mentioned, the ultimate shear capacity of plate girders with 
unreinforced web cutouts consists of the sum of the elastic critical load the 
membrane tension load and the load carried by the flanges. Once the critical 
shear stress is reached, the web cannot sustain any further increase in the 
primary compressive stresses and therefore buckles, with any additional 
load supported by a tensile membrane stress developed in the web. The 
extent and inclination of the membrane stresses is influenced by the rigidity 
of (a) the flanges and (b) the reinforcement (if any) of the cutouts. The final 
stage in the loading sequence is reached when the tensile membrane stress 
has reached yield levels and hinges are formed on the flanges and the 
reinforcement, if any (Fig. 4.41). The contribution to the web plate strength 
made by the reinforcement consists of two terms, the:
1. formation of 4 extra plastic hinges on the reinforcement itself
2 . extension of the tensile band relative to the unreinforced case.
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A rectangular reinforcement is only efficient if adequate end fixity is 
provided to it which is guaranteed via a minimum requirement on its 
length. If the anchorage length is inadequate then plastic hinges cannot 
form on the reinforcement (Fig. 4.42) and localised web yielding will occur 
over an area of the web associated with the reinforcement length 1. The 
reinforcement will then rotate about its end and failure will occur as shown 
in Figure 4.42b.
The positioning of an opening at the centre of the web results in the biggest 
reduction of the width of the post-buckling tension band thus reducing the 
ultimate shear capacity of the girder. Therefore, where possible, the cutout 
should be placed eccentrically to the centre. The extreme case of positioning 
the perforation in a web corner (and away from the anchoring corners of the 
tension band) offers the advantages of an increased critical buckling shear 
stress and an increased tension band width and thus an increased ultimate 
shear strength relative to the values obtained for the centrally located cutout 
cases. In the cases where alternating loads exist, the openings can only be 
placed centrally on the web.
Work on the ultimate strength of uniformly compressed square and 
rectangular plates with central circular holes has been presented by Ritchie 
and Rhodes [220] while Narayanan and Chan [221] published the only 
reference to date for the case of varying in-plane edge loading of plates 
containing circular holes. Methods of obtaining design charts for practical 
plates with varying sizes of diameters and locations of openings were 
proposed. However, no work or formulations had been published as yet, 
(except perhaps the numerical based proposals in [2 2 2 ] which have major 
limitations) on the ultimate strength of perforated girder webs under 
combined bending and shear loading. On the contrary, as concluded 
elsewhere [184], there is a considerable treatment of the subject of ultimate 
strength formulations for deep plate (200<h/t<350 app.) steel girders 
containing perforations (eg. [223-227]), under solely shear loading with very 
low axial bending stresses and only for vertically stiffened plate girders 
containing one cutout-per panel. No horizontally stiffened a n d /o r  
aluminium girders have been treated.
The first published work of relevance to slender webs was by Hoglund in 
1971 [224] who reported on statically loaded plate girders with circular and
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rectangular holes. Twelve tests were carried out on girders with web plates 
of slenderness in the region 200-300 thus ensuring web buckling prior to 
failure. However, it was not until 1977 that the theoretical and experimental 
investigations aimed at tackling the problem of shear ultimate strength of 
slender web girders with web cutouts were initiated at University College 
for the U.K. Department of Transport. The first design approach was put 
forward by Rockey and Narayanan in 1981 [228]. These recommendations 
and their products, were based, and follow suit, the tension field theory 
predicting the collapse behaviour of conventional, unperforated deep plate 
girders by Porter et al [185,198]. These will be described next.
4.5.1 Critical Buckling Shear Strength of Perforated Web Plates
The presence of a perforation in the web will evidently reduce the critical 
buckling strength of the plate in shear. The positioning of the perforation is 
also important, with the worst possible scenario being that of a centrally 
located opening. It was Rockey et al [229] who first showed that the critical 
buckling shear stress of a panel decays linearly with the diameter of a 
centrally situated circular cutout, an observation which was later confirmed 
by Redwood and Uenoya [230] and Shanmugam and Narayanan [231] for the 
cases of rectangular cutouts (of dimensions b0 ,h 0). A series of FE 
investigations by Narayanan and Der Avenessian into the critical shear 
buckling strengths of web plates with reinforced rectangular or circular 
perforations [223, 232-234], followed these initial observations. These 
demonstrated the effects of hole size, width and thickness of reinforcement 
and anchorage length of rectangular openings. Figure 4.43 shows the effects 
of the size of reinforcement on the value of the critical buckling coefficient.
The restoration of the critical buckling coefficient back to its unperforated 
value is possible if the following criterion for the minimum reinforcement 
dimensions applies [234]:
Any further increase in the cross sectional area of the reinforcement is not 
expected to improve the critical buckling strength. The additional
value of the reinforcement length, especially for lengths larger than 1.5 bQ,
dependency (improvement) of the the critical buckling strength on the
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is accommodated by the following empirical formulation [223, 233]:
K  =
K 1-1.25^ AcA J
k„ 1 - 1 25\ 0.88L, 2
.A b02 + h02
when b >h
when b <h
These formulae are only applicable for b0 / b <  0.5 and hQ /h ^ 0 .5 .  kQ is 
critical buckling coefficient for an unperforated web plate in shear with 
clamped boundary conditions (as supported by numerical investigations). 
For Lr = 0, the expression reduces to that applicable for the case of webs with 
unreinforced rectangular, centrally located openings [223, 233].
The case of the critical buckling coefficient for a web plate with central, 
circular reinforced cutout of diameter d in the web, was also tackled by 
Narayanan and Der Avanessian [223] who from FE parametric studies 
proposed the following empirical formulation for the purpose:
k ,= k ( 1 - 1.5d d
Vh2 + b J
with an upper limit of k ,<k„ 1.5d 1+ fw .V 4 IZOdP 
h 2 + b2
These formulae are only applicable for d /h < 0 .5 . The assumed thickness of 
reinforcement, tr in the expression above should consist of the web plate 
thickness and that of the single/double sided reinforcement. The 
unreinforced case is simply accounted for by setting wr = tr = 0 .
Based on observations of rectangular/circular, reinforced and unreinforced 
openings showing that the elastic critical stress in shear improves as the 
cutout is moved away from the centre and along the compression diagonal, 
Narayanan and Der Avanessian [233] recommend the conservative 
approach of using the equivalent elastic buckling coefficients applicable to 
the centrally located cutout cases for eccentrically located unreinforced 
perforations. No experimental, numerical investigations or analytical 
models have been published on eccentrically located, reinforced openings.
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Clearly treating such perforations as unreinforced, would only lead to 
conservative estimates of the critical buckling strength.
The only published formulation for the critical buckling coefficient of 
corner located openings is that by Narayanan and Der Avanessian [225] 
focusing only on circular openings of varying diameter:
This approximation is sufficiently close to a simplified expression for 
centrally located holes presented in [232], and is therefore conservative for 
eccentrically positioned openings.
Reinforced and unreinforced extended circular openings have not been 
adequately studied and presented in the open literature, and are hence 
treated no further.
4.5.2 Ultimate Shear Strength of Webs with Centrally Located Openings
The first systematic study of the ultimate behaviour of slender plate girders 
containing holes was undertaken by Narayanan and Rockey in two series of 
tests with centrally located circular openings [228]. It was observed that the 
distance between the plastic hinges on the flanges increases at a large rate for 
increasing cutout diameter (Fig. 4.44) but levels off after the d /h  ratios 
become greater than 0.5. For d /h  ratios approaching 1.0 only a small depth of 
web plate will act with the flange and the girder will thus fail via a 
Vierendeel type mechanism action. This observation coupled with the 
apparent linear reduction of ultimate load capacity with increasing cutout 
diameter has thus resulted in the following ultimate capacity assessment by 
linear interpolation between the unperforated ultimate strength, Vu, and 
the Vierendeel load, Vv:
The bias and COV for this model may be obtained from Table 4.11.
It was Narayanan and Der Avanessian who took Rockey's results one step
where V
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further by extending the Cardiff tension field model for the ultimate 
strength of unperforated girders to account for the ultimate strength 
behaviour of unreinforced perforated web plates in shear with rectangular 
[232] and circular openings [235]. As a consequence of their work in the area 
of unreinforced, perforated web plates, Narayanan and Der Avanessian 
looked into the ultimate strength analysis and design of web plates with 
reinforced circular openings [223]. The tensile membrane stress across the 
cutout was substituted by a tension band of equivalent width be, to account 
for the variation in tension field strength across the reinforced opening (Fig.
4.41). The final stage, in the loading sequence is reached when the tensile 
membrane stress has reached yield levels and hinges are formed on both the 
flanges and the reinforcement. From force equilibrium considerations 
across a quarter of the ring reinforcement (Fig. 4.41), the value of the 
effective width is given by:
^ p r  ^ y r
w 2 b 2 1 16MDrand since M_r = a y —— then b = J  —
pr 1 16 c V a y t
Note that be is considered only in the case of a reinforced circular opening. 
From vertical force equilibrium:
Vult=xcr,im)dh t + 2 c to y sin2 0 + oy t h (cot 0 -  cot 0d) sin2 0 -  a ty t d sin0
a y is obtained via the same expression as for the unperforated girder case by 
substitution of the reduced (due to the perforation) value of the critical 
buckling stress, xCT<inod. The following points apply:
1 . the maximum value of is obtained by trial and error for various 
for various values of the angle of inclination of the tension field 0. A 
parametric study [226] of plate girders containing various cutout diameters 
shows that the optimum angle 0  drops linearly with an increase in the 
cutout diameter. An approximation to its value may be obtained by 
(2 /  3) 9d (1 -  d /  h) [235] (Fig. 4.45)
2 . the introduction of the reinforcement may permit the perforated web 
panels to develop 85-90% of their unperforated ultimate strength
3 . for unreinforced circular cutouts be = 0  with the resulting expression
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being valid only [226] for cutouts with diameters d < h cos0 -bsin0  (Fig.
4.41). Larger cutouts, although unlikely to be met in practice, can be tackled 
by adjusting the positions on the flanges at which the plastic hinges form as 
follows [236] (Fig. 4.46):
a = 0.5 b - f  d }
\
h COt0
v cos0 y
and hence c= la2 + —^
V a f t  sin2 0
The ultimate shear strength for this case will then be:
Vull= 2 t a f  (c-a)sin 2 6  + xCT,modht
4. for bc=d the ultimate strength equation reduces to the unperforated 
girder case.
The presence of an unreinforced rectangular opening will also reduce the 
extent of the tension field as shown in Figure 4.47 thus adversely affecting 
the ultimate strength of the plates. The extent of width reduction in the 
tension field is dependent on the dimensions of the opening and is given by 
(Fig. 4.47):
6  =-y/hG2 + bQ2 sin(a+ 0 ) where a  = arctan(h0 /b 0)
Figure 4.48 demonstrates the effect of an unreinforced cutout depth d0 on 
the value of ultimate strength prediction values V ^. Therefore, for cutouts 
with h0 < h -(b + b o)tan 0  the positions of the plastic hinges on the girder 
flanges and the reinforcements (if present) are (Figs. 4.47,4.48, 4.49):
no reinforcement [232] c = (2 /sin 0 ) p/a f  t , cr = 0
2  Madequate reinforcement [223, 234] c. = -------J — — < b_ +1
sin0  Vaf t
1
inadequate reinforcement [223, 234] cr =
sin0  ^
2 Mf l+(Pl/cro)2
a f t
where = p 
M K
<1.0 and p = b0/l [223,234].
pr V ro /
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The reinforcement is however, efficient only if adequate end fixity is 
provided to it. If the anchorage length is inadequate then plastic hinges on 
the reinforcement cannot form (Fig. 4.42) and localised yielding will occur 
over an area of the web associated with the reinforcement length 1. The 
reinforcement will then rotate about its end and failure will occur as shown 
in Figure 4.42b. Any inadequacy in length of the reinforcement should 
properly be accounted for in the ultim ate strength form ulation. 
Experiments [223] have shown that the anchorage length, 1 should be at least 
0.25 bc for the reinforcement to be fully effective. M (= p 2 (l/cro)2) is the
moment at which premature reinforcement rotation occurs.
From vertical force equilibrium and assuming adequate reinforcement 
(Figs. 4.47, 4.48), the ultimate shear capacity of a girder web plate with a 
reinforced rectangular cutout is given by:
Vult= Xcr.modM + 2ct of sin20 + of th(cot0-cot0d) sin2 0 -
-  of t8 sin0  + 2 cr of t sin2 0
of is obtained via the same expression as for the unperforated girder case by 
substitution of the 'perforated' critical buckling stress value, xCT mod. An 
iterative procedure with respect to 0  is required to obtain the ultimate shear 
strength. Reinforced rectangular webs were found to develop 75-80% of the 
strength of the their equivalent unperforated webs.
For cutouts with hD > h - (b + b o)tan 0  the tension field of unreinforced 
web plates will not extend to the transverse (vertical) stiffener but will be a 
distance, a, short of it given by (Fig. 4.47b):
a = 0.5 (b+bG - ( h - h o)cot0) and hence c = 2 4 M Pa  +  •----------------
of t sin 0
and hence the ultimate shear strength for this case will be:
Vuu = 2 1 of (c-a)sin2e + x„,modht
Such large cutouts are unlikely to be met in practice and have therefore not 
been considered for the reinforced web cases. The bias and COV values for 
the models of both the unreinforced  and reinforced  rec tangu lar 
perforation cases may be obtained from Table 4.11.
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Reinforced and unreinforced extended circular openings have not been 
adequately studied and presented in the open literature and are hence 
treated no further.
4.5.3 Ultimate Shear Strength of Webs with Comer Located Openings
Compared with a web having a central circular cutout, locating the opening 
in a corner results in an increase in the critical buckling shear stress and an 
increase in the tension band width, and should therefore be preferred. 
However, in the cases where alternating loads exist, the openings can only 
be placed centrally on the web.
For circular openings, when the diameter of the cutout is small 
(d /  h < 0.33) and its location is at the extremity of the compression diagonal, 
the reduction of the ultimate strength value is only due to the reduction in 
the critical buckling stress (para. 4.5.1). As the tension field component is not 
significantly affected, any reductions in its contribution are neglected. The 
ultimate shear strength is therefore calculated by using the expression for 
ultimate shear strength of an unperforated girder, after making appropriate 
allowance for the reduction in the critical buckling strength [225]:
Vuit= V modht + 2 ct aj'sin2 0  + aj' th(cot0 -c o t0 d) sin2 0
of is obtained via the same expression as for the unperforated girder case by 
substitution of the reduced (due to the perforation) value of the critical 
buckling stress, ^atmod‘ This expression is valid only if the 'extent', g, 
(g = b-O .5d(co t0  + l)), of the tension flange (Fig. 4.50) is larger than the 
hinge distance i.e. g>  ct.
For large diameter cutouts ( d / h >0.33), the hinge positions will be different 
and especially the hinge position on the tension flange will be totally 
independent of the extent of the tension band on the compression flange 
(Figs. 4.50, 4.51). The width of the tension band assumed to contribute 
towards the ultimate strength capacity is determined for the compression 
flange by cc (coinciding with the position of the plastic hinge) and for the 
tensile flange by ct :
fb -  0 .5 d (circular opening)
1 [b -  bG (rectangular opening)
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In this case, from vertical force equilibrium the ultimate shear strength of 
the web plate with a corner located circular opening is given by [225]:
V„1.= Vmod ht + ~ cc t of sin20 -  0.5of -^ b - |(c o t(0 .5  0)+l) ] sin20 
+ of t[ hcot0-—(cot(0.5 0)+l) ] sin20 + 2MI C c + C t
v Cc ct j
which is valid only fo r(g < c c). is evaluated by maximising the above 
expression with respect to 0  in the usual iterative way. is obtained via 
the same expression as for the unperforated girder case by substitution of the 
reduced value of the critical buckling stress, xaimaA. The bias and COV for 
this model may be obtained from Table 4.11.
Figure 4.52 demonstrates that diameters up to 0.3h, do not affect the extent 
of the tension band and hence cc = ct = c but for larger cutout diameters this 
is not the case. Furthermore, parametric variations in panel geometry [225] 
showed that for cutout diameters up to 0.3h a marginal drop of 
approximately 5% in ultimate shear strength compared to an unperforated 
web would result (Fig. 4.53). The rate of strength reduction for centrally 
located cutout cases is considerably larger.
No specific design methodology has been published for the case, of 
rectangular perforations and extended circular perforations.
4.5.4 Ultimate Shear Strength of Webs with Eccentrically Located Openings
Figure 4.54 depicts the idealised tension band formed in the post-critical 
stage in a web containing a circular cutout eccentrically placed on the 
compression diagonal and the type of panel failure involved. Using the 
method of virtual work and vertical force equilibrium, Narayanan and 
Darwish [227] proposed the following ultimate strength formulation for 
eccentrically located web cutouts (Fig. 4.54):
V'„ = t ct mod h t + i c c t of Sin20 -  of t^ -g s in 2 0 + of tL sin0 + 2M 
2  c,
^Cc+C  ^
V Cc Ct J
where g is the effective width of the tension band at the tension flange, L is 
the width of the tension band that is effective between points B and C and
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will be reduced appropriately to account for any cutout located within the 
band, of is obtained via the same expression as for the unperforated girder
critical buckling stress, xCT mod. The hinge distance cc on the compression
and is finally obtained from maximisation of the above expression with 
respect to 0 .
Respecting the designer's need for simplified design formulae, Narayanan 
et al put forward the following approximate formula [227]:
where r, rmax, (Fig. 4.55), are the distance and maximum distance (when at 
the corner) of the centroid of the opening (whether circular or rectangular) 
from the centroid of the web panel. For a circular cutout:
Vu is the ultimate strength of the unperforated web with the same geometry 
and Vult is the ultimate strength of a girder with a central hole calculated by 
the simplified approach of Narayanan and Rockey's first study. Rectangular 
cutouts may be treated as circular, once their 'equivalent' diameter is 
obtained by:
where 0O is the slope of the geometrical diagonal of the cutout. No research 
results has been published for the cases of webs with reinforced circular or 
rectangular eccentrically placed perforations.
4.5.5 Design of Reinforcements for Web Plate Cutouts
case by substitution of the reduced (due to the perforation) value of the
flange is given by the usual unperforated expression (=[2 /sin 0 ] tD
/
VSu=Vlllt +(0.9 Vu -  Vull) r for 0 .8 S h /b < 1 .2 5
r*
\  m a x  /
r,max ^/(0.5b)2 + (0.5h)2 - ^ ]
where e„ = tan‘, (h0 / b 0)
There are three ways of reinforcing a cutout, namely by using (a) 'lips’, (b) 
single sided rings, and (c) double sided rings.
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Usually procedures for the design of reinforcements for web cutouts aim in 
determ ining the cross section wr x tr of the reinforcement. N ote that the 
thickness of the reinforcement usually includes the thickness of the web 
plate. Such procedures, based on the ultim ate strength  form ulations 
reviewed above are presented for the case of centrally located circular and 
rectangu lar cu tou ts in [223], and for eccentrically located  circular 
perforations in [237]. This subject is treated no further.
4.5.6 Application of Design Methodology to Aluminium Perforated Plate 
Girders
No research has been carried out or published for the case of alum inium  
plate girders with web perforations. Furthermore, due to the lack of detailed 
experimental as well as theoretical models of the cases of direct interest to 
marine applications (shear and bending loading, with the presence of direct 
stresses on alum inium  girders) it is recom m ended that a conservative 
method should be used instead. For this approach, Rockey's initial proposal 
is recommended (para. 4.5.2)
V„ii =w [Vv +(V„-VT)( l -d /h ) ]
reduced by a factor w (= k z) to account for HAZ effects (para. 4.1.2). The w- 
reduction approach, although very conservative, has been recom m ended 
for unperforated aluminium girders (para. 4.4.4.1) [216] and has been used in 
the BS 8118 guidelines (for unperforated girders). The beneficial effect of 
horizontal stiffeners is not considered, so is any effect of reinforcements of 
perforations. In the case of coexistent bending and direct stresses, the 
aforementioned strength reduction could be used directly in reducing the 
values of Vs and Vc in the interaction diagram s. The value of VB is 
indirectly affected via Vc (para. 4.4.2.4).
4.6 The Design of Deep Plate Knee Joints
As pointed out in the Introduction (para. 1.8.3), the use of partial transverse 
bulkheads (PTBs) may result in a more efficient s tructure in term s of 
weight. This is due to the fact that although the peak and shear stresses 
increase with bulkhead spacing, the presence of PTBs will bring them back 
to acceptable levels. This section attempts to transfer the principles involved
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in the design of the plating at deep-plate girder corner joints of civil 
engineering structures, to the design of those panels in the transverse 
bulkheads which lie at the cross-deck strut intersection. The application of 
the m ethod to the design of Partial Transverse Bulkheads is equally 
possible.
Knee joints of portal frames are generally designed based on their critical 
buckling load. Higher loading conditions are traditionally catered for, either 
by the introduction of haunches of by the insertion of 'doubler' plating to 
increase the web thickness. However, concentration on an ultimate strength 
approach to design would lead to a more weight efficient structure.
Most of the investigations (theoretical and experimental) have been carried 
out in the U.S. in the late 30s and especially by the American Bureau of 
Standards and Lehigh University [238]. However, that research was limited 
to the critical buckling of the web plate having no consideration of its 
postbuckling strength. Recent research in Germany [197, 239, 240] on the 
ultim ate strength of square panel knee-joints of portal frames w ith thin 
webs made of steel, provides the state of the art in ultimate strength design 
of such structural arrangements. The theoretical m odel bases the post- 
buckling behaviour of the structure on a tension field approach (Figs. 4.57, 
4.58) similar to that used for deep plate girders [185, 198]. The inclination of 
the tension bands and the internal forces for the deep plate girder and the 
knee joint cases are demonstrated in Figure 4.56. In addition, Bodarski [241] 
has investigated the post-buckling behaviour of frame joints made of plastic 
material with different stiffener arrangements (Fig. 4.57). The tension field 
form ation is clearly visible and current work in Braunschweig aim s in 
extending their tension field recommendations to these type of structural 
arrangements. Steel is the material used in the latest studies.
4.6.1 Critical Buckling Strength Estimation
Figure 4.58 presents the force and moment distribution (due to external load 
actions) on a flat rectangular corner plate of uniform  thickness t, and 
dim ensions 2a and  2b. P inned boundary  conditions are assum ed 
throughout. Buckling and consequent failure will occur by rotation about 
point (i) of the structure. Hence the moment about point (i), to cause critical 
buckling of the web panel is given by (Fig. 4.58) [197, 239,240]:
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M =M actual
' x_ '
V "^actual /
w here tct is the critical buckling of the web panel under purely shear 
loading as given in the classic theory for pinned boundary conditions. 
Furthermore, the existing maximum shear stress is determined by the Airy 
Stress Function and according to Scheer et al [239] is given by:
^ = ( 2 a F xy+ a F y +M„ + 3M y) /  (2 a b t)
where the the loads and moments applied at the edges of the rectangular 
plate were derived by Osgood et al to be [238,242] (Fig. 4.58):
M0 = V (a  + A) = H (b  + B) M = M -  V a = V A
F* = -  (l -  k -  j) H - m n
l - k  + j 1 + k - j
M
b
F*y = (1 -  P) V -  i  (M0 -  H b)
Fy = - ( l - 2 p ) V
n MFvx = (1 -  j) H ~ t —r—
y v (l + k - j ) b
M = - 1 - m n
1 - k  + j 1 + k - j
M My = - ( l - 2 r ) H B
The coefficients p and r above are the proportion of V and M respectively 
which are taken by each flange of the column at the edge y=b:
r .._ A rea  of one flange of column, (beam)
 ^ Total sectional area of column, (beam)
r one flange of column, (beam) about N.A. of section
Total I of column, (beam)
where I stands for the second moment of inertia of the flange or section (as 
appropriate). Similarly, k and j are the proportions of H and m and n are the 
proportions of M taken by the top and bottom flanges of the beam portion 
of the knee at the edge x=a. It is important to stress that k, m are used to 
account for the possibility that the flange is not continuous at the knee (e.g. 
riveted) and will thus partially transmit stress across the discontinuous 
section. For welded sections k - j  and m=n.
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4.6.2 Ultimate Strength Estimation
As already mentioned the Braunschweig model [197, 239, 240] calculates the 
m om ent carrying capacity of the knee joint from two com ponents. The 
critical buckling component and the post-buckling com ponent which 
obtains its contribution from the formation of a tension band  in the 
direction of the diagonal of the web plate. The tension field contribution is 
very similar to that described for the Cardiff model (Fig. 4.30) [185, 198]. The 
main difference between the girder and the knee-joint models is that for the 
former the angle of inclination of the tension field is approximately equal to 
two thirds of the angle of the panel diagonal, while for the latter the angle of 
the tension field is limited to the angle of the panel diagonal. However, in 
both models, the direct and bending loads are assumed to be resisted solely 
by the flanges, while the shear loads are taken up by the web plate.
Figure 4.58 demonstrates the failure mode of a rectangular knee joint. Once 
the critical buckling shear stress has been reached, a tension zone is formed 
along the diagonal of the plate. Any consequent increase in the load will be 
carried by the tension field whose stress am plitude increases till the yield 
stress of the web material is reached. At this instance plastic hinges are 
assumed to occur at the points A, B, C, D and the structural arrangem ent 
fails as a mechanism as shown in Figure 4.58. The positions of the plastic 
hinges depend on the rigidities of the flanges which in tu rn  depend on the 
loads, material, and geometrical considerations. Experimental observations 
[197, 239, 240] have supported the assum ption that edges Ai and Ci will 
rem ain straight throughout the load application up  to the m om ent of 
failure. Hence no plastic hinges are assumed to form on them.
With reference to Figure 4.58, zone g2 has been empirically set to 0.5 h 2 
while the extent of zone gT is dependent on the rigidity of the flanges AB 
and CD and hence on the plastic hinge positions. Therefore,
gT = max (lAB sin0r, 1CD sin0c) and g2 = 0.5 h 2
w here 1AB = ^ 2 (Ma + M B)/(ay ts in 2e,) < a
lCD= 1/2 (M c + MD)/(o ; ts in 20c) <;b
0r = arctan(b/a), 0C = arctan(a/b)
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The beam (AB) and column (CD) flange rigidities MA,M B,M C,M D, are 
reduced by any direct an d /o r bending stresses acting externally on them 
(Appendix 4.5) while the tensile stress to cause yield in the web material a f  
is given by:
° t = ^ a y - 3 +  d 2 - d where d = ^ x CT sin20r
The lengths 1AB and Iq) must be determined iteratively (Appendix 4.5) as 
the maximum m om ents acting on the knee will affect the individual 
bending stresses acting on the flanges and hence will affect their bending 
rigidity. The lengths 1AB and 1^ should therefore account for these 
increased loads as the ultimate bending moment is iteratively approached. 
The load carrying capacities of the two zones expressed in the form of the 
bending moment about point i are given by
= oj' tw g, (h2 + 0.5 g,) and M2 =o* t„ g 2 (h2 - 0 .5 g 2)
and hence the total moment carrying capacity of a knee joint about point i is 
[239]:
Mu = M ct+ M 1+ M 2
i.e. the contributions of the moment to cause critical buckling plus the 
moments carried by the structural arrangement in the post-buckling region.
4.6.3 Experimental Verification of the Model
The aforementioned theoretical model has been compared w ith the results 
of experimental data carried out in Braunschweig and reported in [239, 240]. 
Ten steel square knee joint plates were tested with b / t  ratios ranging from 
130 to 300. Osgood's critical buckling formulation was found to constantly 
underpredict the strength by approximately 40%. Furthermore, the ultimate 
strength predictions by Scheer at al's model were found to overestimate 
strength by about 10%. Specifically, the model uncertainty was found to 
contain a bias of 0.91 and a COV of 11.5% for a population of only 9 tests.
No experimental or numerical tests for rectangular plates other than square 
plates were found from the literature survey and therefore the same 
modelling uncertainties as for the square plates are recommended.
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4.6.4 The Effect of Vertical/Horizontal Web Stiffeners
In the presence of horizontal web stiffeners, the use of the critical buckling 
shear strength of the weakest subpanel as the only change in the ultimate 
strength formulation is recommended (para. 4.4.2.3). No proposals a n d /o r  
experimental have been published along these lines, and therefore such an 
approach should be treated with caution. A conservative approach would be 
to neglect the influence of the stiffeners and consider the complete web 
depth  of the corner panel in the strength analysis.
4.6.5 Accounting for the Effect of Web Perforations
In the absence of appropriate research and indeed of any design proposals, a 
sim ilar approach to that used for steel plate girders loaded in shear (para.
4.5.2) is recommended, although caution in its application is advised due to 
the untested nature of the expression in this context. Therefore, it may be 
assum ed that the moment capacity of the joint plate will vary linearly with 
diam eter between the moment capacity of the section assum ing that only 
the four flanges are effective and that no web material is present, M ^ ,  and 
the case at which there are no perforations and the web is fully efficient, M u:
where 2b is the plate depth, D is the diameter (or equivalent diameter - para.
4.5.2) of the perforation, M blTO>l0I„ M toll,>ta, / MC0l>uft,M C0l>tl<lll are the plastic 
m om ent capacities of the beam (top and bottom) flanges and the column 
(left and right) flanges respectively and is given by the sum m ation of
these capacities. The diameter (or equivalent diameter) of the perforation 
should be restricted to 2 /3  of the web depth.
4.6.6 Applying the Model to Aluminium Knee Joints
In the absence of any theoretical and experimental investigations into the 
ultim ate strength behaviour of aluminium knee-joints, and considering the 
similarity of analysis to that of plate girders in shear, it is possible to assume 
that the reduction in ultimate bending moment will occur in a sim ilar 
m anner to the reduction of ultimate shear strength (para. 4.4.4.1). Hence, the 
total moment carrying capacity of a knee joint about point i may given by:
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Mu = Mct + w (M, + M2)
Paragraph 4.1.2 may be referenced for details on the value of the reduction 
factor w (= k z).
4.6.7 The Design of Knee Joints with Tapered or Curved Flanges
In order to reduce the high stress concentration values associated w ith 
knees having their beam and column components at right angles to each 
other, it is possible to opt for a haunched knee with tapered flanges or for a 
haunched knee with curved flanges.
A tension field approach has not yet been developed for this type of 
problem, although experimental investigations by Bodarski [241] suggest 
that this is possible and research at Braunschweig heads along these lines.
Current design procedures aim to maintain the maximum stresses at the 
various sections of the knee at levels below the m aterial yield stress. 
Evaluation of these stresses at these locations not only provides a safety 
check but permits the evaluation of the local forces and their components 
against which any stiffening system would have to be designed.
Two methods are currently most popular for the estimation of the stress 
level in the knees:
(a) Vierendeel's Tapered Beam Formulae [242]
(b) Olander's Formulations [243].
Figure 4.59 dem onstrates the notation for Vierendeel's method. The 
m ethod consists of calculating the stresses (shear, direct and bending) at 
different locations in the knee identified by the distances aG and from the 
neutral axis and the angle of the tangent to the curved flange <J>. Hence the 
forces in any section A-A are given by [242]:
f = Zo._M_ao. f = Z = + M a ‘
0 A I ' A I V=7 ~ } ( v + fi Ai sin$)
where v is the shear stress, f0, fj are the mean stresses in the outer and 
inner flanges respectively, aG, ai distances of the centroids of the outer and
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inner flanges respectively from the neutral axis of the specific section a n d  
A0, A i are the cross-sectional areas of the outer and inner flanges. 
Furthermore, M, V, P are the bending moment, shear force, and axial force 
at section A-A, tw, d are the web thickness and depth respectively while A 
(= tw d + A0 + Aj cos<j>) and I ( = (tw d3/l2 ) + A0 a* + A i cos<J> af).
These expressions are also applicable to tapered knees.
Olander's method considers a number of circular sections (e.g. A-B) that cut 
the extreme fibres of the flanges at right angles (Fig. 4.60). Each section is 
then developed to its true length and hence its area A and m om ent of 
inertia I are obtained. All forces to the right of the section A-B are then 
resolved into the values PD and M0 about point O, the centre of the arc. P0 
passes through the neutral axis of the section and M0 is the moment of the 
forces about O (i.e. due to the eccentricity of the forces from the neutral axis). 
The stresses are then calculated as for a beam-column:
f = P ^ ± Mc  
A I
The shear force V in the chosen section is calculated from Mc by V = M0/r  
(Fig. 4.60) and the geometrical properties of the circular sections are obtained 
by:
h + R(l-cos2<|>) .
r = ---------------------- a = R sm2(j)
sin2<J>
b = rco s2(J)-a c = <t>r (<J) in rads)
d = rcos<J> e = rsin<{>-g
The resolution of the forces into the values PQ and M 0 and practical 
examples of both methods are presented in greater detail in [242]. Since, the 
optim um  from the stress concentration point of view would be to replace 
the right angle haunch with a large circular arc with tangents at the struts 
and the cross deck, or a tapered haunch, V ierendeel's and O lander's  
methods become attractive. The use of such structural arrangem ents might 
be hindered by cost and space allocation considerations in the vessel, despite 
their structural benefits and the possibility of reducing the slam m ing 
damage on the wet-deck.
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These two methods can also be used for the design of stockier beam to frame 
connections (depth on thickness of web plates less than  80) in ship 
structures. A lthough of no direct interest to the above presentation, it is 
w orth mentioning that they were both initially considered by the Royal 
Navy for the design of haunched beam-frame connections. However, they 
were later rejected on the grounds of insufficient experim ental evidence 
and complexity and a simpler approach (by use of doubler plates) was 
chosen, as reported by Faulkner [245]. This latter reference provides useful 
information on the design of beam to frame, longitudinal to bulkhead and 
grillage connections.
4.7 The Design of Stiffened Cylindrical Structures Under Pressure Loads
The advantage of axisymmetric structures to resist external (as well as 
internal) uniform pressure loading, is best put to use in the design of 
submerged structures and structures under the action of mainly hydrostatic 
loading. The hulls of subm arines, semi subm ersibles as well as the 
underw ater structural components of SWATH vessels are some examples 
of the application of cylindrical sections in the marine environm ent and 
Figure 4.63 dem onstrates the variety of shapes and sizes that such 
components can be encountered in. These are:
(a) ring or ring/stringer stiffened cylindrical elements
(b) conical elements acting as transition joints
(c) spherical elements acting as end closures.
It is the ring frames and internal bulkheads that stabilise the shell. 
Longitudinal stringers are usual only when axial compression loads are 
significant. Their design aims to provide sufficient scantling and shell 
thickness dimensions to ensure that the structure will be able to resist any 
axial loads, external pressure loads or their combination.
The use of ring stiffened cylinders to w ithstand high axial loads is 
considered to be unrealistic and its treatment herein is omitted. For these, 
references [95, 99, 208, 245] may be consulted. Furthermore, the case of ring 
stiffened cylinders under axial compression and external pressure usually 
occurs in offshore structures and work by Faulkner [27, 99] and Cho and
Frieze on interframe shell collapse provide accurate interaction equations
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for this purpose (paras, 4.2.8, 4.7.4.3). Hence, the cases of ring fram ed 
cylinders under hydrostatic pressure loading as well as under a combination 
of axial and lateral pressure loading are initially review ed followed by 
consideration of the strength models for orthogonally stiffened cylinders. 
Recommendations for the design of conical transitions as well as dome ends 
under hydrostatic pressure loads are also presented.
4.7.1 The Design of Ring-Framed Cylindrical Structures U nder Hydrostatic 
Pressure
The need for structural weight efficiency in marine vessels having small 
waterplane areas, requires a more rational approach to structural design. 
Kendrick in [246] suggests general guidelines leading towards a more weight 
efficient cylindrical structure when it is externally pressurised, underlying 
the necessary trade off between the following considerations:
• the shell thickness and hence weight decreases w ith decreasing frame 
spacing Ls/
• high strength m aterial is advantageous only when high external 
pressures are expected,
• the ring frame cross sectional area A9 increases with increasing Ls,
• the structural weight is not proportional to the level of external 
pressure loading. This is the case only for large pressures, because of the 
buckling penalty introduced to the structure at shallow depths.
Specifically, as the operating depths of hulls of SWATH ships are bound to 
be relatively (to submarine hulls) small, these structures are m ore prone to 
interfram e shell buckling (as the thickness will be small) rather than 
interframe shell yielding which is a characteristic of stockier, deep-diving 
cross sections.
In ring stiffened cylinders, the weight of the frames is a small percentage of 
that of the shell (app. 25-30%). Hence, for a given level of external pressure, 
m aterial and rad ius, the shell thickness (and struc tu ra l w eight) is 
determined mainly by the stiffener spacing and to a smaller extent by the 
stiffener size. Hence, the aim of any design procedure should be to establish 
the level of hydrostatic pressure for interframe collapse and require that the
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frames are adequate to avoid premature overall collapse. Since in this case, 
the design is based on collapse instead of elastic buckling criteria, the shape 
imperfections, residual stress effects and material stress-strain characteristics 
become important.
Two m ain modes of failure are of concern in the design of externally 
pressurised cylindrical structures (Fig. 4.64):
• Interframe Collapse (basis for design)
• Overall Collapse (avoided by large safety factors)
The former can occur in the form of shell yielding at mid-bay, or elastic 
shell buckling between frames. Interframe collapse is usually an interaction 
between these two conditions. Elastic shell buckling occurs for the more 
slender geometries and appears in the form of a number of circumferential 
waves with one-half wave between frames (n>10, m=l). Interframe yielding 
(axisymmetric plastic deformation) is a characteristic of stocky shells and 
should be preferred for deep diving structures, because it w ould perm it 
greater use of the material strength and because shape imperfections will 
then be less important.
Overall collapse is frame induced. Frame failure can occur either by frame 
yielding (n « 2 - 5 ) ,  shell yielding (n>6), or frame tripping (interacting with 
shell buckling). General instability is sensitive to shape imperfections and 
its prediction is therefore less certain. Hence it is designed out by 
dim ensioning the ring frames against o-o-c bending stresses and  by 
providing them with adequate rigidity against tripping.
Interaction between these two failure modes is avoided by proper choice of 
safety factors, which ensure that general instability is preceded by bay 
instability and eventual interframe shell collapse. Hence, in the design of 
cylindrical externally pressurised structures of a given radius:
• the stiffener spacing is governed by interframe shell collapse,
• the stiffener size is governed by general instability and volum e 
requirements in the cylinder, while
• the proportions of the frames are governed by tripping and local 
buckling considerations.
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The detailed theoretical background and derivation of the closed form 
expressions describing the load capacity against these failure modes is 
covered in detail in [246]. Only the main formulations will be presented 
herein to the degree necessary for highlighting the param eters affecting 
strength. It must be noted that the strength form ulations that follow are 
based on the assum ption of equal frame spacing (uniform ly stiffened 
cylinders). A small degree of non-uniformity in the frame spacing may be 
tackled by using an average bay length [246]. If it is the size of the ring-frames 
that is not uniform, then the average combined moment of inertia should 
be used. An accurate treatment of the case of unequal stiffeners is presented 
in [246].
The mostly used design codes for the design of externally pressurised ring 
a n d /o r  stringer stiffened cylinders are the British Standard BS 5500 [247] 
(which is also the basis for most other codes), the ECCS [248] proposals for 
cylinders under external pressure only, the DNV Classification Notes 30.1 
[66, 208], the API Bulletin on Stability Design of Cylindrical Shells for 
Floating Offshore Platforms (R/t>150) [95] and the API code for Fixed 
Offshore Platforms R/t <150 [249]. Of these codes it is the later [249] that is 
reliability based, while the remaining support a deterministic approach to 
the derivation of their safety factors.
The most popular design method currently in use is that proposed by BS 
5500 and has stemmed from the pioneering work of Kendrick and his 
colleagues for the Royal Navy (reviewed in [168, 246, 250-253]). These 
proposals have also formed the basis for the ECCS guidelines and where 
coupled with research efforts carried out in Norway [25] to result in the 
DNV formulations [208, 66]. API based its approach on earlier RCC work 
[254, 255] thus not directly benefiting from the Royal N avy's experience. A 
comparison of these codes with experimental data is presented in [116].
4.7.1.1 Designing Against Interframe Shell Collapse
Interframe shell collapse is associated with the shell thickness and frame 
spacing and the available formulations for design are described next.
The BS 5500 proposal against interframe shell collapse suggests the use of a 
lower bound curve to w ithin about 1% of experimental data (Fig. 4.65)
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relating the collapse pressure, pc, to the pressure to cause yielding at the 
shell at mid-bay, pc5 and to the pressure for mid-bay elastic shell buckling 
p m. This interaction curve between elastic and inelastic behaviour has been 
expressed in a closed-form by Faulkner [255] :
, _  j  1 -  Pcs/2  Pm for pm/p c5> l
1 Pm /2 Pc5 for pm/p c5< l
and is used with a safety factor of 1.5 against collapse. The accuracy of the 
approach has been tried in the range of 5.9 < R/t < 250 and 0.04 < L/R < 50. A 
closed form expression for the mean curve through the experimental points 
is not available although its derivation using the data presented in Table
4.12 is possible. Such a curve would ensure a safety factor of 1.75 against
collapse. For probabilistic design it is the mean curve is preferred.
p m is the elastic buckling pressure for the unsupported shell between ring 
frames (see Notation) and is attributed to Kendrick [246] who slightly 
modified von Mises' original solution to give correct answers for small 
values of n. The expression derived for p m, ignores the ring frame area, an 
acceptable approximation The minimised (wrt n) form of the expression as 
derived by W indenburg for hydrostatic pressure is used. The pressure at 
which the applied circumferential compression stress at shell mid-bay and 
mid-thickness reaches the shell yield stress, pc5, (see notation), has been 
based on a linear sim plification of W ilson 's form ula for elastic 
deformations of perfect uniformly framed cylinders [257]. The product y G 
accounts for the beneficial effect of the presence of ring frames, as it depends 
on the stiffener geometry, stiffener spacing, shell thickness and shell radius. 
Its value is usually between 0 and 0.2.
Generally speaking, when pm is much smaller than pc5 and p yf and the o-o- 
c is very small, the collapse pressure will be close to pm. W hen p m is greater 
than 6pc5 and much larger than p yf, the collapse pressure will be close to 
1.15pcS [252] and predictions can be made within 10%. Furthermore, in the 
region pm « pc5 the greatest scatter is observed (Fig. 4.65) as it is the area of 
greatest interaction between yielding and buckling [252]. In this case, the 
collapse is influenced by geometry, Young's modulus, material yield stress 
and the level of o-o-c. Collapse at pressures close to p m will be lobar in 
appearance while collapse at pressures close to 1.15pcS will be axisymmetric
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in appearance. The BS 5500 expression is applicable to all ductile materials 
and the associated m odelling uncertainty is show n in Table 4.13. For 
application to welded aluminium structures, Faulkner [255] recom m ends 
the safe substitution of Young's modulus with the secant m odulus at 0.2% 
proof stress to account for the reduced material stiffness and the HAZ 
strength reduction.
In 1984, Cho and Frieze [26, 258] presented a modified version of the BS 
5500 approach, which represented the whole range by one curve. The 
pressure to cause yielding in the shell at mid-bay, pc5, was substituted by 
p ^ ,  the hydrostatic pressure at which the von Mises equivalent stress in 
the shell reaches the material yield stress and p m refers to the critical 
buckling pressure of the shell under hydrostatic pressure. A quadratic 
Merchant-Rankine formulation was used to account for elasto-plastic effects 
resulting in:
where ph is a hydrostatic knockdown factor and pc is the mean hydrostatic 
collapse pressure. This expression is found to demonstrate better values on 
the modelling uncertainty than BS 5500 (Table 4.13) but the BS 5500 should 
be used on the basis of conservatism and wider acceptance.
4.7.1.2 Designing Against General Instability
This mode of failure is associated with weak frames and widely spaced 
bulkheads. Weakness of the ring frames can be expressed by either frame 
yielding or shell induced tripping, while large spacing w ould trigger 
yielding in the shell in the immediate vicinity of the frames. For this failure 
m ode, attention concentrates on the overall behaviour of a cylindrical 
compartment, of length Lc, between two rigid bulkheads or heavy frames. 
The structure is assum ed im perfect in the analysis and any initial 
imperfections are magnified under external pressure loading.
The first theory for elastic general instability of perfect structures was 
presented by Kendrick in 1953 [246] who assumed a half-sine wave over the 
compartment length Ls with allowance for shell distortions between frames 
(Fig. 4.64). Currently, it is Bryant's two term approxim ation [259] for the
+ -*-£- = 1.0 and
V Ph Pm /  y Pym j
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overall buckling pressure, pn, that is widely accepted and used in BS 5500:
P„ = P„/ + P™ where 
Prf = (n2 - 1) E Ic/R 3 Ls and pm = (E t/R )/((n 2 - 1  + k X\) (n2/X?c + 1)2]
k=0.5 for hydrostatic pressure and k=0 for radial pressure. Pressure p n 
indirectly governs the size of the ring frames. The first term, p^, expresses 
the elastic collapse pressure for the shell and frame combination (frame 
buckling term) of an infinitely long cylindrical structure (attributed to Bresse 
[128]) while the second term, p ^ , is a shell buckling term which accounts for 
the fact that the structure is not of infinite length but is restricted between 
rigid bulkheads/fram es. This forces the shell to deform w ith significant 
membrane actions which increase as Lc reduces and decrease as n increases. 
This expression is the first term in the von Mises expression [260] (see 
Notation) for the elastic shell buckling pressure of a closed cylinder w ith 
simple support conditions, p m. The second shell bending term of the von 
Mises expression is omitted because it is generally small. The following 
apply for the Bryant expression above [252];
• the frame term increases with increasing n and the shell term decreases. 
The optim um  n value usually lies in the region of n=2-6 for most 
compartment lengths [255].
• p n reduces with increasing Lc
• the value of n for which p n is a minimum increases as Lc decreases.
The expression ignores interframe deformation which can be accounted for 
by assuming a reduced effective length, Le (see Notation) of shell acting 
with the ring frame when evaluating Ic. The Bijlaard expression for Le is 
recommended on grounds of accuracy and relative simplicity.
One end Other end Lc
Bulkhead Dished Head 2 LC
No diaphragm No diaphragm Lc = °°, p„ = p rf
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In the event that non-rigid (or no) structural elements are placed at either 
end of the compartment, the approximations to the length of Lc show n in 
the Table above may be made (as recommended by BS 5500):
4.7.1.3 Ring Frame Design
Ring frames should be proportioned in such a way so as to withstand:
(a) the total stresses arising from the 'as constructed' o-o-c bending plus 
direct, hoop stresses [246].
(b) any sideways tripping tendencies that might arise by the slenderness of 
their dimensions and the destabilising effect of shell buckling.
The maximum stress in the frame is calculated (by BS 5500, ECCS, and 
DNV) in terms of a Perry-Robertson type expression, as the sum of the hoop 
stress at the centroid of frame (first term) and the bending stress arising 
from the worst o-o-c, Cn, magnified under pressure by a factor p /(p n -C *pd)
a  -  A* Pd Gyl , e - E * C» < D- a
«  t >2 (  r * '  \  ° y f
Pyf R  ( P n - C  P d)
where pd is the design pressure and A*, B*, C*, D*, have the following values 
for the individual design codes:
Code A* B* C D*
BS 5500/ECCS
hot formed/fabricated frames 1.8 1.8 1.8 1.0
cold bent frames 2.0 2.0 2.0 1.0
DNV 2.0 2.0 2.0 0.9
A num ber of values for n between 2 and 6 need to be tried  before a 
maximum value for a tf is obtained. For n=2 the magnitude of the bending 
stress is very sensitive to the value of the compartment length Lc, while for 
n=6 this phenomenon reverses [252]. Most codes assume Cn is the same for 
all modes (0.005R) which is pessimistic for higher n. BS 5500 requests the
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evaluation of for n=2-6 and for Cn =0.005R. It was Kendrick [168] who 
showed that overall collapse is close to the pressure causing first yield at the 
frame flange. The statistical uncertainties involved in the m odelling of 
strength against this failure mode, are presented in Table 4.13.
The importance of tripping induced general instability resulting from the 
loss of the radial and bending stiffness of the fram es should not be 
overlooked. A characteristic of tripping failure is that it can happen without 
any loss of circularity at the stiffener/shell connection. Elastic sideways 
tripping for flanged ring frames is tackled by BS 5500 and ECCS with the 
very conservative criterion (by Kendrick [246, 250-253]):
_ >
A, R z p yt
where a T acts at the frame centroid and pinned boundary conditions are 
assumed at the frame toe. Small changes in the flange w idth of the frame 
have considerable effects on Iz and hence a T. Increasing the flange w idth 
increases the tripping strength. Any geometrical changes in the frames 
should, however, satisfy the limits imposed by slenderness and m inimum 
thickness requirem ents. The modelling uncertainty associated w ith  this 
failure mode is presented in Table 4.13. Additional design approaches 
against tripping accounting for the more realistic cases of shell/stiffener 
interaction are described in paragraph 4.3.4.
Local buckling of ring frames should  be avo ided  by ap p ro p ria te  
proportioning of the stiffener section. BS 5500 recommends that the lowest 
instability pressure associated with local stiffener instability is at least 4 
times the design pressure. The factor of 4 was chosen because the design 
curve for interframe collapse requires that p m > 3 p d and it is desirable to 
avoid interaction between the various buckling modes [252]. Guidance on 
the design against local buckling of stiffener sections is provided  in 
paragraph 4.3.5.
4.7.1.4 Initial Imperfection and Residual Stress Effects
The two types of initial imperfections affect the behaviour of ring frames are
(a) geometrical imperfections (o-o-c on shell a n d /o r frames, frame tilt) and
(b) residual stresses.
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Out-of-Circularity: Local indentations on the shell (corresponding to high 
n) introduce bending stresses in the shell which can be calculated using 
interfram e buckling pressures [246]. The effect how ever, of the shell 
in d en ta tio n s  on the ring  fram es is sm all (sm all c ircum feren tial 
wavelengths) and hence negligible bending stresses are introduced in the 
shell and frames. Imperfections of longer wavelength generally involve 
both the frame and the shell.
Out-of-circularity of frames is far more im portant and greatly affects the 
strength of the structure against general instability but has little effect on 
interframe shell collapse [246, 251]. The resulting stress in the frame flange 
(hoop stress plus bending stress arising from o-o-c) is obtained via a Perry- 
Robertson type interaction (para. 4.7.1.3) and with an appropriate safety 
factor is restricted to below yield stress levels. The allowable levels of frame 
out-of-circularity permitted by the various codes are shown below.
Code O-o-c assumed
BS 5500, ECCS, DNV,API Bui 2U 0.005 R
API RP2A 0.002 R or 0.1251
if t<2in then 0.25 t
The use of a specific value of o-o-c irrespective of the mode num ber n, is 
conservative and is based on the unrealistic assum ption that high n values 
are associated with large magnitudes of o-o-c and hence induced bending 
stresses. In an attempt to connect the amplitude of the o-o-c to the value of 
half cycles of deformation in the circumference, the following expression 
was recommended from an MoD study (a, b are in millimetres and R in 
metres) [165, 261]. This reduces the amplitude of the o-o-c as n increases:
a + b n  a =3.15R, ak =8.38R
Cn = —=-----  where _
n - 1  b = 1.20 R, b k = 3.31 R
The bar denotes mean values and the subscript k the upper 3 standard  
deviation values. The shape imperfections can be assum ed norm ally 
d istributed  w ith a very high COV of 50%. Das et al in [261] have 
dem onstrated that the COV values involved with this expression vary
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between 51.3 % and 54.6% for n values varying between 2 and 6 respectively. 
When use is m ade of the worst level of o-o-c in the worst possible mode 
(e.g. 0.5%R), M orandi [163] recommends a less conservative COV value of 
20%. Faulkner, in turn, proposed the following compromise between the BS 
5500 and MoD recommendations:
0.005 R 
n_  n -1
which also recognises the dependence of the m agnitude of the o-o-c to the 
shell radius and the number of circumferential shell lobes.
Generally, o-o-c's in the hoop direction are more serious than lengthwise 
imperfections and hence no information is available on the latter.
Effect of Initial Tilt on Ring Frame Strength: Any initial tilt of the ring 
fram es away from the plane through the toe of the web w hich is 
perpendicular to the cylinder axis will:
(a) magnify the tilt by approximately a mean/ ( a T - a mean) where a mean is the 
mean applied stiffener stress,
(b) introduce additional bending stresses in the ring frame flange. For 
axisymmetric tilts (n=0) these bending stresses are small and may be 
neglected.
Initial tilts should be avoided by proper control of the construction process. 
In any case, Louca and Harding [262] demonstrated that any initial frame tilt, 
however slender the frame is, has no major effect on the frame collapse 
pressure. In support of this, M orandi's FE investigation [163] concluded that 
a 4° initial tilt is less harmful than a 0.005R o-o-c on the frame strength and 
that the reduction in tripping strength associated w ith this tilt angle is 
approximately 8%.
The Effect of Residual Stresses: A lthough residual stress effects in 
interfram e shell collapse are indirectly accounted for by calibration to 
experim en tal data  of w elded specim ens, for general in stab ility  
considerations larger safety factors are used. Specifically, cold-rolling of the 
shell and the resulting through the thickness stress distribution (Fig. 4.66) 
have been found [7, 246, 263, 264] to have little effect on the shell's collapse
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pressure. However, the apparent decrease in Young's m odulus that results 
(Fig. 4.66), increase the shell deflections and therefore indirectly increases 
the load on the ring frames (even by 25% [246]).
Cold bending of frames introduces a large region of compressive residuals 
in the outer fibres of the flanges (Fig. 4.67) ensuring an early loss in the 
compression stiffness as well as a loss in the bending rigidity at outw ard 
anti-nodes for internal ring frames (e.g. 40% [7]). O-o-c bending will further 
aggravate the problem. BS 5500 implicitly allows lower safety factors for 
stress-relieved, hot-bent or fabricated frames. Smith and Kirkwood [266], 
have observed reductions of 30% and 7% on the overall buckling strength 
due to ring frame cold bending and shell cold rolling respectively.
Residual stresses due to hot-rolling  (Fig. 4.67) are independent of the 
material yield strength. The flange tips and midweb regions are usually in 
compression while the flange/w eb intersections are in tension. As bending 
of these sections to a circular shape introduces tensile stresses which 
counterbalance the deleterious effects of the compressive stresses in the 
flanges, their effect may be neglected.
Weld induced residual stresses depend on the weld process, the rate of heat 
input and the welding sequence. Although radial shrinkage effects are small 
and are neglected, this is not possible for the residual stresses introduced 
from along the weld and across the weld contractions. The sh rinkage  
occurring along the weld introduces a tensile yield zone over a w idth 2 tj t 
of the shell and a depth q tw in the stiffener web, which are both balanced by 
a compressive stress in the remaining of the cross section. For the shell the 
mean compressive stress is a rcl.
The shrinkage occurring across the weld, distorts the cross-section by 
producing inw ards interfram e corrugations of the shell w ith  internal 
frames. It is im portant to note, that the distortion of the plating radially 
tow ards the stiffener, induces hoop stresses in the shell g k 2 ,  which are 
balanced by circumferential stresses of opposite sign (tensile) in the frame, 
a rf and in the adjoining shell which move radially in the opposite direction 
(Fig. 4.68). Hence, the mid-bay shell compression stress is given by [7]:
o„ = a « ,+ o rc2 where
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A thorough review of the subject is carried out by Faulkner [7] and more 
recently by Morandi in [163] but validation is limited to m easurem ents on 
one ring frame of a full scale submarine.
4.7.2 The Design of Conical Transitions Under External Pressure Loads
The approach to design of ring stiffened, conical transition sections under 
external pressure loads is dependent on the extent of the conical section as 
well as on the taper ratio involved. For small taper ratios N iordson 's 
'equivalent cylinder' approach [267] for cones simply supported at their ends 
has proved to be quite accurate in design. The very good aggreement of this 
approximate method with more detailed studies and theories presented in 
the aeronautical field by Seide [268] and Singer et al [269, 270] have justified 
its attraction and its use is recommended in BS 5500 [247].
Niordson proposes the use of the same strength formulations and criteria as 
for cylindrical elements under external pressure, by accounting for the taper 
angle, 0 , by the following modifications:
t by tcos0 E by Ecos20
R by Rm (mean radius) L by generator length
Mean frame dimensions should be used and the frames have been assumed 
in the analysis to be normal to the axis of the cone and not to the shell. 
C riteria to avoid over-conservatism  in the design of cone-cylinder 
combinations have been presented by Kendrick in [250].
4.7.3 The Design of Dome Ends Under External Pressure Loads
Spherical dome ends are usually unstiffened and their behaviour is 
sensitive to initial imperfections and boundary conditions when loaded 
under external pressure. The effects of inaccuracies in m anufacturing will
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normally restrict the beneficial effect on strength obtained by the double 
curvature and hence render the classical buckling pressure for perfect 
spherical shells, pcl, too optimistic.
As the diameter of the dome ends is normally dictated by the radius of the 
adjacent cylindrical structure and considering that no stiffening is present, 
the only way to secure failure by yielding is by raising the shell thickness 
considerably. A review of a number of theories attem pting to predict the 
collapse pressure load by Thomson [271], proved the inefficiency of 
analytical procedures to properly account of the initial imperfection effects. 
Tests and param etric studies were carried out by Dixon on w elded 
torispheres (reported in [272]), and Newland [273] and Kiernan/Nishida [274] 
on hem ispheres (Fig. 4.69) concluded that the hem isphere results fell 
entirely within the scatter band of the torispheres. Analysing this data, 
Faulkner [275] proposed a Merchant-Rankine interaction between elastic 
and inelastic sphere collapse pressures as a mean curve through the data:
where 2 p b (=pys) is the membrane yield pressure. This expression was 
found to be accurate w ithin 3% over the com plete slenderness range 
(1.0 < p e/ p ys < 6.5) of 60 test data and can be put in a form useful for design:
The relative bias and COV values are shown in Table 4.13.
BS 5500 [247] accounts only for spheres that are spherical to within 1% of the 
radius and for which the radius of curvature (based on an arc length of
curve (Fig. 4.69a) proposed by BS 5500 forms a lower bound to experimental 
data. This choice was due to the large scatter and the fact that the test results 
for large dome ends tend to plot towards the lower bound curve and was 
underlined by a safety factor of 1.5 on these lower bound predictions 
(implying a safety factor of 2.35 when com pared w ith the m ean curve 
through the test data). The 'proposed design curve' is roughly equivalent to 
the mean curve for ring stiffened cylinders.
2.4 /^r T) does not exceed the nominal value by more than 30%. The design
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4.7.4 The Design of Orthogonally Stiffened Cylindrical Structures
When high axial loads and bending moments have to be resisted by 
cylindrical shells with the possible presence of external pressure, the most 
efficient stiffening system is that consisting of longitudinal stringers 
supported laterally by ring frames an d /o r bulkheads. Generally, the load 
carrying capacity of such a structure would consist of that of the stringer 
stiffened shell (carrying all the loads acting in the longitudinal direction) 
and of the load capacity of the ring frame stiffened shell to w ithstand any 
radially applied loads. Application of such structural arrangem ents to 
offshore structures is considerable but not widely used for the underw ater 
hull elements of SWATH ships as the load fields acting on the structure do 
not justify such an action.
Ring and stringer stiffened cylinders under the action of any combination of 
the above loads may collapse in any of the following failure modes:
(a) buckling of shell element between the stiffeners,
(b) interframe column buckling,
(c) tripping of stringers an d /o r ring frames,
(d) general instability.
General instability is designed out by the choice of conservative dimensions 
for the ring frames and based on procedures described in paragraph 4.7.1.2. 
Hence, the design of orthogonally stiffened cylinders proceeds as if it were 
stringer stiffened only for the failure modes (a), (b), (c) above.
4.7.4.1 Post-Buckling Strength of Orthogonally Stiffened Shell Elements 
Under Axial Compression
Shell buckling in axial compression is dependent on s / t  and L /s  ratios 
which correspond to b / t  and aspect ratio respectively in flat panel buckling 
theories. Similarly to flat panels, long narrow  shells present little shape 
sensitivity while for short wide shells post-buckling is unstable and very 
imperfection sensitive.
The critical buckling stress of shells in axial compression are given by the 
following formula attributed to Koiter [276]:
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' 12( l - v 2) l s J  c [ 0.702 Zs for Z„> 11.4
The first term  in the expression for kc corresponds to the buckling 
coefficient of long simply supported flat plates while the second term allows 
for the beneficial curvature effects. A knockdow n factor, Bpn, is 
recommended by the RCC proposals [100] to account for initial imperfection 
and residual stress effects:
a io = B P„ er„ and X = ^ a y/ a kt
where B converts the lower bound knockdown factor, pn, to a m ean one. 
Expressions for B and pn are presented in Appendix 4.6.
By analogy with flat plate effective w idth formulations presented in [31] 
(para. 4.2.5.1), and by introducing the shell curvature effect via the 
slenderness parameter X, the following expression has been derived by RCC 
to model the ultim ate strength of a curved plate in uniaxial compression. 
Hence, the effective shell width, se, and reduced effective w idth se, assumed 
to act with the stringer in postbuckling estimations [277] are:
1.05 0.28
_
s ^  K / <
1
Rr for X >0.53 
for X< 0.53
and
_
s
0.53
_m°y7®. 
1
Rr for A, >0.53 
for X <0.53
The residual stress reduction factor, Rr, has been based on the assum ptions 
used by Faulkner for flat unstiffened plates (para. 4.2.5.2) and is hence 
calculated based from the Ostenfeld-Bleich parabolae to represent the 
structural tangent modulus. The expression for this factor is presented in 
Appendix 4.6. The welding parameter r\ required in the determ ination of 
the level of residual stress reduction of strength in the structure, is generally 
taken as 4.5 for continuous fillet welds, 3.0 for light fillet welds, and 0 for 
stress relieved shells.
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M odelling of interframe column buckling would have to account for both 
the behaviour of the stringer and associated plating as a column, as well as, 
for the beneficial effect of the shell curvature on the effective w idth of the 
shell. At failure, a number of half-waves around the circumference of the 
shell and one-half wave between ring-frames is expected to occur. It was 
Faulkner at Glasgow [100, 254], who, influenced by the Bryant two term 
approach for pressure collapse of perfect ring framed cylinders, proposed the 
following expression [277]:
The first term  is the colum n term  while the second p resen ts the 
contribution of the unstiffened shell elem ent (i.e. the effect of shell 
curvature). The assumed knockdown factor is p9=0.75. The Ostenfeld-Bleich 
tangent m odulus expression is used to determ ine the inelastic buckling 
stress given by:
just as it was carried out for stiffened flat plates (para. 4.2.5.1). The average 
ultimate collapse stress is then obtained via:
where the effective width of the shell se is obtained from the expression for 
the effective w idth in compression of an axially loaded curved shell for 
o e = a ic and therefore an iterative calculation is necessary.
API Bulletin 2U proposes a discrete and an orthotropic method for checking 
against interfram e colum n buckling. As the orthotropic theory has 
advantages only for closely stiffened shells (and flat plates) (e.g. aircraft 
structures) when used for lightly stiffened shells, frames and stiffeners it 
may not adequately represent practical marine structures. Discrete beam 
solutions should hence be preferred for marine applications. APTs discrete 
solution is based on Faulkner's approach just presented above.
In a critical review of the available formulations (RCC [254, 255], DNV [66,
[(A ,+ se t) /(A ,+ s t) ]
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208], API Bui 2U [103], ECCS [248], for the design orthogonally stiffened 
cylindrical structures under axial compression the accuracy and robustness 
of the RCC model has been proved [277, 278] and is hence recommended for 
use herein. Tables 4.14 provides details of the modelling uncertainties of 
these expressions. Following a review of the RCC work, minor adjustments 
were made to the value of the knockdown factor assum ed, which led to 
only a small im provem ent in the m odelling uncertainty (identified as 
'Glasgow' in Table 4.14).
4.7.4.2 Strength of Orthogonally Stiffened Shell Elements Under 
External Pressure
Models for bay instability in orthogonally stiffened shells, have been 
presented by DNV, API and RCC. The API Bulletin 2U procedure has been 
based on work by Miller et al [103]. and present a bias and COV value as 
demonstrated in Table 4.14. Das et al [277] have improved the uncertainty by 
changing the adjustm ent coefficient Kp to Kp =0.98 + 0.12g/500 w hen 
g>500. However, as pointed out by Faulkner et al [277], the API has the 
drawback that it combines the purely elastic shell behaviour w ith totally 
plastic stringer behaviour. In addition, the original RCC proposal as 
presented in [254] has the disadvantage that its good accuracy (Table 4.14) 
stems from the choice of good 'curve-fitting' factors ( f ^ f ^ f g )  and not from 
detailed modelling of the structural behaviour. Such an approach is still 
pending. For the time being, a recent critical review of the RCC work [277, 
278] proposed the API-2U discrete procedure for design with a more detailed 
expression for the the effective pressure correction factor
which provides only a small improvement to the statistical uncertainty of 
the m odel in Table 4.14. Appendix 4.6 may be consulted for further 
information on the model and the parameters used in the expression above.
4.7.4.3 Modelling of Combined Axial Loading and External Pressure 
Effects
The expression presented by the RCC [99, 254, 255] to account for load
0.25 + 0.85 g/500 for g <  500 
0.98 + 0.12 g/500 for 500 < g ^ 2500
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interaction on cylindrical structures, is widely accepted to possess a better 
theoretical basis than any other existing proposals (which are semi- 
empirical in nature anyway). O dland's von Mises based m ethod [25] for 
unstiffened and ring-framed shells was extended by Faulkner and Warwick 
[99] to stringer stiffened shells and is of quadratic nature (para. 4.2.8 and 
Notation):
^R. V + RX R0
2 j( i -+;)(!-+;)
<1>X <t>e
-1 =  1.0
The advantage of this model, and indeed of the original Odland proposal, is 
that for stocky shell geometries it tends tow ards the von Mises yield 
criterion while for very slender structures it approaches a linear interaction 
between elastic buckling and yielding modes of failure. For some geometries 
it is possible to have combined collapse strengths higher than the material 
yield stress. This phenomenon occurs in tests but has not been modelled 
previously [277]. Comparisons with tests have yielded the bias and COV 
values presented in Table 4.14. The RCC model has also formed the basis for 
the API Bulletin 2U proposals on combined load interaction.
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Tables
Table 4.1: used in BS8118 for residual stress estimation [1].
S tra ig h t b u tt w e ld s  
Single pass 2 12
Two pass (single V) 512
Two pass (double V) 2 .5 12
it passes (single V) 7f2/Vn
n  passes (double V) 3.5 t 2J^Jn
T  b u tt (o n e  p a s s  p e r  s i d e ) 
Consecutive passes 2.512
Simultaneous passes 5(2
C o m e r  w e ld  
(Depending on 
penetration) 3l2 to I t 2
F ille t w e h ls  A u t o m a t i c  M a n u a l
Single fillet 6 t 2 lOf?
T fillet (sequential) t l ( 6 t l +  t2) f,(10f| + f2)
T fillet (simultaneous) 12l2 20f?
Cruciform fi(7fi + f2) f,(l lf,  + f2)
For butt welds, when the thicknesses (r, and t2) dificr, replace r  by f|f2. 
For fillet welds, is the greater thickness and f2 the lesser.
Table 4.2: Reduced tangent moduli assumed by Stowell for inelastic
buckling of flat plates in compression [1].
I =  length of plate, b =  width of plate
Boundary Conditions of Plate -3 II
Curve in 
Fig. <,.8
Long Flange
One unloaded edge free, the other 
simply supported
E .
E A
Long Flange
One unloaded edge free, the other 
built-in
§ [0 -4 2 8  +  0-286 ( l  +  3 | ) * ] B
Long Plate
Both unloaded edges simply sup­
ported
C
Long Plate
Both unloaded edges clamped |[ o - 3 5 2  +  0-324 ( l  +  3 | ) ' ] D
Short Plate
Loaded as a column (l/b 1) § 4 +4:) E
Square Plate
Loaded as a column (l/b =  1) §  (0-114 +  0-886 J ) F
Long Column 
i)
E t
E G
Table 4.3: Comparison of Faulkner' ultimate strength model for 
unwelded steel plates in uniaxial compression with 
experimental aluminium data.
6082 ALLOY 5083 ALLOY
BIAS COV BIAS COV
Faulkner 1.056 3.60% 0.9 5 9 4.70%
Scalar Correction 1 3.63% 1 4.71%
Linear Correction 1.0065 3.53% 1.0011 4.72%
0.002*beta+1.004 -0.002*beta+0.962
Population: 11 tests
Table 4.4: HAZ softening factor w as identified in BS 8118 [191.
. HAZ softening factor kz : w
Alloy Condition Product
(see note 1)
w
Non-heat-treatable
1200 H14 S 0.13
3103 H14 S 0.18
H18 S 0.13
3105 H14 S 0.17
H16 S 0.15
H18 S 0.13
5083 0, F E, S, P, DT 1.00
H22 S ,P 0.45
5154A 0, F E, S, P 1.00
H22 S ,P 0.40
H24 S, P 0.29
5251 F WT 0.20
F F 1.00
H22 S ,P 0.35
H24 s, P 0.24
5454 0, F E, S, P 1.00
H22 S 0.35
H24 s 0.30
Heat-treatable
6061 T6 E, DT 0.50
6063 T4 E 1.00
T4 DT 0.65
T4 F 0.80
T5 E 0.75
T6 E, F 0.50
T6 DT 0.45
6082 T4 E, S, P, DT, F 1.00
T6 E, S, P, DT, F 0.50
7020 T4 E, S, P 0.80(A) 1.00(B)
T6 E, S, P 0.60(A) 0.80(B) 
(see note 2)
NOTE 1. In the product column, E, S, P, DT, WT and F refer respectively to extrusion, sheet, plate, drawn tube, welded tube and 
forgings.
NOTE 2. Fbr 7020 material refer to 4.4.2.2, for the applicability of the A and B values.
AD?
Table 4.5: Comparison of proposed ultimate strength model for welded 
aluminium plates in 5083 alloy in uniaxial compression with 
experimental aluminium data.
LONG. WELDS TRANS. WELDS LONG+TRANS ALL WELDS
5083 ALLOY BIAS COV BIAS COV BIAS COV BIAS COV
Original
No Imp. Correction 0 .955 5.96% 0.969 3.56% 1.004 * 0 .9 1 3 7.48%
With Imp. Correctn 1 6.07% 1.011 3.55% 1.048 * 0 .959 4.70%
Scalar Correction
No Imp. Correction 1 5.96% 1 3.38% 1 * 1 5.58%
With Imp. Correctn 1 6.07% 1 3.56% 1 * 1 5.67%
Linear Correction
No Imp. Correction 0 .9 9 6 5.13% 1.04 3.44% 1.075 * 1 .003 5.17%
With Imp. Correctn 0 .9 9 6 5.11% 1.04 3.42% 1.074 * 1.003 5.15%
Population: 19 tests 2 tests 1 test 22 tests
Table 4.6: Comparison of proposed ultimate strength model for welded 
aluminium plates in 6082 alloy in uniaxial compression with 
experimental aluminium data.
6082 ALLOY
LONG. WELDS TRANS. WELDS LONG+TRANS ALL WELDS
BIAS COV BIAS COV BIAS COV BIAS COV
Original
No Imp. Correction 
With Imp. Correctn
1
0 .9 5 7
5.26%
5.70%
0.887
0 .837
8.26%
8.22%
0.841
0 .795
7.19%
7.07%
0 .9 5 9
0 .9 1 5
8.80%
9.42%
Scalar Correction 
No Imp. Correction 
With Imp. Correctn
1 /C 
1 
1
).957
5.26%
5.70%
0000o 
T_
7 / 0.837 
8.26%  
8.19%
0.841/
1
1
r0.795
7.19%
7.06%
0.959
1
1
/0.915
5.62%
5.87%
Linear Correction 
No Imp. Correction 
With Imp. Correctn
1.035
1.039
5.35%
4.94%
0.92
0 .90
7.62%
4.28%
0.87%
0.87%
6.58%
3.30%
0.9 9 2
0 .9 9 2
8.77%
8.77%
No imp: 0.957+0.004*beta With imp: 0.861 +0.024*beta
Population: 14 tests 3 tests 3 test 20 tests
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Table 4.7: Formulae for y* for the most frequently encountered cases of
stiffened webs, plates and flanges (continued) [1291.
Kind o f  stiffening and loading Range o f  validity
«1 1 . -i SiJP*'
1—
 
z/q
1
k 4
a* at) -8
* 1 w 1
4
n
-«1 CiSt -fi
-  m m *
A  J
8. f . .  1 S.
A J
a <0-5
a >0-5
y* =  1-3
y* = 2 - 4 +  18-4<5
'y* =  (12 +  92<5)(a — 0-3) 
with the maximum value 
.y* =  16 +  200*5
a .a o  I U1
0-5 <  a <  1-5 y =  3-87 +  5-la +(8-82 +  77-6<5)a2
0-6 £ a  £0-935 y * - 6 - 2 - 12-7a +  6-5a2
a >  0-935 practically ineffective
1 *1
o • ab
Hint 1
-S- fV
0-5 £  a £  2-0 y* =  5-4a2(2a +  2-5a2 — a3 -  1)
0 - 3 £ a £ l - 0  y* =  12-la2(4-4a — 1)
0-5 <  a <  2 0 y* =  7-2a2(l -  3-3a +  3-9a2 -  1-la3)
0 - 5 < £ t s 2 0  +
a \ a  a a
* 12-1 /4-4
10  <  a <  3-3 y* =  I  1
a V a
0-5 £ a  <2-0 y* =
0-2 <  a <  1-0 y* =  —=■ — 20
7 2 /  3-3 3-9 1-1
a \  a a2 a3
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ITable 4.7: Formulae for y for the most frequently encountered cases of
stiffened webs, plates and flanges (final) [129].
Kind of stiffening and loading Range of validity
. 0«t«1 J,
T8, I ____1 T 8i
i  V/M 7////A  i '
T •  I « ,M M  Si
Di I o. ab I "i
fa2 , a4 1+25
a < >/(8(l +  25) — 1) y* = (0-53 + 0-47^) <— [16(1 + 2 5 ) - 2 ] - y  +  — —
a > ^(8(1 + 25) -  1) y* — (0-53 +  0-47^) [8(1 +  25) -  l ]2
/ a2 a4 1 +  35
a < 7(18(1  +  35) -  1) y* =  — [36(1 +  35) -  2 ] - y  +  - y -
a >  7 ( 1 8 ( 1 + 3 5 ) - 1 )  y * = j [ 1 8 ( l + 3 5 ) - l ] 2 + i ^
a <  n 7 (2 ( l  +  «5)) y* = -  [4n2(l +  nS)a2 — a4]
n
a > « 7 ( 2 ( l + ^ ) )  y * « 4 / i3( l +/t5)2
81 I a . a b  I 6 1
I ]
0-4 S a S  1-4
a >  1-4
0-9 £  a £  1-1
y =
2 (x ^  \  ir<x ( 1 — —----- — 1
V 12a- 4 8 /  
practically ineffective
(1 + a 2)2[(l +  25,) — 1]
yr=-
where
2(1 + p a 3)
P - - - Jy, i,
subscript / is related to longitudinal stiffener 
subscript t to transverse stiffener
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Table 4.9: Comparison with experimental data of the main ultimate
strength model predictions for steel plate girders [197,279].
METHOD TRANSVERSE STIFFENERS ONLY TRANSVERSE AND LONGITUDINAL 
STIFFENERS
no. of tests mean st. dev. no. of tests mean st. dev.
HERZOG
(Aanui)
42/164 0.99/1.04 0.2/0.19 48/73 1.01/1.05 0.21/0.16
EVANS. PORTER, ROCKEY 
(Cardiff)
44/164 1.02/0.98 0.06/0.06 66/73 1.0/1.0 0.07/0.07
BERGFELT
(Gotheoberg)
33 0.99 0.12 X X X
STEINHARDT A VALTINAT 
(Karishnihe)
78 0.97 0.14 102 0.96 0.14
OSTAPENKO et al 
(Lehigh)
48 1.02 0.12 60 1.02 0.11
KOMATSU
(Osaka)
36 1.07 0.17 X X X
ROCKEY AS KALOUD 
(Cardiff-Prague)
32 0.98 0.08 46 0.99 0.07
HOGLUND
(Stockholm)
33 0.96 0.11 X X X
FUJH
(Tokyo)
40 0.95 0.15 X X X
DUB AS 
(Zurich)
30 0.79 0.25 X X X
EUROCODE 3 164 1.08 0.16 73 1.09 0.13
EVANS
(Cardiff-1988)
164 1.04 0.14 73 1.27 0.24
Table 4.10: Equivalent slenderness ratios for buckling of flat plates 
between stiffeners as suggested by the ALCAN design 
recommendations [217].
Slenderness Ratios for Buckling of Rat Plates Between Stiffeners
SUMS Required 
Moment of Inertia 
of stiffener
/,<»
For the plat* of area, a x b
1. Compression
If
! b y  *  
0.03 -  bP
Edges pinned:- 
3.3
1 + (sr
-  «  t.63  -  
t t
— ■
a
r 7’
—  1
— - —  b
— ► —  t
All edges fixed 
2
X = slenderness ratio lor plate between 
stiffeners 
A' = ares of stiffener 4- bt
0.6 4-
-  < 1 .2 4 -  I t
2. Bending
a
—- bIS —
t J bl ( —“■
2| -  | (4A + bt)
A “  area of stiffener
Edges pinned:- 
b
0 .2 9 -
t
3. Shear
I
Vfc* 
10£ 
V =
Edges pinned:- 
1.1
maximum shear force 
at stiffener , - o-7S(l)’r '
AH edges fixed:-
0.85 a
1 4-0.631
d r
Slenderness Ratios for Flat Panels With Multiple Stiffeners and Corrugated Sheet
Strees 3 «>
Stiffened flat sheet Corrugated sheet Stiffened flat sheet Corrugated sheet
4. Compression
b 0 •■a'
3*> 2.3 —t
w r
fib
2) 0.7 —
5. Shear 1) 1.5
2) 1.5 r0’
1) 0.45
2) 0
(1) / ,  is the inertia required of a stiffener to compel the plate to buckle between stiffeners.
(2) If longitudinal stiffeners are prseent the inertia, l„ is increased by the ratio of the load carried by the longitudinally stiffened plate to that carried by the plate with
transverse stiffeners only.
(3) The budding stress is 0.6 of that given by this slenderness ratio.
(4) fJf> is the wave length of the budds. For values of a less than $b, expression 1) gives X. For greater values of a, expression 2) gives X.
1 of stiffener
Nomenclature 
A -  cross-sectional <
A' • A  4- bt
a « dimension of panel in direction of stress 
b -  dimension of penal at tight angles to direction of stress 
F, -  shear buckling stress
/  » moment of Inertia per unit widtii of stiffened sheet 
/ ,  -  moment of inertia of a *rigkr stiffener
r » radius of gyration of stiffened sheet
t -  thickness of well
V -  maximum sheer loroe at a stiffener
3 •  factor to give wave lengtit of buckle, 3*
t) •  ratio of developed to net widtit of corrugated sheet.
Table 4.11: Bias and COV values for the strength m odelling of perforated 
deep plate girders loaded in  'p u re ' shear. Bias is taken 
normally distributed (exp./theor.).
Perforation Pop. Bias COV(%) Ref.
Webs having central circular holes
(A) Accurate Method 19 1.209 8.31 [235]
(B) Approx. Method
Rockey & Narayn appn
19 1.179 8.67 [228]
W ebs with comer 
circular holes
8 1.094 7.12 [225]
W ebs having central 
rectangular holes
Webs with eccentric holes 
(A) Accurate Method
11 1.14 8.27 [232]
(a) Rectangular 3 1.293 1.5 [227]
(b) Circular 8 1.068 3.16 [227]
(c) All
(B) Approx. Method
11 1.129 9.7 [227]
(a) Rectangular 3 1.186 7.75 [227]
(b) Circular 8 1.063 9.0 [227]
(c) All 11 1.019 13.1 [227]
W ebs having central 
circular holes with 
reinforcem ent
22 1.067 11.5 [223]
W ebs having central 
rectang. holes with 
reinforcem ent
8 1.17 3.7 [223]
Table 4.12: Mean design curve for interframe shell collapse through 700 
data points [261].
0
' c
0 -
' CD
0 . 
* CD
0 . 0 0 . 0
0 . 2 0 0 0 . 2 5
0 . 4 0 0 0 .5 0 *
0 . 5 0 0 0 . 7 5
0 . 7 3 4 1 .0 0
0 . 7 9 0 1 . 2 5
0 . 3 3 1 1 . 5 0
0 . 3 6 5 1 .7 5
0 . 8 9 4 2 . 0 0
0 . 9 1 9 2 . 2 5
0 . 9 4 1 " 2 . 5 0
0 . 9 6 0 2 . 7 5
0 . 9 7 7 3 . 0 0
0 . 9 9 2 3 . 2 5
1 . 0 0 4 3 . 5 0
1 . 0 1 7 3 . 7 5
1 . 0 2 3 4 . 0 0
1 . 0 3 8 4 . 2 5
1 . 0 4 7 4 . 5 0
1 . 0 5 5 4 . 7 5
1 . 0 6 3 5 . 0 0
1 . 0 7 0 5 . 2 5
1 . 0 7 7 5 . 5 0
1 . 0 8 4 5 . 7 5
1 . 0 9 1 6 . 0 0
1 . 0 9 8 6 . 2 5
1 . 1 0 5 6 . 5 0
1 . 1 1 2 6 . 7 5
1 . 1 1 9 7 . 0 0
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Table 4.13: Bias and COV values for strength modelling of ring stiffened
cylinders and dome ends.
Model Bias COV Com m ents
A. RING STIFFENED CYLINDERS
A l. External Pressure Only
Interframe Shell Collapse
BS5500 (mean) 1.048 12.99 over all slenderness range [163]
Cho/Frieze 1.001 6.80 [257]
O dland/Faulkner 0.973 7.90 [99,244] (paragraph 4.2.8)
General Instability
Pa 1.25 15.2 76 machined cylinders [163]
p„ 0.95 12.6 72 numerical results [163]
p„ 1.303 5.5 24 experiments [163]
O verall Collapse-Frame Yielding
BS5500 (o tf) 2.48 62.0 35 fabricated models [163]
a ff 1.10 10.0 in  [163] using the MoD Cn
approach and summing the first 6
deform ation com ponents
Overall Collapse-Shell Yielding
°yp 1 0 13.0 Morandi [163]
Tripping -
Faulkner 1.0 15.0 No exp. or num. data [163]
M orandi 1.0 15.0 No exp. or num. data [163]
B. DOME ENDS
BS5500 1.017 15.53 complete range of pc/Py, [163]
Faulkner 1.0 14.0 60 torispherical tests only [274]
1.0 15-16 tori-/hemi-spherical tests [274]
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Table 4.14: Bias and COV values for strength modelling of orthogonally
stiffened cylinders.
C. ORTHOGONALLY STIFFENED CYLINDERS
Cl. Axial Compression Only
Interframe Column Buckling
RCC 1.02 13.3 52 steel & al. offshore tests [276]
Glasgow 1.01 13.2 Recalibration of RCC work [276]
DnV 1.01 25.1 52 steel & al. offshore tests [276]
API-2U (orthpic) 0.87 24.0 52 steel & al. offshore tests [276]
API-2U (discrete) 0.99 18.4 52 steel & al. offshore tests [276]
ECCS 1.27 27.7 52 steel & al. offshore tests [276]
C2. External Pressure Only
(a) Radial Pressure
RCC 0.97 10.3 11 steel tests [276]
Glasgow 1.14 13.4 Recalibration of RCC work [276]
DnV 1.40 39.0 11 steel tests [276]
API-2U (orthpic) 0.87 46.2 11 steel tests [276]
API-2U (discrete) 1.21 14.5 11 steel tests [276]
(b) Hydrostatic Jtessure
RCC 1.012 13.0 10 tests [99,244]
DnV 1.377 40.2 10 tests [208,244]
API-2U 1.029 21.0 10 tests [244]
C3. Combination of External Pressure and Axial Load
Interframe Column Buckling
RCC 1.09 24.8 Parabolic intn-35 steel tests [276]
Glasgow 1.09 24.8 Recalibration of RCC work [276]
DnV 1.68 25.3 Circular intn-35 steel tests [276]
ECCS 1.387 37.98 Linear intn-21 tests [244]
API-2U (Discrete) 1.13 16.3 35 steel tests [276]
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Figures
Figure 4.1: The Tendon Force concept [1],
COcn
Figure 4.2: 'Parent-softened-material' model by Hill et al [17].
(a)
U l « O » 7O0  .5066 n r- \lQ2 0 2 •«»»»»*«•-2
0.2
<U
0.2
02
os
07
44
0 2* JJOS9**w»—20.2'
OJ
02
0.20.2
02 02
02
0 4
«  < <60 > 7 00  ,5066 r  -  \
*0 , .  H4MNM-2 0.2
0,2»td
~ 2
(b )
I t
U)
00
OS
Q4
0302
0.2
010
I2 i t 6 0 i  700 ,
7020 C
*0 2* — 2
II
X
i
114
. t o  -
0 9 .
0 9
i . 07
0 9 -
0 5  ■
0 4  ■
0 2 O J -
0 2  -
0 ' 1
 i i
QSAI
parent
material
Idealized
rounded knee 
( index n*) o > n
educed strength  
zone (RSi )
sharp knee /  
( index n
DISTANCE FROM CEKIRE UNE Of WEIO 01102
25 * 3 20  ■ 9 0 0
*Q2 * 3<U4Hnw-2
Figure 4.3: ECCS models applicable to butt-welded joints for (a)
residual stress and (b) HAZ strength reduction [1],
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Figure 4.4: ECCS models applicable to built-up welded sections for (a)
residual stress and (b) HAZ strength reduction [1],
Figure 4.5: Kelsey's original model assuming a three-part distribution
of strength in the welded section [17],
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Figure 4.6: Extent of HAZ softening as proposed in BS 8118 [19].
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Figure 4.7: Graphical representation of the tangent m odulus
reduction in the inelastic buckling of columns [2 9 1 .
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Figure 4.8: Theoretical variation of Stowell's coefficient r| for various
types of plate buckling in compression [1261.
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Figure 4.9: Effect of welding and weld orientation on the buckling
strength of aluminium struts [531.
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Figure 4.10: Comparison of steel plate ultimate transverse strengths as
recommended by a number of design formulations [6 5 1 .
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Figure 4.11: Aspect ratio correction coefficient for elastic small
deflection theory maximum deflection expressions [78].
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Figure 4.13: In-plane boundary condition effect on plate stiffness [7 9 ].
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Figure 4.14: Spread of plasticity through a uniformly loaded plate with
clamped edges [79].
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Figure 4.15: Clarkson plate design curves.
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Figure 4.16: Clarkson's elasto-plastic design curves for edges free to
slide [84].
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Figure 4.17. Agreement of Faulkner's elasto-plastic expression with 
Clarkson's experimental data [42].
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Figure 4.20: Interaction curve comparison for biaxial compression [67].
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Figure 4.22: Tension field loading on the vertical stiffener of a deep
plate girder [2 0 0 1 .
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Figure 4.23: Ardali's percentage increase in strength of shear webs with
the number of longitudinal stiffeners [2 0 0 ].
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Figure 4.24: M assonnet's chart for the optimum positioning of a
longitudinal stiffener on a web plate, under the action of 
different shear to bending stress ratios (^ = x / g )  [138].
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Figure 4.25: Estimation of the rotational restraint Cs of the plate on
stiffener tripping by Faulkner [154].
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Figure 4.26: Critical buckling coefficients for flat web plates under
various in-plane, edge loading conditions [1 ].
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Figure 4.27: Three stages to failure of a girder web panel in shear [200].
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Figure 4.28: The contribution of the three strength terms to the total
ultimate strength of a stiffened girder panel in shear [127].
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Figure 4.29: Summary of ultimate strength models for deep plate
girders in shear [280].
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Figure 4.30: Analytical modelling of the behaviour of a girder panel in
shear based on the Cardiff assumptions [185].
1.0
o . a
0 . 5  v « iu « i  a
V, 
vv y 0 .4
0.6 -
0 .7 5
0-2
O .S r
O.a
0 . 3
V y 0 . 2 2 .0
4 0  a o  120 160 2 0 0  2 4 0  2 8 0
250
0 .5  Vatw«i «r a2.0
0 .7 5
2.0
2.50 .8
4 0  8 0 120 160 2 0 0  2 4 0  2 8 0
250
Figure 4.31: Graphical representation of the effect on the individual
strength components of the aspect ratio and slenderness of 
the web plate [127].
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Figure 4.32: Relations between ultimate shear strength, optimum
angle of tension band inclination, and the positions of the 
plastic hinges on the flanges, with flange rigidity M* [198].
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Figure 4.33: Variation of the ultimate strength of a deep plate girder
with the inclination of the membrane field according to 
the Cardiff model [185].
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Figure 4.34: Tension field models for longitudinally stiffened webs [150],
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Figure 4.35: Interaction diagram between shear and bending effects as
proposed by the Cardiff approach [2 0 0 ].
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Figure 4.37: Interaction diagram between shear and bending effects as
proposed in BS 5400 [96].
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Figure 4.38: Interaction diagram between shear and bending effects as
proposed in BS 8118 [194].
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Figure 4.39: Stress coefficients applicable to the' design of aluminium
girders in the Aluminium Association proposals. I is the
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Figure 4.40: Comparison of the Aluminium Association predictions
with welded aluminium girder test results [219].
Figure 4.41: Effective width approach and analysis of the shear
ultimate strength of a web plate with centrally located, 
reinforced cut-out. 1223, 226].
452
v  ) c r 'rcd
M4
-^ Sr- A r
(a) (b)
Figure 4.42: Ultimate strength m odelling for a web plate with a
rectangular cutout bearing an (a) adequate (b) inadequate 
reinforcement [223].
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Figure 4.43: Variation with the thickness and width of the reinfor­
cement, of the critical buckling coefficient for a reinforced 
rectangular opening [223].
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Figure 4.44: Variation of the flange hinge position with the diameter
of a centrally located, circular cutout [228].______________
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Figure 4.45: Variation of the optimum angle of inclination of the
tension field with the depth of a rectangular cutout [2261.
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Figure 4.46: Effect of the cutout size on the plastic hinge positioning
on the flanges [235].
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Figure 4.47: Analytical model for the shear ultimate strength of a web
panel containing a centrally located rectangular cutout [232].
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Figure 4.48: Ultimate strength reduction with the increase in the
depth of centrally located, unreinforced, rectangular 
cutouts on a girder web plate [232].
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Figure 4.49: Analytical model for the shear ultimate strength of a web
panel containing a centrally located, rectangular, 
reinforced cutout [223].
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Figure 4.50: Effect of the size of a comer located web perforation on the
tension field width and the position of flange plastic 
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Figure 4.51: Analytical model for the shear ultimate strength of a web
panel containing a comer located, circular, unreinforced 
cutout [225].
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Figure 4.56: Inclination of tension bands and internal forces for knee
joints of deep plate girders [242].
Figure 4.57: Bodarski's experimental investigations [239].
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Figure 4.58: Force, moment distribution on a flat rectangular comer
plate and tension field geometry as assumed by Scheer [2391.
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Figure 4.61: Notation of the geometry of ring framed cylinders [256].
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Figure 4.63: Variety of geometrical shapes in underwater hulls [256],
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CHAPTER 5
5.0 Reliability-Based Multiple Criteria Optimisation of a Fast 
SWATH Ship
5.1 Introduction
The increasing interest in recent years in fast multi-hull vessels such as 
catamarans, SWATH and surface effect ships, coupled with the critical 
weight arising from their relatively small waterplane area and much greater 
speed requirements, has lead to the need for a more rational approach to 
their structural design. Improvements in design can be expressed by the 
availability of reliable and accurate analysis tools, as well as in decision­
making techniques both providing the potential of validating new concepts 
and generating competitive designs. An earlier presentation [1] outlined the 
main aspects of such a rational procedure by applying it to a simple 2-D FE 
model of a SWATH structure, the strength criteria based on DNV 
Classification Note 30.1 and limited to plate failure modes under in-plane 
compression. In a more recent paper [2],the design formulations were 
extended to ultimate strength considerations and the optimisation was 
carried out at component level. The number of components analysed was, 
however, limited to the cross-deck and cylindrical hulls and the analysis for 
the cross-deck was eventually of a deterministic nature due to unforeseen 
problems in the development of the computer code. The same load actions 
were used, as in the previous application [3].
This chapter brings together, under a global reliability-based optimisation 
procedure, all the main structural elements of a section of a SWATH ship, 
namely the cross-deck web frame structure, flat stiffened panels in the wet 
deck, haunch, the waterplane struts and finally the submerged cylindrical 
hulls (Fig. 5.1). Ultimate strength limit state modelling is used throughout. 
Hence, cross-deck design is based on the tension field approach to the design 
of deep web plate girders under shear, bending and combined loads and 
inclusive of the effects of lightening holes on strength. Flat stiffened panel 
behaviour is checked against stiffener tripping, interframe collapse and 
excessive stressing of the plating under lateral pressure loads. The 
submerged hulls are checked only against bay instability. Statistically, these 
failure modes are treated independently and adequate properties for the 
corresponding modelling uncertainty factors are based on comparisons with 
experimental information collected from the open literature. The safety
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check for the individual failure modes is carried out using AFOSM 
reliability methods. For the system reliability, Ditlevsen bounds are used.
Design optimisation is achieved by filtering efficient (non-dominated) 
solutions obtained via sequential random generation of designs in the 
feasible design region. Final selection is performed by a goal programming 
approach which accounts for the designer's preferences. It was the structural 
weight, cost and minimum safety (reliability index) that were considered as 
design attributes. Aluminium alloy material, as well as realistic fabrication 
constraints, are incorporated in the analysis. The global design model was 
run on a RISC workstation connected to a Meiko supercomputing surface 
for parallel processing. The results are discussed and compared with actual 
design values of a SWATH in operation, and design alternatives with 
minimised weight and cost are presented. It is shown that cost, weight and 
safety can be included in the design process straight from the design concept 
level, as opposed to the current minimum weight design approaches.
5.2 The Optimisation Routine
The requirement in any design optimisation process is that, the final 
optimised design should satisfy a large and often conflicting number of 
limit state criteria, for a number of structural configurations being acted 
upon a variety of load combinations. The variety of types and conflicts in 
the requirements in such a process forms a fertile ground for the use of 
multiple criteria decision making techniques [4].
5.2.1 The Analysis versus the Design Approach
Each design option is identified as a point in the NV-dimensional design 
space X (Fig. 5.2), and its co-ordinates (design point) represent an individual 
set of the design variables under consideration. NV is the number of design 
variables (paras. 5.3, 5.5). Every design option can also be considered as a 
point in the NA-dimensional attribute space Y, NA being this time the 
number of design attributes (para. 5.6.3). Linear constraints (para. 5.6.1) limit 
the design space X to a subspace (of X) consisting only of feasible designs fit 
for analysis. Subsequent mapping of the design space X on to the attribute Y 
space (i.e. the evaluation process) corresponds to the calculation of the 
attribute function values for every individual set of design variables 
representing feasible designs. The reverse process is known as design.
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The main difficulty that arises in establishing the design variables during 
the design process, given a set of design attributes, is the frequent 
requirement to solve non-linear equations which require the application of 
sophisticated convergence checks and/or linearisation methods. It would 
obviously be a lot simpler to choose randomly a large number of sets of 
design variables, establish the values of the design attribute functions, and 
hence choose the set of variables that satisfies most closely the designer's 
requirements. The only difficulty presented by this approach is that a very 
large number of designs will have to be chosen and tried individually on 
the functional criteria (e.g. ultimate strength formulations, attribute 
functions, etc.) before a final choice is made. The development of computer 
hardware, and availability of parallel processing with increased 
computational speed, make the substitution of the design process by a large 
number of evaluation processes worthwhile, in addition to permitting the 
use of more complex, and potentially more accurate, strength analysis 
functions. An additional advantage of such an 'analysis' approach is that the 
design procedure only requires a comparison of competing designs and 
therefore relative and not absolute values of design attributes are sufficient.
5.2.2 The Design Methodology
The design method used herein for structural design of the example 
SWATH ship (para. 5.3) consists of four main stages:
1. a stage for the specification of design variables (para. 5.3) and definition 
of the design goals (minimisation, maximisation)
2. a synthesis stage, generating designs in the feasible region of the design 
space. It is important that a sufficiently large set of designs is generated 
so that a reasonable number of them filters through to the next stage.
3. an analysis stage containing:
(a) the definition of the design loads and consequent structural res­
ponse estimation via FE modelling (para. 5.4)
(b) a safety check against a library of serviceability and limit state 
failure modes (design criteria - para. 5.6.2)
(c) the reliability analysis (para. 5.7)
(d) the estimation of the attribute function values (para. 5.6.3).
4. a selection stage at which the choice among the non-dominated pre­
ferred solutions is made by means of some ranking technique.
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Non-dominated solutions are those that correspond to designs which are 
better than any other feasible design in at least one objective, while the 
preferred solution is that selected from the non-dominated designs when 
the designer's preferences are introduced in the process. This is possible via 
the use of multiple criteria decision making techniques such as 
lexicographic ordering, value or utility function construction or goal 
seeking [5]. Filtering of non-dominated designs among feasible ones is 
performed with the simple 'more is better' dominance structure (Pareto 
dominance), a very efficient dominance algorithm according to Zanic et al 
[5]. These non-dominated solutions are then used for the generation of 
further non-dominated designs in a more concentrated region of the design 
space (adaptive random generation of further nondominated designs) 
which is then fed into a goal programming routine reflecting the designer's 
preferences with respect to the set of attributes.
These designer preferences are identified by the program as inter- and 
in tra -a ttr ibu te  preferences and are treated separately. I n t e r - a t t r ib u t e  
preference refers to the relative importance of different attributes and is 
expressed in the form of weight factors [5]. The scale of comparison ranges 
from the case of 'equal importance of both attributes' to the case of 'absolute 
preference of one attribute over the other' (scale 1-9). In t r a -a t t r ib u te  
preference refers to preference within one attribute and is imposed on the 
process once a set of feasible designs has 'filtered' through the safety checks. 
A grading function is then defined for this set to express the designer's 
preference with respect to the attribute value. A more detailed description is 
provided in [6]. The analysis of the attribute space in search of the optimal 
solution is further facilitated by the graphic capabilities available by the 
program. This capability renders the process highly subjective as it 
encourages the specification of differing goals in the analysis, the 
modification and ranking of the designer's preferences thus allowing the 
designer's experience to filter through into the design process. The graphic 
capabilities provide the designer with some insight into the multi­
dimensional design and/or the attribute space enabling:
• the inspection of the positions of maxima/minima of the attributes and 
the identification of any inherent penalties for departing from the 
optimum solution
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• a better understanding of the design and attribute spaces (e,g. trends, 
ranges, 'good' points, multiple peaks, etc.)
• the identification of those design variables that lead to favourable at­
tribute values and to reduction in the design space size.
More of the functional capabilities of the optimisation computer 
code/routine can be obtained from [1, 5]. The remaining part of this chapter 
will describe very briefly the characteristics of the computer program written 
by the author to provide the library of ultimate strength and serviceability 
constraints, as well as the stages in the process and the underlying 
assumptions as to the decisions taken in the reliability based optimisation of 
a specific SWATH structure.
It is perhaps worth mentioning that the whole procedure, due to the speed 
required and the complexity of calculation (over 25000 statements of 
optimisation code and 20000 statements of analytical modelling), was 
located on the transputer based 'computing surface' with 25 processors in 
parallel work at Glasgow University. The modular nature of the 
optimisation routine, and the interaction between the calculation modules, 
are described briefly in [1]. The development of the optimisation software 
used, and its adjustment into a parallel processing environment, was 
carried out at Zagreb University during 1990-92 by Professor Vedran Zanic 
and his collaborators, and was made available for this work during a 
research collaboration between Glasgow and Zagreb during the period 1992- 
93 under funding from the Joint Research Centre of the Commission of the 
European Union.
5.3 Application of the Optimisation Process to the Design Particulars of 
the Example Ship
FBM Marine's MV PATRIA, with particulars as shown in Table 5.1, was 
used as the design example case for application of the optimisation method. 
The structure is made of two aluminium alloys, the 6082 and 5083. The 
extruded sections (bulkhead plating, deck plating, side plating, haunch and 
strut) were constructed of the 6082-T6 heat-treated alloy, while the 
remainder of the structure (shell plating, constructed sections and deep 
frames) was made of the work-hardened 5083-H116 alloy which, being work 
hardened, also suffers from HAZ softening effects (para. 4.1.2, Chapter 4). 
The material characteristics considered are therefore as follows:
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Parent Proof Stress 
(N/mm2)
Factor for HAZ 
Strength Reduction
Tension Comp. Shear
6082-T6 255 255 155 0.5
5083-H116 215 180 130 0.45
The main structural elements of the vessel are the cross-deck web frame 
structure, flat stiffened panels in the wet deck and haunch, waterplane struts 
and the submerged hulls (Table 5.2 and Figs. 5.1, 5.10). The frame spacing 
was 1250 mm throughout. The upper and wet decks are made from 4 mm 
aluminium extrusions which incorporate T-section longitudinals spaced 
333 mm apart. Between frames and bulkheads are two transverse stiffeners 
of aluminium bulb sections 76 mm deep, extending in the cross-deck box to 
just outboard of the haunch where they discontinue. The cross-deck deep 
plate girders are constructed of 4 mm plating, with vertical stiffeners (40x5 
flat bars) positioned 1000 mm apart, the subpanels thus identified carrying 
400 mm diameter perforations. Furthermore, the haunches and struts are 
constructed of 6 mm extruded planking also carrying T-section 
longitudinals spaced 333 mm apart. Framing in the haunch and struts 
consists of extruded T-sections (200x6/75x10) over their complete lengths. 
The lower hulls are constructed of 6 mm shell, stiffened with fabricated T 
sections (200x5/75x10) and aluminium bulb sections 76 mm deep as 
longitudinals stiffeners.
For analysis, each of the structural elements is allocated its own set of design 
variables introduced as input and which may be categorised as follows:
(a) Material properties which consist of Young's modulus, material 
yield stress, type of material (steel or aluminium), type of alloy if the 
material is aluminium, Poisson's ratio, and density. Different materials 
(alloys or even type of material) can be allocated to each of the five 
structural elements, although the structural components of each of these 
elements must be of the same material. The term 'yield stress' implies either 
the yield stress of the material in the cases where steel is considered, or 0.2% 
proof stress in the case where an aluminium alloy is used instead. The
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magnitude and extent of HAZ reduction effects for aluminium alloys are 
taken as recommended in BS 8118 (para. 4.1.2).
(b) Stiffener specifications in the longitudinal and transverse direction 
which consist of the type of profile (e.g. flat bar, bulb flat, angle, Tees), the 
dimensions of the web and flanges, the depth of the stiffener and the area of 
the bulb flange (if the stiffener is a bulb-flat). Each structural component 
may have a different type of stiffener in the transverse direction from that 
in the longitudinal direction (e.g flat bars intersecting Tees, etc.) and such a 
case is accommodated by the program.
(c) Global dimensions  identifying the main structural components. 
These are the depth and width of the stiffened plating of the strut (1650 
mm/1250 mm) and haunch (1900 mm/1250 mm), diameter of the 
underwater hulls (1800 mm), depth of cross-deck web (1000 mm), frame 
spacing (1250 mm), length of the cross-deck (14000 mm) and the length of 
the assumed corner joint (3000 mm). Similarity in structural arrangements 
and dimensions exists and is assumed (during optimisation) between the 
wet and main decks and the inner and outer parts of the haunch and the 
struts.
(d) Secondary dimensions and variables of those elements of the main 
structural components against which the safety checks will be carried out. 
This category consists of the number of stiffeners (and hence stiffener 
spacing) in both the global longitudinal and transverse directions, which 
identify both the stiffener lengths and the aspect ratios of flat plating on the:
• decks (2 longitudinals on the flanges over the distance identified by the 
vertical stiffeners of the girder web and 2 transverse stiffeners over the 
frame spacing distance)
• haunch (5 longitudinals and no vertical framing between any two 
adjacent frames)
• strut (4 longitudinals and no vertical framing between any two adjacent 
frames).
The number of vertical (6) and longitudinal stiffeners (0) on the web of the 
cross-deck may also be placed in this category. The optimisation routine and 
its random generator provide real numbers with decimal places as input 
values to the design variable, which is non-realistic when the design
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variables represent the number of stiffeners! Hence, these numbers were 
rounded down to the nearest integer, an action that considerably delayed the 
execution of the process.
The indication of the presence on the web plates of the cross-deck of any 
perforations and their diameter/effective diameter (400 mm), as well as the 
number of frames between watertight bulkheads, is important additional 
input. The thicknesses of the plating on the individual decks (4 mm), struts 
(6 mm) haunch (6 mm), cylindrical shells (6 mm) and of the cross-deck web 
(4 mm), also require identification.
(e) The num ber and identification o f the normal and  log-normal 
variables assumed in the reliability analysis for each structural element 
(para. 5.7).
(f) The load fields acting at the edges of each of the main structural 
components. The maximum value of these stress fields is assumed for 
simplicity and conservatism to apply throughout the structural element and 
thus any diffusion of loads in the structure is neglected. Hence for every 
structural element, a set of the global longitudinal and transverse in-plane 
compressive loads, the shear loads, and the lateral pressure loads (identified 
by the response analysis of the structure (para. 5.4) and consequent FE 
analysis) is applied on each of the structural sub-elements for the safety 
checks. Uniform pressure load distribution was assumed on all flat plating 
coming into contact with the seaway and in-phase action of the maximum 
side force, and pressure loads was considered unlikely [1, 2] and thus 
neglected. The same pressure load value (0.055 N /  mm2) was used for the 
wet decks, hydrostatic pressure for cylindrical hull design, haunch and 
struts. The magnitudes of the loads are identified separately from the FE 
estimation, depending on their source (i.e. on whether the loads are due to 
pure compression or bending) and then superimposed for application on 
the structural elements. Although buckling analysis is carried out in the 
structure, no tensile checks are undertaken, therefore any global tension 
loads are neglected. The mean and COV values of the assumed loads are 
provided in paragraph 5.7.
(g) Miscellaneous input which mainly consists of controlling flag points 
introducing the designer's preferences on the procedures finally used, 
giving a choice on the serviceability criterion for plates under lateral
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pressure (elastic, elastoplastic or fully plastic design). The designer can also 
prescribe a different design procedure (against lateral pressure load) for the 
plates on the main, against those on the wet decks, the strut and the 
haunch, but in the current application elastoplastic design was adopted for 
all plating, irrespective of global position. Additional input in this group is
• the dimensions of the haunch framing had to be introduced from the 
input file as these were not included in the optimisation procedure (and 
hence not randomly selected by the code)
• the dimensions of the transverse (in the global direction) bulb-flat 
stiffeners on the main and wet decks are also not optimised and their 
dimensions are also introduced from the input data file
• the designer's preferences on the extent of the residual stress in the 
plating, T|, and on the preferred proportional limit to the material yield 
stress ratio, pr. Separate values of pr are allowed for by the program in 
accounting for inelastic effects for interframe collapse and tripping 
failure of the stiffeners. The current application has opted for a pr value 
of 0.5 while T| was taken equal to 3
• the coefficients controlling the stiffener spacing of flat plate elements 
and the relative depths of intersecting stiffeners, C: and C2 respectively 
(para. 5.6.1). These are separately set for the decks, the haunch and the 
struts
• the designer's preferences when checking against stiffener tripping 
failure. The choice is available between Faulkner's approach (with 
rotational restraint at the web toe but no web deformation) or to neglect 
any rotational restraint at the web toe, or to use Adamchack's approach 
(limited rotational restraint neglecting any destabilisation of the 
stiffener by the plate but inclusive of web deformations). The current 
example uses Faulkner's procedure.
Of all the aforementioned variables, the ones finally optimised are shown 
in Table 5.3 including their mean and COV values. Further details on the 
distribution and COV values for the non-optimised design variables may be 
obtained from paragraph 5.7.
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5.4 Load Estimation and Structural Response
The wave induced loads and motion responses were calculated by Pu [3, 7] 
using MARCHS [9, 10], a 3-dimensional oscillating source potential theory 
program coupled with a cross-flow approach to account for viscous damping 
effects (para. 2.1.3.3, Chapter 2). The inertial and hydrodynamic forces 
(weight, inertia and drag forces (Morison), the dynamic pressure forces 
(Froude-Krylov) and the diffraction forces) were calculated at mid-depth of 
the longitudinal plane through the centreline (Fig. 5.3) of the ship.
For the spectral analysis of motion response, loads, as well as pressure 
distribution on the submerged part of the hull, Pu opted for a short term 
extreme value prediction approach on grounds of simplicity. Methods for 
long term load predictions are presented in Chapter 2. In the spectral 
analysis, the Pierson-Moskowitz spectrum was adopted describing North 
Atlantic sea conditions with a design wave height of 3 m for a 6-hour sea 
assumed. The wind speed assumed for this specific wave height was 24 
knots for use in the spectrum. The variation of wind speed with assumed 
wave height may be obtained from [11].
The motion responses of the ship were calculated at five headings (0°, 45°, 
90°, 135° and 180°) for zero ship speed [3]. Table 5.4 presents the results for 
the side force and induced bending m om ent on the cross structure (as 
obtained by Pu [7]) for the 'most probable extreme value' (a= l), the 'extreme 
values with 1% probability of exceedence during one sea state' (a  =0.01), and 
the design extreme value, assuming the structure encounters the same sea 
state 10 times in its lifetime (a=0.001). For the determination of the extreme 
loads Ochi's relevant formulations (para. 2.2.1.2, Chapter 2) were used.
According to Pu [7] (Table 5.4) the level of side force in beam seas (2,180 kN) 
was found to be the largest and in good agreement with FBM Marine's 
design value of 2,030 kN (Fig. 5.4). Similar agreement was observed for the 
theoretical value of maximum transverse bending moment (7,980 kNm) 
applied on the transverse frame (at the centreline transverse position) with 
the result of the 2-D FE analysis (8,130 kNm) later obtained. In turn, the yaw 
splitting moment in bow quartering seas (Table 5.4) was found [7] to be 6.9 
times greater than that corresponding to beam seas. This large difference, 
when compared to the difference (reverse) between the magnitude of the 
side force in beam seas (2.76 times greater than), and that for the bow
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quartering sea, supports the view that the load combination in bow 
quartering seas could be as important, or even more important, from any 
load combination in beam seas. However, in this study the beam sea load 
effects were only considered.
The pressure distribution on the circumference of the submerged hulls and 
wetted part of the struts, due to the wave induced side force, is a necessary 
load input for use in both 3-D and 2-D FE analyses. To obtain this 
distribution it was assumed [7] that a regular wave acts in the transverse 
direction, whose frequency and amplitude will result in the same extreme 
load as that estimated from short-terih statistics. The resulting equivalent 
regular wave had a period of 5.236 and 1.25 m amplitude [7] and the 
resulting pressure distribution at a number of points on a section at the 
centre of gravity of the structure (6.8 metres aft of amidship) is shown in 
Figure 5.5. Such 'sectional' pressure distributions were also obtained at an 
additional 10 positions along the length of the hull, thus permitting the 
estimation of the longitudinal distribution of the hydrodynamic force, 
another necessary input to any global FE analysis. It is worth noting that the 
longitudinal distribution was found by Pu to be of a sinusoidal nature (Fig. 
5.6) with the maximum value occurring at amidships of 56 kN/m . This 
value is approximately 1.5 times greater than the average value of 36 kN/m  
that would be obtained from Sikora's method [12] (uniform side load 
distribution with 10% increase, when applied locally) thus highlighting the 
sensitivity of such an assumption on the global underwater ship geometry.
The estimation of inertial forces requires the calculation of the vertical and 
roll accelerations. Pu carried out his investigations at three sections along 
the example ship placed at the centre of gravity and the fore and aft 
perpendiculars. It was shown that the largest vertical acceleration occurred 
at the aft perpendicular in following seas (0.38g) in contrast to the vertical 
acceleration due to beam sea response found to occur at the fore 
perpendicular (0.24g). The roll acce lera tions  were found to be 
approximately equal to O.lg and not varying significantly between the beam 
seas and other headings.
The buoyancy value used in the structural analysis was calculated at a mean 
draught of 2.7 metres and was taken equal to 169 tonnes. In addition, the 
design slamming pressure load was calculated according to the ABS Rules 
[13] and was found [1] to be 37.7 psi (=0.26 N /m m 2).
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In determining the response o f the s tructure , the level of shear lag 
resulting in the cross-deck, haunch and strut elements had to be established. 
The classical types of analysis are inadequate and one should resort to a 
costly and time consuming 3-D FE analysis to obtain the average field 
stresses which would act as the load input to the ultimate strength checks 
on the individual main structural components.
This analysis for the particular example ship was carried out by Pu and is 
fully reported in [3, 14]. The investigation also aimed at establishing the 
relative accuracy of stress estimations obtained by 3-D, 2-D and 1-D FE 
analyses to see if one of the latter two could substitute as a viable and 
accurate alternative to the inefficient 3-D analysis.
The 3-D mesh considered a transverse section of the hull of 5000 mm in 
length (approximately 1 /7  of the length overall) (Fig. 5.7) consisting of 4 
deep web frames spaced at 1250 mm apart and a central bulkhead. The total 
side force of 2.03 MN, calculated using the loading program [7, 10], was 
proportioned and applied uniformly and longitudinally on the lower hull 
at mid-draught. This analysis concluded that the transverse bending stress 
distributions at a frame across the upper and wet decks were found 
approximately uniform inboard of the haunch (Fig. 5.8a and 5.8b), while the 
peak in the upper deck stress occurs at the junction of cross-structure and 
inner haunch, and is attributed to the stiffness loss occurring on the deck 
due to the intermediate transverse stiffeners ending there. The stress then 
decreases, moving outboard towards the side shell. A similar pattern was 
observed for the deck stresses (in the global transverse direction) at the 
bulkhead positions with slightly higher stress magnitude occurring relative 
to that obtained at the frame positions. The resulting stress loads at the 
individual elements of the structure are presented in Table 5.8.
From the distributions of transverse stresses along the top deck the level of 
shear lag between the transverse frames and the transverse bulkhead was 
established. Shear lag was found to be less dominant (close to unity) inboard 
of the haunch (along the cross-deck), while just outboard of the haunch the 
effective breadth was found to be 0.9 of the overall breadth, reducing to 0.2 
of the overall breadth next to the side shell. Similar stress distributions were 
obtained for the haunch/strut intersection [14]. The appreciable shear lag 
and effective breadth at the outer haunch and inner strut sides are
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demonstrated by Figures 5.9a and 5.9b respectively. Averaging of shear lag 
for individual sections was carried out by the following approximate 
formulation derived by Pu [14]:
where be is the effective breadth, b is the full breadth, 1 is the frame length 
considered, amax and anom are the maximum and average transverse 
bending stress respectively in the plate element, and dz is the incremental 
width  of the section considered to act with the individual values of onom at 
the integration process. The effective breadth ratios at the decks, haunch and 
strut areas were thus estimated to be 1.0, 0.6 and 0.45 respectively and were 
then used to create an equivalent 2-D model (Fig. 5.7). Pu's empirical 
formula was found to be accurate at areas of low stress variations (e.g. 
haunch (15% higher) and strut (3% lower)), but not in areas of high stress 
variations (e.g. cross-deck outboard of the inner intersection with the 
haunch) where the difference can be 28% on the conservative side. Pu thus 
demonstrated that 2-D and 1-D (beam and bar model) FE analyses can only 
be justified in preference to the more elaborate 3-D analysis in the area of 
low stress variations, where it is found to be quite good.
5.5 The Optimised Design Variables
Detailed material volume distributions for a frame section of the example 
ship are presented in Tables 5.5 and 5.6. An approximate estimate of the 
distribution of structural material volume among the main components of 
the section (Table 5.5) shows that nearly 50% of the volume is in the cross­
deck and associated wet and deck plating and just over 20% of it is provided 
in the underwater cylindrical sections. The cross-deck web plating volume is 
relatively small because of the lightening holes which remove 14.2% of the 
excess material. The remaining 30% is evenly distributed between the 
haunch and the strut.
Furthermore, Table 5.6 presents a material volume breakdown in terms of 
plating and longitudinal/transverse stiffening. Not surprisingly, the plating 
is found to be 81% of the overall volume, with the stiffening volume nearly 
evenly distributed between the longitudinal and transverse directions. The 
cylinder shell is the largest contributor, mainly because of its larger
o„,ax b, = dz
-b/2
b/2
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thickness and large surface area (relative, for example, to the deck plating). 
Scope for optimisation also exists for the cylindrical and haunch frames, 
while in the longitudinal direction the number and dimensions of the 
longitudinal extruded stiffeners could also benefit from particular re­
designing.
As a result, it was decided to attempt the optimisation of all the plate 
elements independently, the longitudinal stiffening (assumed to consist of 
extrusions of fixed dimensions throughout), the strut structure, haunch 
plating and cylindrical shell. The haunch and ring frames were left 
unaltered despite their considerable contribution to volume. It is worth 
noting that the 'example' structure was already an 'optimised' design in the 
sense that the plating thickness (the second largest contributor to plate 
weight) was already down to its minimum acceptable value permitted from 
welding distortion considerations.
In a previous study [2], the depth of the cross-deck web was allowed to vary 
and was mainly responsible for the considerable weight and cost reductions 
that were noted (17.5 and 30% respectively). However, this present work 
neglects this aspect, perhaps arbitrarily, on the grounds that the web depth 
was fixed from operational requirements (e.g. minimum required tank 
volume). Such an assumption turned out to be very restrictive, especially in 
obtaining any significant weight reduction (Table 5.7).
Furthermore, restricting the number of free variables was deemed 
necessary, as it was the first time the program was tested to such an extent in 
the Glasgow environment, and considerable problems arose with available 
memory space. The number of design variables that the optimisation 
routine can handle is user defined and greatly dependent on the processing 
facilities available. Hence, the decision was taken to optimise a total of 15 
variables defined below and in Table 5.7 and Fig. 5.10:
1. the plate thicknesses, i.e. those of the haunch, th, strut, ts, the web plate 
of the cross-deck structure, tt, the shell thickness of the underwater 
hulls, tc and the thicknesses of the main and wet decks, td. Symmetry of 
construction was assumed for the main and wet decks.
2. the frame spacing, Ls, in the structure
3. the frame dimensions, i.e. those of the strut, dwl, twl, bfl, tfl
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4. the cross-deck stiffening, by permitting variation of the number of 
vertical stiffeners in the cross-deck web which would then define the 
stiffener spacing L2/
5. the main and w et deck stif fen ing , by varying the number of 
longitudinal stiffeners (in the global longitudinal direction), and the 
number of transverse stiffeners (in the global transverse direction). In 
this way the plate aspect ratio of the wet and main deck plate elements 
as well as, the longitudinal stiffener spacing, L,, are defined
6. the dimensions of the main longitudinal stiffening, by optimising the 
web thickness, tw2, web depth, dw2, and flange breadth bf2. The flange 
thickness was not introduced as a free variable in an attempt to keep the 
number of optimisation variables to a minimum. Values for this 
parameter were determined from the corresponding flange breadth 
values by using local buckling criteria. The longitudinal stiffening was 
assumed to possess the same dimensions throughout the structure, thus 
taking advantage of the use of one type of extrusion globally.
The dimensional limits within which the free variables were allowed to 
vary during the optimisation process are shown in Table 5.3. The choices of 
these limits had to conform with what is generally available from the 
construction methods, extrusion manufacturing processes, etc. and can 
therefore benefit greatly from the designer's experience. A balance had to be 
struck between restricting some of these dimensions (e.g. flange 
dimensions, thicknesses etc.) to small values (and small variability range), 
and the need to obtain a sufficiently large number of efficient designs to 
provide a more dense non-dominated design space from which to select the 
optimum. It is also obvious that the larger the limit ranges, the longer the 
computational time. The limits finally presented in Table 5.3 were 
developed from larger ranges and reduced, bearing in mind all of the 
aforementioned points.
Additional linear checks and restrictions that were imposed on the free 
variables are described in greater detail in paragraph 5.6.1.
5.6 The Design Criteria
The design criteria form the basis against which the efficiency of each 
individual design is tried. They were divided into three groups:
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1. linear constraints on the design variables restricting the design space
2. the analytical ultimate strength formulations
3. design criteria used to evaluate the performance of a given design and 
are expressed in the form design attribute functions.
The linear constraints distinguish between feasible and unfeasible design 
selections and are determined via a number of linear programming 
problems with maximisation and minimisation routines for each design 
variable. Non-linear programming constraints cannot be tackled by the 
optimisation procedure and had to be introduced as a separate check outside 
the optimisation program environment. In turn, the analytical strength 
checks are presented in the form of a library of serviceability and limit state 
failure modes, all described in paragraph 5.6.2. The design objectives are to 
achieve an acceptable design with the least weight and/or cost. Acceptability 
implies that safety should be within limited bounds set by the designer, or as 
required in design codes. No minimum limits on weight and cost have 
been imposed for obvious reasons!
5.6.1 Linear Constraints on Design Variables
The linear constraints on design variables restricting the design space are 
expressed in the form of linear programming problems for each design 
variable with all unfeasible points being immediately discarded. These are 
constraints on:
• the ranges of values the free variables are allowed to take during the 
optimisation process (Table 5.3)
• stiffener scantlings and spacing accounting for local buckling criteria.
The ability to change the limits of the range within which the free model 
variables are allowed to vary renders the procedure particularly adaptable to 
any special advantages and indeed limitations in construction faced by an 
individual shipyard (e.g. availability of standard sections, extrusions, crane 
lifting capacity, the dimensions of the structural elements that can be 
handled, and building strategies etc.).
The minimum acceptable plating thickness was set to 4 mm, a limit beyond 
which considerable and often aesthetically unacceptable welding distortions 
are generally expected to form. Additional restrictions have been
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incorporated controlling the maximum and minimum values which the 
stiffener dimensions can attain. The maximum and minimum limits on 
dimensions were established from Alcan's aluminium profile catalogue, 
thus ensuring availability of the dimensions of the sections finally 
prescribed. The extrudability of aluminium is not, in general, expected to 
affect and discourage the use of more 'specialised' dimensions, but the cost 
of purpose-made dies would perhaps eventually be the prohibitive factor.
Bearing in mind the structure in question is made of aluminium, and 
constructed with a large number of extruded sections, it was decided to keep 
the longitudinal stiffener spacing and size (extruded planking) fixed 
throughout the structure (wet/deck, haunch, strut). This would generally 
reduce the material and construction costs by 'standardising' the 
construction, although such reductions are not reflected in the cost 
formulations finally used. The restrictions imposed on stiffener spacing of 
flat plate elements are:
 ^spacing -  flange breadth ^
spacing “ 1
as well as on the relative depths of intersecting stiffeners, which are 
restricted by:
dh > C2 x dt
where dh,d, are the depths of the highest and the lowest stiffener at the 
intersection. The option exists for the use of different values of Ct and C2 
depending on the structural element and the stiffener type (longitudinal or 
transverse) considered, and was introduced by the author to increase the 
flexibility of the program by making it adjustable to individual construction 
and welding practices. In the current investigation, and order to avoid 
limiting the design options by any local buckling or minor constructional 
criteria, the values of Q  and C2 are taken as 0.1 and 1.0 respectively.
The local buckling criteria applied on the stiffener flanges and webs ensure a 
safety factor of 3 against yield, as proposed in paragraph 4.3.5, Chapter 4:
For the web plate dw/tw < 1.1 / o y
(dimensions dw,t w)
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For the flange plate wf/ t f < 0.36 ^E/oy
(dimensions bf/(w f = 0.5bf), tf
For bulb-flats, only local buckling of the web plate is checked. Local buckling 
and relative stiffener depth criteria are introduced directly through the 
input datafile, as they can be formulated using a linear expression. 
However, this is not possible for stiffener spacing criteria due to the non- 
linearity of the expressions involved which had to be introduced in the 
main library of ultimate strength models. The non-linearity arises due to 
the decision to optimise (vary) the number of vertical stiffeners on the 
cross-deck as well as the number of longitudinals, instead of the stiffener 
spacing. This choice, however, ensures that an integer number of stiffeners 
in both cases would be selected. It is perhaps worth mentioning that all of 
these checks are applied to all the stiffeners, both in the global longitudinal 
and transverse global directions, and to all the structural elements that 
contain them, namely, the wet and main decks, struts, and haunch regions.
5.6.2 The Limit State Checks
The failure modes considered for each of the five structural elements 
analysed are presented in Table 5.2. Flat stiffened plating under in plane 
loading is checked against plate buckling, plate induced stiffener collapse 
and tripping failure of the stiffeners. These checks are available to both 
'long' and 'wide' plates. For flat plates under lateral pressure loads a 
serviceability check is also available. The cross-deck is designed as deep-plate 
girder with flanges consisting of the main and wet deck plating. The 
breadths of these is taken as the full frame spacing of 1,250 mm and the 
thickness as an average value accounting for the presence of the stiffening 
and given by:
where tf is the thickness of the main and wet decks, As, b9, are the cross 
sectional area and spacing respectively of the transversely orientated 
stiffeners (in the global transverse direction). The longitudinal stiffeners are 
not included in the calculation as they do not contribute to the flange 
bending rigidity. The cylindrical hulls are designed against interframe shell
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collapse only, while the intersection of the cross-deck and the haunch 
(referred to as knee-joint or corner joint herein) is checked against its 
ultimate bending moment capacity.
The advantages of aluminium in this type of construction, i.e. small
structural weight and minimal corrosion compared to steel, are offset by a
smaller Young's modulus and the complications arising from the more
rounded material stress-strain curve and the HAZ softening occurring 
mainly in the heat-treated alloys. Hence, in the library of constraints due to 
be described, modelling of the HAZ is based on the recommendations of BS 
8118 (para. 4.1.2) and the 0.2% proof stress value is used in place of yield 
stress in the formulations. This assumption is conservative, as it neglects 
the beneficial strain hardening effects characterising the behaviour of the 
aluminium alloys. The ultimate strength models, and any special 
considerations in modelling to account for the use of aluminium alloys, are 
briefly described next.
The Design of Flat Stiffened Plates: Stiffened flat plates are encountered on 
the main and wet decks, side shell, haunch and struts and are expected to 
experience combined in-plane loads and lateral pressures. Grillage 
behaviour under compressive-combined loading has not been investigated. 
Therefore, the local panel behaviour is taken as indicative of the overall 
grillage behaviour under various loading conditions. Safety was examined 
for plating in all these areas using models derived from first principles. The 
failure modes tackled are (Table 5.2):
• plate buckling between stiffeners
• plate induced interframe collapse of the stiffeners
• tripping failure of the stiffeners.
An additional check based on the elasto-plastic design approach was 
introduced as a serviceability criterion restricting the maximum deflection 
of the plate elements under lateral pressure loads to 1/75 of the plate width.
Plate buckling between stiffeners has been categorised as 'long' and 'wide' 
plate buckling, depending on the orientation of the plate to the primary 
compressive load, and the level of critical buckling strengths in the two 
directions. For 'long' plates Faulkner's effective width (para. 4.2.5.1) was 
used to describe the ultimate strength of the plate elements. Allowance for
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uniform biaxial compression, shear and lateral loads is also incorporated in 
the model. The ultimate strength capacity is given by:
V2 l '
P P’
R_
R. Rmr 
where Rr is a plate strength reduction factor accounting for the detrimental 
effect of residual stresses and is a function of the level of locked-in residual 
stresses, the material yield stress and a slenderness dependent equation for 
the structural tangent modulus. Rm accounts for biaxial loading effects 
which are assumed to interact parabolically. For the case of co m b in ed  
pressure and compression a linear interaction between the compressive 
strength of a wide plate and lateral loading is conservatively assumed.
'Wide7 plating is treated in a similar manner, using an effective width 
approach and the final ultimate strength expression is based on the French 
Bureau Veritas/Faulkner solution for a pinned plate:
o = ay*n y
09  T9 
P2 + a p
1- 0.9 for p>l and ap> 1.9
Outside the stated limits the plate slenderness is sufficiently small to justify 
the assumption of a stocky plate and the change of failure mode from 
buckling to material yielding. No residual stress effects are then accounted 
for and the edge stress is always expected to reach yield stress levels.
Plate induced interframe collapse was tackled using Faulkner's reduced 
effective width approach to account for the continuous stiffness loss of the 
plating as load increases in the post-buckling regime. This effective width of 
plating is hence assumed to act with the stiffener as a column. The critical 
buckling load of the column is then given by :
1A« for X.2ce> l / p r
!-Pr (l-Pr)kc. for \ 2a  <1 /  pr
where ^ce is the non-dimensional column slenderness and pr is the 
structural proportional limit stress ratio. The reduction factor Rm is
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imposed on fc/ as well when biaxial stressing is present. In the presence of 
lateral pressure loading a linear interaction is assumed between critical 
compressive buckling and lateral load. In this instance, the effective column 
length considered in the analysis will depend on the level of lateral 
pressure loads, and this has been empirically set by Faulkner in [15, 16]. A 
Johnson parabola inelastic correction, to the critical buckling load of the 
column arrangement, is introduced prior to its use in the linear interaction 
expression. Furthermore, in the presence of lateral pressure the load on the 
longitudinals was found by Faulkner in 1956 to be slightly less than the total 
load (Pxaxb) on the plate, because of the shear transfer to the short edges 
which may be represented by P(b/V2)2. This assumption was found to 
provide a good approximation and hence, for equilibrium, the equivalent 
longitudinal uniformly distributed load, p lu, is given by:
Pu a = P
. b2a b -----
2
<=> Pu = P b [l -  (b/2 a)]
where P is the lateral pressure load on the plate element while b and a are 
the width and length of the plate respectively.
In the absence of a thorough review of any closed form expressions 
describing the ultimate strength of alum inium  stiffened plating, the 
approach already described for steel was used. Residual stress considerations 
remained unchanged (t|=3.0 taken for both steel and aluminium), the 0.2% 
proof stress and the associated material properties were used in place of the 
'steel' characteristics. HAZ softening was introduced as a reduction in the 
reduced effective plating width assumed to act with the stiffener in column 
collapse. The calculation of the extent and strength of the heat affected zone 
is based on BS 8118 recommendations. However, as the formulation seems 
to be independent of the overall plating breadth (or stiffener spacing) the 
actual extent of the HAZ is taken as a proportion of the reduced effective 
width as follows:
bg = bg -  (Area HAZ /  b t) b£
Proportioning of the HAZ with be protects against unacceptably small 
values of the reduced effective width in addition to relating the HAZ and its 
effect to the plate geometry. The arbitrariness of this assumption was 
recognised and a more thorough investigation was carried out resulting in
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the formulations of paragraphs 4.2.5.2-4.2.5.4, Chapter 4.
The check against stiffener tripping  failure was carried out, based on 
Faulkner's model, accounting for the more realistic case of interaction 
between the buckling modes of the plate and the tripping modes of the 
stiffener. The possible destabilisation of the stiffener by the premature 
buckling of the plate was therefore an issue and was considered by Faulkner 
to follow a linear variation of the rotational restraint, C, with the axial load 
(for o /aCT < 2). Hence the strength expression used is (para. 4.3.4):
The average limiting tripping stress was then taken to be
where be is the effective width of the plating as determined by an ultimate 
strength approach to the plates' post-buckling behaviour. The designer can 
then opt to account for the effect of end-moments, or lateral pressure loads, 
or their combination on the tripping strength, as recommended by 
Adamchack (paras. 4.3.4.2, 4.3.4.3). In the case of the particular example, 
slamming loads and in-plane compression loads were not found to be in 
phase, so the two loading cases were treated independently. For inelastic 
tripping the structural tangent modulus approach Et is used, requiring that 
Et is defined by the Ostenfeld-Bleich parabolae.
To design the plates under lateral pressure loading the following choices 
are available (para. 4.2.7):
1. design the plating elastically to first yield with an appropriate thickness 
correction to account for aspect ratio effects. Curve-fitting expressions 
describing the variation of k: and k2 (the correction factors for 
deflection and stress respectively to account for aspect ratio effects) with 
the aspect ratio were included in the program
and C = Cs 1 -  —I  a J
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2. design the plating elasto-plastically, based on wpt, the maximum 
allowable permanent set deflection with edges free-to-slide using 
Faulkner's closed-form expressions derived from Clarkson's tests
3. design the plating assuming fully plastic collapse with the edges of the 
plating clamped and held apart. Three hinge collapse or roof-top 
collapse with or without accounting for membrane stresses are 
prescribed depending on whether the plating is "long7 or 'short', slender 
or stocky.
In the application described herein, elasto-plastic plate design was adopted 
primarily due to the more realistic boundary conditions implied. Hence, for 
plates with 1 < a  < 5 and 2 < p < 6, the allowable pressure, p, is expressed in 
terms of an allowable permanent set, wpt, set, in the current application by 
default, equal to b/75:
Further research into the subject showed that the values presented in 
Appendix 4.2 may also be used instead of b/75. In the current computer code 
the designer is only given the option by the program to choose another 
value for wpt but always in relation to the plate breadth. Furthermore, for 
1 < a  < 5 and p < 2 the elastoplastic approach is overruled in favour of the 
fully plastic design approach. This approach is based on the 'roof-top' 
collapse bending mechanism and having been developed for stocky plates, 
does not account for membrane effects:
Paragraph 4.2.7 and Appendix 4.3 provide more information on the 
remaining theoretical models available in the program. Designing 
elastically was considered too conservative, while a fully plastic approach 
was deemed to be too optimistic and uncharacteristic of the boundary 
conditions actually present in stiffened plating subjected to in-plane loading.
P = <
for p<2.5
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The Design of the Cross-Deck Girder: Of the variety of models for the 
ultimate strength of deep plate girders under shear and combined in-plane 
loading, the 1978 Cardiff model [17] was used for reasons presented in 
Chapter 4, paragraph 4.4.2.2. This has been adapted to account for the effects 
of in-plane compression in addition to in-plane shear and bending stresses 
in the web plate. Despite the expected variation of the bending, shear and 
direct in-plane stresses along the length of the cross-deck, these have been 
assumed to coexist and apply to all the web plate subpanels (identified by the 
vertical stiffeners) in the same way, with their maximum values being in 
phase - a conservative assumption.
Therefore, the ultimate strength in shear of a girder consists of the sum of 
the critical buckling stress, the capacity of the diagonal tension field, and the 
contribution of the flange hinges. The direct compression and bending 
stresses are both assumed to be taken by the flanges, while the shear loads 
are absorbed by the web only. Hence, the ultimate strength in shear of a plate 
girder is given by (para. 4.4.2.2):
V* = V1 + V2 + V3 = VCT + 0.5 of t sin(20) (h -  b tan0) + o yt t (cc + ct) sin0
The effect of coexistent direct and bending stresses on the critical buckling of 
the web plate is neglected, as these two loads are assumed to be taken up 
only by the flanges. Inelastic shear buckling occurs when the critical 
buckling stress exceeds 0.8xy (<3xy) and the inelastic critical buckling stress 
is then given by:
V « i  =  h  I1 -  ° - 6 2 5  (V Ty / ' c«  -  0- 8 ))
The maximum value for the ultimate shear strength is obtained by trial and 
error of the values of 0, the inclination of the tension band to the 
horizontal, and not by the approximate formulation of 2 /3  of the angle of 
inclination of the web diagonal. The expressions accounting for unequal 
flanges, or flanges of different materials, are used throughout the design 
process.
The beneficial effect of the longitudinal stiffeners on the web strength is 
incorporated by substituting the critical buckling stress for the web plate by 
the critical buckling strength of the weakest subpanel, as identified by the 
position of the longitudinal stiffeners (Cardiff, para. 4.4.2.2).
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Furthermore, the effect of web perforations is accounted for by means of the 
conservative approach of Narayanan et al [18] (para. 4.5.2) which assumes 
that the reduction in ultimate strength of the plate girders is proportional to 
the increase in diameter of the cut-out. Hence, the ultimate strength capacity 
is obtained by linear interpolation between Vu, the unperforated ultimate 
strength, and the Vierendeel load Vv:
Possible reinforcement of perforations is neglected. The diameter (or 
equivalent diameter) of the perforation is restricted to 2/3 of the web depth.
The co-existence of shear, direct compressive, and bending loads, is tackled 
via the Cardiff interaction diagram (para. 4.4.2.2 and Fig. 5.11). The original 
approach does not allow for any direct stresses, but their effects are included 
by superposition to the bending stress effects on the flange strength. The two 
main failure modes are identified by Region S-C on the curve (failure with a 
shear type mechanism) and region C-B on the curve (failure with a bending 
mechanism). Points S, C and C, B are connected by parabolae as 
experimentally shown by Porter et al. Inward collapse of the compression 
flange is assumed to occur at an applied bending moment Mu, obtained 
from Cooper's expression (para. 4.4.2.2):
This formula is also applicable to the case at which longitudinal stiffeners 
are present. The shear capacity at the point of failure mode changeover from 
a shear to a bending mechanism, Vc (point C), together with VB, the 
minimum level of shear load beyond which failure occurs as 'pure 
bending', are calculated from empirical formulations (para. 4.4.2.2).
For reasons mentioned in paragraph 4.4.2.1 and because of its 
implementation in BS 8118, the conservative approach proposed by Burt 
and Evans [19] (para. 4.4.4.1) was used to calculate the ultimate strength of 
aluminium deep plate girders. It assumes that the complete web area suffers
where
for Mu < Mfl<plastic
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a reduction in strength due to w elding. H ence the reduction in ultim ate  
strength w ill be to the reduction of the contribution of its post-buckling  
com ponents, V 2, V 3 (para. 4.4.2.2):
V„u = V, + w  (V2 + V3)
The critical buckling strength contribution to ultim ate strength rem ains 
unaffected, w  ( = k z) is the percentage of material strength reduction g iven  
in paragraph 4.1.2. As nothing specific is available for the loading case where 
bend ing loads are predom inant, it w as assum ed that C ooper's form ula  
rem ains valid . The program m ed approach for lon g itu d in a lly  stiffened  
alum inium  plate girders is the sam e as that used for steel deep plate girders, 
in the absence of any specific guidance on the matter.
The Design of the Corner Joint Plate: Knee joints are generally  d esign ed  
based on their critical buckling load. Higher loading conditions are catered 
for, either by the introduction of haunches or by the insertion of 'doubler' 
plate patches to increase the web thickness, developm ent of a post-buckling  
approach to d esign  w ould  lead to an even  higher strength  to w eigh t  
efficient structure.
The u ltim ate strength m odel put forward by Scheer et al [20, 21] and  
recom m ended in Chapter 4 (para. 4.6) for the design of steel deep plate knee 
joints, presents a number of lim itations if it is to be applied to the corner 
joint plate, and partial transverse bulkhead design  of SW ATH and m ulti­
hull vessels. These lim itations are:
1. it has on ly  been tested  for square stee l panels but rectangular  
proportions are generally the norm
2. the m od el has not been com pared against a lum inium  tests w here  
strength reductions occur in the heat affected zones of the heat-treated  
alloys
3. no allowance is m ade for the presence of any horizontal a n d /o r  vertical 
stiffening on the w eb plate
4. the m odel does not allow  for the presence of any perforations in  the 
plating w hich  w ould  affect the extent and hence effectiveness of the 
tension  field contribution.
These are the difficulties faced in applying the results of the Germ an
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research to the design  of the 'corner' plate at the h au n ch /cross-d eck  
intersection (Fig. 5.12). In the example ship:
•  tw o  vertical stiffeners exist, separating the knee p late into three 
subpanels
•  each subpanel contains a circular perforation at m id-depth
• the plate is m ade of aluminium alloy
• the overall aspect ratio of the plate is 3.
A lthough  no theoretically and experim entally justified answ ers to these  
effects are currently available, the approaches recom m ended in the Cardiff 
m odel [17, 18] can be used  as a first approxim ation. In the presence of 
horizontal stiffeners, the Cardiff m odel recom m ends [17] the u se  of the 
critical buckling strength of the weakest subpanel as the only change in the 
ultim ate strength formulation necessary. This approach w as also used  for 
the corner joint plate, for w hich  i CT w as taken as that of one o f the 
su bp an els (as they w ere all of the sam e d im ensions). Furtherm ore, to 
account for HAZ effects, Evans et al's approach for deep plate girders [19] was 
also used. H ence, the ultim ate m om ent carrying capacity of a knee joint 
about point i (Fig. 5.12) is given by:
M u = M „ + w (M ,+ M 2)
Inform ation on the notation may be obtained from paragraph 4.6.2. V alues 
for the percentage of material strength reduction, w , due to H AZ effects are 
available in paragraph 4.1.2 and Table 4.1. To account for the effect of w eb  
perforations the sim plified m ethod used for the design of deep  plate girders 
(see earlier) w as extended to the case of corner joints on the basis that corner 
joint design  em ploys the principles of tension field strength m odelling. To 
consider the effects of the perforation on the critical buckling m om ent M a 
so le ly  w ou ld  clearly be unconservative, as the assum ed plate has h igh  
aspect ratio and hence the critical buckling moment contribution to the 
m axim um  m om ent capacity is not expected to be great. It m ay instead be 
assum ed that the reduction in m om ent capacity of the joint plate w ill vary 
linearly w ith  the perforation diameter. It w ould  thereby fail betw een  the 
m om ent capacity of the intact section in w hich only the four flanges are 
effective and in w hich no w eb is present, M ^ ,  and the case w here there 
are no perforations and the web is fully efficient, M u:
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M „ -  M » . ♦ (M, -  ~
w here = M A + M B + M C + M D, 2b is the w eb plate depth, w h ile  the
plastic m om ent capacities of the plate flanges are M A,M B,M C,M D (para. 
4.6.5). N o  experimental verification of this m odel exists in the literature and 
it should  therefore be treated as provisional.
The Design of the Stiffening System of the Cross-Deck  w eb plate (flat bars) 
has purposely been om itted from the variable selection procedure of the 
op tim isation  routine as w ell as any statistical treatm ent describ ing its 
strength . This w as due to the m em ory lim it im posed  by the available  
com puting facilities having a knock-on effect on the num ber of variables 
that could be tackled at any given instant by the program.
Flat-bar stiffening for both longitudinal and transverse stiffeners w as chosen  
(normal practice for deep plate girders) and a parametric variation of the 
geom etric variables enabled the selection of suitable designs for evaluation. 
The case of flanged stiffeners has also been accom m odated in the program, 
w ith  the additional check of local buckling criteria presented in paragraph  
4.3.5. In addition, the longitudinal stiffeners m ust be able to support, up to 
the ultim ate lim it state, the load shedding due to plate buckling in  the w eb  
subpanels, as w ell as being able to maintain nodal lines in the buckled web.
The m aterial for these stiffeners w as restricted to that of the w eb ( a ^ ) .  
Selection of the final dim ensions was on the basis of m inim um  w eight after 
satisfying rigidity and strength criteria. The w eight criterion consisted of the 
estim ation  of an average thickness for the w hole  structural com ponent 
consisting of the thickness of the web plate, and equivalent thicknesses for 
the longitudinal and vertical stiffeners:
A,. [ M
_ ( N , + l / h w)
1
LbwJ
w here A sA, A s i are the cross-sectional areas of the longitudinal and vertical 
stiffeners respectively. The d im ensions of the longitudinal stiffeners are 
assum ed to be fixed over the depth of the girder w eb plate. Nj is the number 
of longitudinal stiffeners over the com plete depth of the girder w eb plate
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w hile h w, bw are the depth and breadth of the girder web plate identified by 
the tw o vertical stiffeners on its edges. The criterion is based only on  
m inim um  equivalent thickness, as the length and the cost of the stiffeners 
w ill be fixed by global structural dim ensioning, which remains unaffected by 
the optim isation procedure.
The rigid ity of vertical and longitudinal stiffeners w as checked against the 
criteria proposed by Maquoi and presented in paragraph 4.3.1.2 and Table 4.7. 
In cases w here the number of stiffeners does not match those in the Table, 
then those im m ediately more conservative available in the Table w ou ld  be 
considered by the program.
From a fabrication point of v iew , the range of d im en sion s that the  
transverse stiffeners could attain were restricted to:
4 < t M < 20xm ax{t,_„ t(/b, t w}
0.001 ^ d s t/m in {b f t, bf t} < 0 .5
w here t81, tf t, tf b, tw are the w eb thicknesses of the vertical stiffener, the top 
and bottom  flange of the girder and the w eb of the girder respectively. 
Sim ilarly, d81 is the depth of the web of the vertical stiffener and bf t, bf t are 
the top and bottom flange w idths of the assum ed girder respectively.
In addition, the depth of the longitudinal stiffeners w as restricted to 0.67 of 
the value chosen for the vertical stiffeners (i.e. depth of vertical stiffeners 
greater by a factor of 1.5) being intersected [6] w hile the lim its of variability of 
thickness were kept the sam e as that used for the vertical stiffeners.
The program  can only accom m odate longitudinal stiffeners on  the w eb  
plate of the cross-deck w hen spaced equi-distantly from each other. It is the 
required num ber of these stiffeners (maximum of 15 perm itted) at the w eb  
that is introduced via the input file and then autom atically their spacing is 
adjusted by the program and their exact position from the top flange (main  
deck) for each of the stiffeners is calculated and stored in a suitable array.
It is w orth  rem embering that positioning any longitudinal stiffeners in  the 
tensile zon e of the neutral axis is not efficient if the bending load is not 
alternating. In m ulti-hulled vessels, how ever, bending loads on the cross­
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structure are alternating and hence structural sym m etry about the neutral 
axis should  be sought after. For the sam e reason, perforations should  be 
placed  at the geom etrical centroid of the w eb subpanels as these are 
identified by the vertical web stiffeners.
C om plications arise w hen w eb perforations are required to co-exist w ith  
longitudinal stiffeners on the girder. In this case, the program checks the 
input (diam eter of the cutout, number of stiffeners, position  of stiffeners) 
and, if deem ed necessary, overrules it. The reason for such a check is to 
protect the case w here the input (random ly selected) sets one or m ore 
stiffeners to cross the cutout - an unrealistic situation. Hence, if the diameter 
(or equivalent diameter) of the perforation is greater than 2 /3  of the w eb  
depth, the diam eter is overruled and restricted to this value w h ile  the 
num ber of longitudinal stiffeners (if required) w ill then be restricted to 2. 
Their positions are then fixed at 0.1 of the w eb depth from the com pression  
and tension flanges. N o clearance considerations are required for w eld ing at 
the stiffener toes as the stiffeners w ill generally be flat-bars. On the other 
hand, if the perforation diameter is less than 2 /3  w eb depth then, in the 
presence of longitudinal stiffeners, the follow ing actions are taken:
(a) if the diameter is less than 0.2 dw, four stiffeners are placed at distances 
0.123d w, 0.275d w, 0.725dw, and 0.877dw from the top (m ain deck) 
flange or
(b) if the diameter is greater than 0.2 dw then 2 stiffeners are placed at 
0.2 d w and 0.8 d w from the top (main deck) flange.
The stiffeners w ill then be placed at optim um  positions on  the w eb plate as 
these are accepted to be for bending loads (Table 4.7). In addition , these  
requirem ents on stiffener position ing indirectly  ensure a lim it on the 
m inim um  acceptable distance of a longitudinal stiffener from the ed ge of 
the perforation, w hen  the latter is unstiffened. N o such direct lim it has been  
set in the program , but recent catamaran designs use a 20 m m  distance  
im posed by classification requirements. If no perforation is present, and the 
required number of longitudinal stiffeners is either 2 or 4, then the input is 
overruled so that the stiffeners are placed at the optim um  positions on the 
w eb plate, as these are accepted to be for bending loads.
The colum n strength check of the vertical stiffener and associated effective 
plating (=  tw ) accounts for the eccentricity of the load w ith respect to
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the stiffener neutral axis. The load action is that of the ultim ate load capacity 
in shear of the w eb panel reduced by 80% of the critical buckling strength of 
this plate elem ent, as recom m ended by M aquoi [22]. The critical buckling  
strength was also reduced by 20% to account for the detrimental effect of the 
initial im perfections [22]. A Perry-Robertson beam -colum n approach w as 
chosen as best describing the stiffener behaviour:
a ”"x A . + b.t.
V ( e i+ e 2)
Z ( l - V / V a )
< 1.6 a s ,y
w here V and VCT are the shear load (as identified above) and the critical 
buckling load of the assum ed column. Z is the elastic section m odulus of 
the section consisting of the stiffener and associated effective plating w hile  
Gs is the yield  stress of the stiffener material w hich is taken equal to the 
girder w eb m aterial for both the vertical and longitudinal stiffeners. In 
addition , e l f e 2 are the eccentricity of the load to the neutral axis of the 
stiffener (stiffener and effective plating) neutral axis and the assum ed initial 
deform ation of the stiffener respectively. The initial deform ation of 1 /1000  
of the stiffener length was assum ed w hile the full stiffener length  w as  
conservatively taken as the buckling length (an effective length of 70% of 
the full length w as assum ed as safe and w eight efficient option by M aquoi). 
A sim ilar strength check w as also used for the design of the longitudinal 
stiffeners. The loads actions considered, were those of the direct bending  
load s acting on  the com pression  flange (a con servative  but greatly  
sim plify ing  assum ption) w hile any lateral pressure loads w ere neglected . 
An initial out-of-straightness of length /500 , for inclusion  in  the strength  
calculation  w as used  as recom m ended by M aquoi and m atching initial 
im perfections for both steel and alum inium  colum ns. N o  tripping check is 
carried out for either the vertical or longitudinal stiffeners.
The D esign  of the Subm erged Hulls:  The prim ary lo a d in g  on  the  
cylindrical subm erged hulls is either from water pressure or grounding and  
docking loads. In this particular application grounding w as neglected on the 
grounds of not being a design  load (accidental load). Furtherm ore, the 
docking arrangement is such that it induces a sm all bending m om ent in  the 
structure and hence is also neglected. A lthough there w ill be a sm all 
contribution from the stresses due to longitud inal seaw ay  bend ing , to 
sim p lify  the analysis, this has not been considered here, a lth ou gh  an
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accurate ultim ate strength m odel can handle the com bined load ing for 
orthogonally stiffened cylindrical structures (A ppendix 4.6). Therefore, the 
only loading that is considered is the hydrostatic pressure at the operating  
m ean draught, in clud ing  the dynam ic am plification  (Table 5.8). The 
dynam ic am p lification  effects w ere in troduced  by m u ltip ly in g  the  
hydrostatic pressure at 2.7m draught (0 .027N /m m 2) by a factor of 2 (which  
appears to be a conservative practice of the offshore industry) resulting in a 
design pressure load of 0 .055N /m m 2.
The m odes of failure for a ring-stiffened cylinder predom inantly subjected  
to external pressure are w ell established [23] in subm arine design, nam ely  
interframe shell collapse, general instability, frame tripping, shell y ield ing, 
frame yield ing and their considerations in design  procedures are described  
in section 4.7. Earlier optim isation investigations by M orandi [2], sh ow ed  
that interframe collapse dictated the final solu tion  (safety index of 4 for 
interframe collapse versus safety indices in excess of 6.4 for frame yield ing, 
general instability plate y ie ld in g  and frame tripping). This con clusion  
coupled w ith the general need to keep the design checks to a m inim um , led  
to the om ission  of all the aforem entioned failure m odes but interfram e 
shell collapse w hich  w as accounted for via the a m ean  curve through  
experim ental data (para. 4.7.1.1 and Table 4.12). In the absence of any  
considerable axial loads, ring fram ing b etw een  transverse bu lk h ead s  
represents the least w eigh t stiffen ing  so lu tion , and the p oten tia l of 
introducing any stringers in the optim isation solutions w as neglected.
5.6.3 D esign  Attributes
D esign attribute functions used are those of structural w eight, cost, and an 
approximate system  reliability measure expressed by D itlevsen bounds. The 
com ponent safety level (safety index) achieved for each of the failure m odes  
w as also calculated and used as low er acceptable bounds to safety values. 
These attributes are transformed to goals by asking for the m axim isation of 
the safety index p, and the minimisation of the w eight and cost.
The m ass,W , of the structure is obtained by the su m m ation  o f the 
individual m asses obtained for each of the main structural elem ents. The 
structural v o lu m e is ca lcu lated  first and con verted  to m ass by  
m ultiplication with the material density.
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In turn, the construction cost, C, is assum ed proportional to structural m ass 
and w eld  length and is therefore expressed in terms of equivalent cost [24, 
25] given  by,
C = Cm (W + k m  JL)
w here W is the structural w eight, Cm is the m aterial cost assu m ed  at 
£2,000/to n n e , k is a factor expressing the relationship betw een the material 
costs  and m anhour cost w h ile  m expresses the average num ber of 
m anhours per w eld ing joint length, JL. Both k and m are norm alised by the 
material cost. The values assum ed for these coefficients are [26]:
k m
(ton nes/m anh ou r) (m an h ou rs/m )
For Steel 0.05 1.0
For A lu m in iu m 0.0072 2.0
The seco n d  term  of the right hand sid e  in  the ex p ressio n  ab ove, 
representing  the labour costs of the construction, cou ld  be extended  
fo llo w in g  m ore detailed  research to include overhead costs (e.g. p late  
cutting and forming, the number and size of structural com ponents relative 
to the num ber of workers handling them etc.), variations in the labour rate 
from yard to yard, the efficiency of the individual labour groups w ith in  a 
yard and relative to other yards. The s ize  and capacity of the handling  
equ ip m en t such  as cranes w ill also affect the labour cost as it cou ld  
determ ine, am ong others, w hether construction  w o u ld  be carried out 
undercover and away from the effects of the environm ent, or the efficiency  
and quality of construction w ould  be adversely affected by bad weather. The 
effect on  cost of corrective actions that are alm ost certainly linked w ith  
in effic ien t w ork ing practices, w ou ld  also have to be accounted  for. 
Furthermore, the material cost is a function of the grade (steel) and alloy  
(alum inium ) and is alw ays prone to specially negotiated prices. Such aspects 
have been studied by W inkle et al and were applied to the optim isation of 
stiffened grillages [24] and stiffened cylindrical structures [25].
The derivation  of the values for coefficient k above w as based  on the 
assum ption  that it w ould  require 2 workers to com plete a job, each on  a
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salary of £15,000 a year. Furthermore, each is assum ed to work 45 w eeks for 
37 hours every week, a total of 1,665 hours per year. H ence the construction  
cost per manhour results to
 2 x l 5-°°0 ( £ / year)---------= 18 (£ /  manhr)
(45wks /  year) x (37manhrs /  wk)
The m aterial cost for steel w as assum ed to be £ 3 6 0 /to n n e  w h ile  for 
alum inium  at £2500/tonne. H ence the norm alised values of m anhour cost 
w ith  respect to the material cost (coefficient k) resulted as g iven  in the Table 
above. In the exam ple currently considered, it w as assum ed that 1 m anhour 
is required per metre (1000 mm) of length for steel (although this varies 
betw een  0.8 to 1 m anhour) and tw ice that tim e for a lum inium  m aterial 
construction.
The sim p lic ity  of the cost expression  reflects m ain ly  the d ifficu lty  in 
obtaining accurate costing algorithms from the industry, w hich considering  
the current level of industrial competition is perhaps not so surprising. The 
m inim al inform ation available to the author has perm itted the adjustm ent 
of these coefficients to alum inium  applications, w hich  considering the 
com parative nature of this study are more than sufficient. In estim ating the 
joint lengths for the cross-deck structure, the perimeter of any cutouts in  the 
w eb has been included as additional length as som e cost incurs during the 
perforation procedure. The w eight is of course reduced accordingly. In 
addition, single pass w elds were assum ed in the costing form ulations. It is 
im portant to note, that sim ilarities in the construction procedures and  
practices perm itted the use of a costing m odel for steel to be applied  to 
alum inium . The introduction of any special considerations such as the 
additional inert gas costs require additional attention and the industry can 
provide useful experience along these lines. Bearing in m ind w e are dealing  
w ith  an alum inium  structure w hich  has been constructed w ith  a large  
num ber of extruded sections (e.g. longitud inal stiffen ing), it has been  
d ecided  to keep the longitudinal stiffener spacing fixed throughout the 
structure (w e t/d e c k , haunch, strut). This w ou ld  gen era lly  reduce the  
m aterial and construction costs by 'standardising' the structure, although  
such reductions are not reflected in the cost formulations.
A m ore com plicated cost function can also be used, but such a form ulation  
is considered as too elaborate for the purpose of sim ple com parison betw een
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alternative designs. If how ever, detail cost inform ation is necessary for a 
particular d esign , then use can easily  be m ade of costing  algorithm s  
reflecting the overhead and construction costs of individual constructors.
The structural com ponent reliability  and that of the com plete structure are 
expressed in terms of the safety index, p, and D itlevsen bounds respectively. 
The com ponent safety  ind ices and upper D itlevsen  b ounds w ere first 
estim ated  for the original structure and used  as low er lim its for the  
corresponding values of the optim ised designs. The exact determ ination of 
the probability of failure of a series (or parallel) system  is not possible and 
hence a num erical calculation is necessary. As such an analysis is outside  
the scope of this work, D itlevsen bounds were used to express the upper and 
low er lim its (bounds) that the system  reliability w ould  obtain. According to 
Thoft-Christensen and Baker [27] the practical value of such bounds depends  
on  how  narrow they are. The upper limit w ould  correspond to the case of 
u n correlated  system  elem en ts w h ile  the low er lim it a ssu m es fu ll 
correlation. The system  of structural com ponents w as taken as linear 
(system  failure occurs w ith first com ponent failure) w ith uncorrelated main  
structural com ponents. In im plem enting the reliability approach to safety, 
all the determ inistic safety checks for the ind ividual failure m odes w ere  
transform ed to safety  m argin expressions by  in troducing the m od el 
uncertainty in the strength part of the equation. The m odel uncertainty  
factors used for the m odes of failure considered are show n in Table 5.2.
In a d d ition , the m in im um  target reliab ilities u sed  on  the sp ecific  
application  w ere taken as the reliabilities for the in d iv idu al structural 
com ponents of the original exam ple ship. A n "application independent"  
d erivation  of acceptable lev e ls  of failure probabilities on w h ich  the 
calibration of new  designs could be based w ould  be more appropriate. Such  
va lu es can be obtained from sim ilar existing sh ip  d esign s currently in  
operation, as w ell as from an analysis of the safety levels im plied by already 
existing and w idely used design codes.
5.7 Reliability Aspects
The reliability  analysis com puter code u ses the A dvanced  First Order 
Second M om ent m ethod and w as originally developed by D as et al [29] for 
use in an interactive w ay. By this it is meant that the user of the program  
cou ld  alter the initial P values as w ell as the tolerance va lu e for the
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residuals, to insure that the code actually converges to the right safety index  
valu e. T hese corrective actions (initial 'm anual' trials for the current 
application  found that they w ere considerable and essential) cannot be  
undertaken in an 'automated' procedure such as that used  for the current 
exam ple and appropriate alterations, therefore, had to be introduced into  
the code by the author. Hence, in order to check the convergence of the  
program  tw o initial values for p (3 and 10) were tried (for every design, 
every  fa ilure m od e and every  m ain structural e lem en t-v ery  tim e  
consum ing). If after 30 iterations (for every value of initial p) the reliability 
analysis d id  not converge to a value, then the initial p w as increased by 2 (if 
the starting value was 3) or decreased by 2 (if the starting value w as 10) and  
the process repeated. If how ever convergence w as possible from one side  
(say the side of initial value of 1), then convergence from the other side (the 
sid e  of initial value of 10) w ould also be checked. If that converged too so  
that a difference of less or equal to 0.1 is recorded betw een the tw o values of 
p, then the average of the tw o values is chosen as the final safety index. If 
the difference in safety indices was greater than 0.1, then the tolerance value  
for the residuals (initially taken to be equal to 0.01 - sufficiently large to 
sp eed  u p  the con vergence process but su ffic ien tly  sm all to a vo id  
recalculation) was reduced by 10% and the reliability analysis w ould  start all 
over again. If no convergence is obtained even after 20 such iterations then  
the design  is rejected altogether.
O f all the design  variables presented in paragraph 5.3, the ones finally  
optim ised  are show n  in Table 5.3, inclusive of their m ean and COV values  
but the number of stiffeners (assum ed as design variable) are considered as 
determ inistic for obvious reasons. The remaining design variables although  
not optim ised , are included in the reliability analysis. In m ore detail, the 
fo llo w in g  variables w ere considered  for each of the m ain  structural 
elem ents:
For stiffened flat plate design (decks, struts and haunches),
•  13 variables w ere assum ed normally distributed. These variables w ere
the thickness, length  and w idth of the plate, the d im ensions of the  
stiffener in the direction of loading (web depth and thickness, flange 
breadth - thicknesses obtained from local buckling criteria although it 
w as recognised that such an approach w ould  lead to thin flanges), the
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load  actions (direct, bending, shear and pressure loads), Y oung's  
m odulus, frame spacing and the m odelling uncertainty.
• the y ie ld  stress of the material was the only variable assum ed to be 
lognorm ally distributed.
For cross-deck design,
• the norm ally distributed variables were the depth and thickness of the 
w eb, the thickness of the main and wet deck plating, the frame spacing, 
the diameter of the web cutout, the overall length of the cross-deck, the 
dim ensions of the transverse stiffeners of both the m ain and w et decks, 
the load actions on the girder (bending stresses on the top and bottom  
flanges, shear stress in the web and direct com pressive stress), Young's 
m odulus and the uncertainty in m odelling,
• w hile 3 variables, the yield  stresses of the tw o flan ges/m ain  decks and 
the y ie ld  stress of the girder web plate, were assum ed log-norm ally  
distributed.
For the corner joint design,
• the additional variable (to those used for the cross-deck) w ere the load  
actions on the haunch section ('column') of the corner joint (shear force, 
direct com pressive stress, bending stresses on  the top  and bottom  
flanges), the length of the cross-deck part of the corner joint, the breadth  
and thickness of flanges (left and right belonging to the 'column' part of 
the joint), spacing of the stiffeners, cross sectional areas of the transverse 
stiffeners on the flanges of the joint, while,
• the variables lognorm ally distributed were the yield  stresses of the side  
flanges and the m a in /w et decks and the yield  stress of the girder w eb  
plate.
For the cylindrical structure,
• the shell diameter and thickness, frame dim ensions, ring frame spacing  
and out-of-circularity were assum ed normally distributed,
• the material yield stress and the load were assum ed to be log-normal.
503
G enerally , the variables corresponding to geom etrical d im en sion s (e.g. 
length , dep th , d iam eters, sectional areas etc.) are a llocated  a norm al 
distribution and COV value of 2.5%. Similarly the yield  stresses, for both  
steel and alum inium , were assum ed log-norm ally distributed w ith  a COV 
of 8%, w h ile  Y oung's m odulus w as assum ed to dem onstrate a norm al 
distribution w ith  a COV of 2% [30]. U sually live loads (e.g. m achinery) and  
constant loads are assum ed normal and seaw ay loads as log-norm al. For 
sim plicity, normal distributions have been assum ed herein for all the loads 
and COV values of 15% allocated to them. A ll variables w ere assum ed  
statistically uncorrelated.
Furtherm ore, Table 5.2 presents, for each m ain structural e lem ent, the 
m o d ellin g  uncerta in ties associated  w ith  every  fa ilure m o d e  under  
consideration. For plates under lateral pressure, no detailed com parison of 
the theoretical predictions w ith  experim ental data has been  carried out. 
H ow ever , since in general failure m odes in vo lv in g  ten sion  are m ore 
predictable and more easily m odelled than buckling failure m odes, a low  
COV can be accepted. Hence, for the purpose of lateral strength of plates a 
COV value of 10% can only be considered as being conservative. For the 
cross-deck behaviour, the m odelling uncertainties assum ed w ere based on  
the review  of approxim ately 250 experimental data carried out in  Germany 
[20] during  the d evelopm ent of the Eurocode 3 recom m endations. The 
choice of the Cardiff m odel is justified because of the smaller COV obtained. 
The values assum ed did correspond to the case of steel plate girders. It is 
notable, that no data exist on alum inium  longitud inally  stiffened  plate  
girders, w hile for the vertically stiffened case the COV w as later found to be 
as given  in paragraph 4.4.4, Chapter 4. The low er hulls w ere checked against 
in terfram e sh ell co llap se for w hich  M orandi, based  on a w ea lth  of 
experim ental inform ation (700 data points), proposed m ean of 1.026 m ean  
and a COV of 7.6%. G uedes Soares [31] presented a review  and com parison  
w ith  74 experim ental data, of the strength predictions of three m od els  
describing the ultim ate strength of stiffened plates in  com pression. It w as  
then  concluded  (and later by Gordo et al [32]) that Faulkner's m od el 
provides m ean strength predictions and found it to be both s im p le  and  
su ffic ien tly  accurate for optim isation  purposes. Pu later rev iew ed  the  
m od ellin g  uncertainties for the design  of stiffened steel flat p lating  [33] 
(paras. 4 .2.4, 4.2.5, Chapter 4) but confirm ed G uedes Soares' in itia l 
con clusion s. Furtherm ore, com parison w ith  a very lim ited  num ber of 
experim ental results (10 in number [21]) for steel knee joints su g g est an
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overestim ation of strength of approximately 10% by the m odel used. D ue to 
the lack of appropriate experim ental va lu es of relevant a lu m in ium  
structures, the sam e m odelling uncertainties as for the steel cases w ere  
chosen. This, of course, is based on the assum ption that the sam e m odel can 
be applied to the specific structural arrangement of the exam ple ship.
5.8 Discussion
It is believed  that this chapter has succeeded in  dem onstrating that it is 
p o ssib le  to com bine a reliability-based m ultip le  criteria op tim isa tion  
procedure w ith ultim ate strength m odelling of local structural behaviour in 
order to address sim ultaneously w eight, cost and safety issues even  from the 
concept design  stage. The use of a larger num ber of variables a n d /o r  of 
an oth er exam p le  sh ip  w o u ld  have dem on strated  th is p o in t m ore  
em phatically , at the expense of increased com putational effort, w hich is 
anyw ay considerable due to the substitution of m ulti-objective, non-linear 
optim isation by the sim pler multi-attribute checking and selection process.
The procedure w hich w as applied to the design of the five m ain structural 
com ponents of an exam ple SWATH ship, allow s the designer's preferences 
and requirem ents to be interactively applied at the input stage as linear 
constraints, w h ile  adjustm ent of the level of im portance of the d esig n  
attributes during the final design selection process is possible. Therefore, the 
potentia l of the described design  tool is proportional to the d esigner's  
expertise so it is there to com plem ent his experience rather than to replace 
it. This obvious flexibility of the procedure is underlined by the m odular  
nature of the program allow ing the optim isation process to concentrate to  
ind ividual structural elem ents at the discretion of the designer as w ell as on  
global optim isation of the complete structure.
The m ain problem  encountered in running the application, w as that of 
tim e and com putational effort required by the optim isation routine. This 
problem  w as aggravated by the addition of the library of ultim ate strength  
constraints as the number of reliability iterations for each set of d esign  
variables, each structural com ponent and its in d iv idual failure m od es  
ch eck ed  can p o ten tia lly  be en orm ou s. S tream lin in g  an d  further  
developm ent of the program are essential to address the problem  of speed
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alth ou gh  the m odularity  of the program p rovid es, p oten tia lly , great 
flexibility by perm itting the introduction/upgrading of o th er /n ew  ultim ate 
strength and cost m odels as this research and technology develop. Even the 
lim its on target reliabilities for both the individual structural elem ents as 
w ell as for the com plete system  can also be easily  altered at w ill via the 
input datafile.
The lim its on  the m inim um  values of target reliab ilities u sed  on the 
sp ecific  app lication  w ere those im plied  by the in d iv id u a l structural 
com p on en ts of the original design . A m ore general and 'app lication  
independent7 levels of safety for calibration of the optim ised structures need  
how ever to be prescribed. Such target levels of safety indices can only  be 
obtained either from analysis of a large num ber of sim ilar existing ship  
d esigns a n d /o r  from an analysis of the safety levels im plied  by already  
existing and w id ely  used and respected design  marine codes. At the local 
structure level, the experience of other d iscip lines (e.g. civ il engineering) 
could  assist in setting the target of safety for the in d iv idual structural 
com ponents. Extension of the m ethod to other geom etries (e.g. catamarans) 
w ould  be very useful.
In turn, the cost functions obviously require both refinem ent and the co­
operation of the marine industry. Such a refinem ent should  consider the 
extra cost of the w eld ing  techniques, w eld in g  consum ables and special 
w eld in g  environm ent required in alum inium  construction in  addition  to 
the effect of the w eld ed  thicknesses on the num ber of w eld in g  passes  
required. The cost benefits obtained by the use of extrusions should  not be 
neglected but this has to be balanced against the com plexity and quantity of 
the ex tru d ed  sectio n s w h ich  w o u ld  a lm ost in variab ly  render the  
standardisation of the costing procedure more difficult. R educed handling  
costs and other aspects closely linked w ith the light w eight of alum inium  
(e.g. transportation aspects) should also affect the costing function.
The ultim ate strength m odelling requires further attention. A lthough  the 
m o d els  are su ffic ien tly  w e ll calibrated for stee l a p p lica tion s, their  
application  to alum inium  structures is in need  of further research and  
com parison w ith  experim ental/num erical data to account m ore thoroughly  
for the HAZ softening, the residual stress effects and the m ore rounded  
shape of the stress-strain material curve in alum inium  structures.
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Table 5.7 presents the original design  values in com parison w ith  those  
id en tified  by the optim isation  process. It is obvious that the optim ised  
solu tion  provides disappointingly sm all im provem ents in  w eight, cost and  
system  reliability. These im provem ents w ere m ade possible only due to the 
redesigning of the haunch and strut frame and the reduction in thickness of 
the strut and haunch plate elem ents. Furthermore, the sm all im provem ent 
in total cost is m ore associated w ith the reduction of w eight (and hence  
material cost) rather than a reduction in the construction expenses. Perhaps, 
such a sm all im provem ent in w eight is not so surprising, if one considers 
the fact that the plate thicknesses for the main and w et deck plating, w hich  
are the greatest contributors to the w eight, w ere dow n  to their m inim um  
acceptable values of 4 mm in the first place.
It is w orth  noting that even  this sm all w eight gain w as obtained at the 
expense of safety. The restrictions on m inim um  target reliabilities for the 
in d iv idu al com ponents had to be relaxed (Table 5.7), but the optim ised  
values are not either too different or too sm all. This last point encourages' 
the acceptance of these values. Only a m inor drop on the required upper  
D itlevsen  bound level resulted w hich w as more than acceptable. After all 
this criterion is approximate in its ow n right. It is obvious from Table 5.7, 
that the strength of the knee joint d ictates the final solu tion , w hile  the  
d esign  of the cross-deck is dom inated by shear collapse. Stiffened p late  
failure on the other hand is dom inated by interframe collapse for the decks 
and tripping for the haunch and strut.
D espite these rather d isappointing results, the optim isation of an already  
optim ised  design  can still be a sm all consolation  prize in its ow n  right. 
Irrespective of the quantitative value of the final solution, qualitatively the  
procedure is sound as it 'homed-in' close to the original design  after all.
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Tables
Table 5.1: The particulars of the example SWATH ship.
Displacement 169 tonnes
Mean draught, T 2.7 m
Lower hull length 31.05 m
Length overall 36.5 m
Lower hull diameter, H0 1.8 m
Strut width, T, 1.0 m
Submerged strut height, D, 1.1 m
Box width, B 13.0 m
Hull separation (to centre) 10.0 m
Water plane coefficient, 0.95
Strut height, SH 1.65 m
Box depth, DB 1.0 m
Section depth, D 5.9 m
5.2: Main structural components, failure modes and associated
modelling uncertainties.
Strl. Component Failure Mode Uncertainty
Mean/COV
Cross-Deck Shear mechanism 0.98/6.0
Shear/bending mech. 
Bending/shear mech.
1.0/7.0
Flat plating
Bending failure 0.992/4.5
(a) Long Strength under lateral
pressure 1.0/10.0-8.0
Plate buckling strength 
Tripping strength of
0.98/11.0-5.0
stiffener
Plate induced column
1/15.0-12.0
collapse 1.041/12.0-15.0
(b) W ide Strength under lateral
pressure 1.0/10.0-8.0
Plate buckling strength 
Tripping strength of
0.98/11.0-5.0
stiffener
Plate induced column
1/15.0-12.0
collapse 1/15.0-12.0
Knee-joint Ultimate bending moment
capacity 0.908/115
Cylindrical Hulls Interframe collapse 1.026/7.6
Num bers in bold correspond to values for the ease the material is aluminium.
j Where no such values are quoted those of steel are used .
Table 53: O p tim ised  variab les, a ssu m p tio n s  on  th e ir  s ta tistica l
behaviour, and range o f variation.
Structural
C om ponent
D esign Variables M ean cov Range
Cross-Deck, Decks
& Knee-Joint* -Web plate thickness 4 2.5 4-8
-Thickness of to p /w et
deck plating 4 2.5 4-8
Fram ing* -Frame spacing 1250 2.5 900-1700
H aunch* -Plate thickness 6 2.5 4-8
Strut* -Plate thickness 6 2.5 4-8
-Web depth of frame 200 2.5 100-410
-Web thickness of frame 6 2.5 4-8
-Flange breadth of frame 75 2.5 30-120
-Flange thickness of frame 10 2.5 6-12
H ulls* -Cylinder shell thickness 6 2.5 4-8
Stiffening** -N o. of vertical stiffeners
in cross deck w eb 6 - 3-7
-N o. of longitudinals on
the "flanges of the cross deck 2 - 1-7
-No. of transverse (in global
transverse direction) stiffeners 2 - 1-7
on the 'flanges'of the x-deck
-Web depth of longitudinals 43 2.5 30-120
-Web thickness o f longitudinals 4 2.5 4-8
-Flange breadth of longitudinals 50 2.5 35-160
Loads -Direct in-plane stress 15
-Bending Stress 15
-Shear Stress 15
-Lateral pressure 15
Material -Yield Stress (Log-normal) 217.5 8
properties -Young's M odulus (Normal) 71,000 2
’ Longitudinal stiffen in g  has been assum ed to be the sam e for the com plete structure.
T his assum ption m odels best the use o f extruded sections.
t  O ptim ised design  variables. The rem aining are sim ply  treated statistically.
A ll d im en sions in mm and N/m m 2.
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Table 5.4: Maximum side force and bending moments applied on the
example ship for a number of wave headings and probability 
of occurrences of the extreme values [3].
Dirctn. Force/Bend. Mmt. a=l a =0.01 a=0.001
Side Force (kN) 62 78 84
0° Bending Mmt (kNm) 360 440 480
Yaw Splitting Mmt (kNm) 700 870 950
Side Force (kN) 600 750 810
45° Bending Mmt (kNm) 2100 2700 2970
Yaw Splitting Mmt (kNm) 5200 6460 7010
Side Force (kN) 1610 2010 2180
90° Bending Mmt (kNm) 5910 7360 7980
Yaw Splitting Mmt (kNm) 782 971 1050
Side Force (kN) 585 729 791
135° Bending Mmt (kNm) 1980 2460 2670
Yaw Splitting Mmt (kNm) 5380 6680 7240
Side Force (kN) 103 128 139
180° Bending Mmt (kNm) 569 708 768
Yaw Splitting Mmt (kNm) 520 647 701
Table 5.5: Material volume distribution as a percentage of the total
structural weight of half frame section of the example ship.
Structural
Component
Volume 
(xlO** mm3)
Percentage of 
the total (%)
Top-Deck 43.550 18.63
Wet-Deck 43.550 18.63
Cross-Deck 25.026 10.72
Total (Deck) 112.126 47.98
Haunch 38.475 16.46
Strut 33.405 14.29
Cylindrical Hulls 49.725 21.27
Total (SECTION) 233.74 100
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Table 5.6: Material volum e distribution for the plating, longitud inal and
transverse stiffen ers as a percentage o f the total structural 
w eigh t o f half frame section of the exam ple ship.
Structural
C om pon en t
V olum e  
(xlO*6 m m 3)
Percentage of 
the total (%)
Plating
Top-Deck 35.00 14.97
W et-D eck 35.00 14.97
Cross-Deck 24.03 10.28
H aunch 28.50 12.19
Strut 24.75 10.59
Cylindrical H ulls 42.40 18.14
Total (Plating) 189.68 81.15
Longitudinal S tiffen ing  
Top-Deck 8.55 3.65
W et-D eck 8.55 3.65
H aunch 3.575 1.53
Strut 3.220 1.38
Cylindrical H ulls negligible -
Total (Long. Stiffening) 23.895 10.22
Transverse S tiffen ing  
Top-Deck negligible
W et-D eck negligible -
Cross-Deck (vertical) 1.00 0.43
H aunch 6.40 2.74
Strut 5.435 2.32
Cylindrical H ulls 7.325 3.13
Total (Transv. Stiff.) 20.16 8.63
Total (Stiffening) 44.06 18.85
Total (SECTION) 233.74 100.0
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Table 5.7: O rig ina l versu s fin a l (op tim ised ) d es ig n  variab les and
com parison o f safety.
Structural D esign Variables 
C om ponent
Original
(m m )
O ptim ised
(m m )
M in.
Orig. O p t
Cross-Deck 5.89 5.68
Decks 3.21 3.22
Knee-Joint t, 4 4 2.14 2.15
td 4 4
Frame spacing L, 1250 1245
H aunch t„ 6 5.5 3.82 3.74
Strut t, 6 5.5 4.90 5.18
dwi 200 180
w^l 6 6
bn 75 70
tn 10 9
Cylindrical H ulls tc 6 6 4.23 4.26
L2 1000 1000
333.33 333.33
^w2 43 40
w^2 4 4
bf2 50 45
W eigh t
Cost
D itlevsen  U pper Bound
11.09 t 
£72,800 
0.0168
10.83 t 
£72,400 
0.0164
516
Table 5.8: Load actions for each gross element based on F.E. calculations.
Structural
C om ponent
Load Type V alu e (N /m m 2)
Cross-Deck
(a) Cross-deck Bending m om ent stress 43.5
Girder Direct in-plane stress 6.0
Shear stress 10.0
Lateral Pressure 0.055
(b) Deck plating Bending m om ent stress 43.5
Direct in-plane stress 6.0
Shear stress 10.0
Lateral Pressure 0.055
H aunch Bending m om ent stress 24.0
Direct in-plane stress 0.0
Shear stress 10.0
Strut Bending m om ent stress 15.0
Direct in-plane stress 0.0
Shear stress 10.0
K nee-joint Bending m om ent stress 43.5
Direct in-plane stress 6.0
Shear stress 10.0
Cylindrical H ulls External pressure 0.055
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Figure 5.1: The main structural elem ents o f a SW ATH ship  section.
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Figure 5.2: The transformation o f design space into attribute space in
a structural synthesis exercise [51.
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Figure 5.3: Inertial and hydrodynam ic forces calcu lated  on the
longitud inal plane through the centreline of the ship [12].
Frequency
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Figure 5.4: RAO of side force at beam sea and zero forward speed [1].
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Figure 5.5: Instantaneous pressure distribution at the low er strut and
hu ll section [1,161.
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Figure 5.6: L ongitudinal distribution  o f hydrodynam ic pressure on
the underwater hulls of the exam ple sh ip  [16].
Figure 5.7: 3-D, 2-D and 1-D FE representation of the example ship [2,16].
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Figure 5.12:
a..
Tension field modelling for the design 
'knee-joints' [24].
CHAPTER 6
6.0 Conclusions
The aim of this thesis has been to review the aspects pertinent to the 
structural design and provide the background work and guidance for the 
development of a future code for fast marine vehicles and SWATH ship in 
particular. Recognising the importance of material selection and the 
increasing use of aluminium as a main structural material for main 
structural components, attention has been paid to both steel and aluminium 
applications.
It has therefore been inevitable that a large number of topics had to be 
covered in order to provide the reader with the overall picture of the 
structural design problems expected in this novel form of transportation. As 
a result, no claim for completeness is made herein, but instead proper 
balance had to be struck between large variety and detail. The bias towards 
an 'in width' study of the topic was felt as providing the best means of 
identifying the degree of interrelation and interaction of the various aspects 
of structural design, and has therefore been actively pursued herein.
The SWATH ship was chosen as an example for two main reasons. Firstly to 
conclude the lengthy and considerable involvement of the Department of 
Naval Architecture and Ocean Engineering, University of Glasgow, into the 
load and response prediction of these vessels, by extending the research 
effort into the development of a rational structural design procedure 
appropriate for SWATHs and indeed any other fast marine vehicle. The 
second reason has been the SWATH ship's high weight fraction, which is 
the highest amongst all the buoyancy supported vessels. Hence, it forms an 
excellent candidate for benefiting from any optimisation of its structural 
scantlings. The advantages and disadvantages of this specific concept, all 
stem from its small waterplane area and have been adequately described in 
Chapter 1. It is unfortunate, that the end of the Cold War has identified the 
end, together with so many other things, of the interest in the SWATH 
concept as a stable platform for use in heavy weather which after all is its 
main advantage. Despite the construction of the biggest SWATH ship, the 
3,500 tonne Radisson Diamond three years ago to serve as a cruise liner, the 
concept does not seem to enjoy the popularity that catamarans and indeed 
SES ships do. After all, in terms of transport efficiency, these two vessels 
have been shown to achieve the highest values, despite their high initial
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cost and the difficulties in  the developm ent of lifting system s for larger size  
SES craft. Catamarans are generally v iew ed  as having the greater potential 
for size  increase, and hence, their developm ent is  actively pursued in  both  
Europe and the Far East. In addition, as the payload capacity decreases w ith  
increasing speed the current trend is towards sm all, passenger carrying, fast 
craft but for fast cargo vessels w ith  increased payload dem and and intended  
for longer routes, new , large displacem ent solutions are being considered in  
the Japan and Korea. Considering that the more w eigh t sensitive and hence 
com plex design  concepts are closely associated w ith  h igh  speed  and im pose  
payload  lim itations, catamarans are likely to dom inate the h igh  d isp lace­
m ent range (6,000 - 12, 000 tonnes). For displacem ents up to 6,000 tonnes SES 
ships rem ain an attractive option  as they have been tried for payloads of
1,000 tonnes. For smaller sizes of vessels, where payload capabilities are not 
u sually  a requirem ent, advanced  technological concepts like hovercraft, 
foil-catam arans, SESs and perhaps WIG craft w ill be of m uch better value  
for the passenger transportation market.
It is o f course w orth rem embering that the success and final establishm ent 
of fast marine transportation as a popular and easily  accessible m eans of 
travelling, w ill depend on  three key players, the passengers, the operators, 
and the governm ents.
The passengers are those to w hom  the new  service is aim ed at, and it is  
their approval that w ill dictate future d evelopm en ts. They present the 
largest factor of unpredictability in  the final choice o f transportation, as 
personal preferences are varied and difficult to predict. The success of the 
particular service w ill dep en d  on the lev e l o f travel com fort p rov id ed  
w h ich  is  particu larly  prone to personal preferences, exp erien ce and  
expectations. Slower, overnight ferry services m ight still prove attractive, if 
larger passenger areas, better on board-entertainm ent and the potential to 
"take the car' are available. The fare in  a faster service is  currently  
ap p rox im ate ly  50% greater, and in d eed  rem ains ch aracteristica lly  
uncom petitive w ith  respect to the other m odes of transportation, both  in  
term s of fare level against speed  of travel and fare leve l against distance 
travelled . A lth ou gh , m arket research has sh o w n  that current ferry  
passengers w ou ld  be prepared to pay extra for the service, the acceptable 
level o f fares w ill be dependent on the travel duration, frequency o f travel, 
facilities and space available on board and at the port term inals as w ell as 
the ease by w hich  this m ode w ill link to other lan d /a ir  transport m odes.
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The operator in turn is bound by technical, financial and governmental 
policy limitations. Financially he has to overcome the understandably 
higher risk involved with this type of investment, arising mainly due to the 
lack of information feed-back from the relatively limited number of vessels 
currently in service. The higher capital cost that might arise due to 
specialised materials, construction techniques, duplication of machinery 
and propulsion systems etc., will certainly have the owner thinking twice 
before committing himself to the fast ferrying option. However, this has to 
be carefully balanced against savings in operational costs arising from the 
smaller number of crew, and hence larger (and more frequently) available 
fare earning space. Proper management is essential.
Governmental policies are not so clear cut in Europe as they are in the Far 
East. Although both geographical locations are faced with extreme 
overburdening of their land and air transportation systems, it is only in 
Japan that a modal shift to fast marine transportation is encouraged by the 
national government. Developments in Europe relative to the Common 
Market and the introduction of free trade and competition across European 
borders does not permit discriminatory policies in favour of marine 
transportation, whether this is 'fast' or 'slow'. The additional difficulty 
exists, that the technological and operational challenges involved in the 
new concepts cannot be tackled by individual companies alone. Their 
solution would require a long-term strategy based on partnerships, rather 
than short-term collaboration that would result in bitter competition in one 
or two years time. Government fiscal policies characterised by co-operation 
rather that protectionism, coupled with a sound transportation policy aimed 
at the years ahead will greatly encourage inter-firm collaboration. It should 
also guarantee a local market for the new technology thus encouraging 
collaboration between shipbuilding firms on strategic issues, allowing 
competition only where necessary.
In general fast marine transportation remains an expensive and costly 
service and its success will have to be based on routes where the vessels will 
not be expected to compete with conventional transport systems. Island or 
inter-island sea routes thus become particularly attractive. In fact, it is seems 
that fast sea transportation will face competition in the longer routes 
(150/200 nautical miles) where the overnight ferry provides the opportunity 
to transform the crossing to an overnight mini-cruise. The shorter routes
528
(50/150 nautical miles) are expected to be dominated by fast marine concepts. 
Such routes are numerous in northern and especially southern Europe, a 
popular holiday destination.
Apart from the socio-economic benefits, the introduction of fast marine 
transportation requires radical changes in the design thinking and operation 
of these vessels. In design thinking, the mood has to move away from a 
'rule-based' approach to a more rational procedure. The novelty of the 
concepts, renders the answer to the question of safety, its definition and 
means of quantifying it, even more urgent and essential. Hence, the need 
exists for a probability-based evaluation of the structural integrity, 
simultaneously providing a framework for sensitivity analyses and the 
more explicit consideration and evaluation of uncertainties associated with 
the design variables. Such an approach would also permit the 
determination of efficient and more economical inspection and repair 
strategies. This is particularly useful for novel designs for which the ability 
to compare alternative designs is essential and currently very limited. Of the 
existing reliability methods, AFOSM combines both simplicity of application 
and sufficient accuracy and was therefore preferred for use in this work. The 
background and guidance on the means of deriving partial safety factors and 
good strength modelling have been described in sufficient detail in Chapter 
1. Structural redundancy and a 'system' approach to structural integrity 
analysis, both requiring the examination of all possible load paths and 
modes of incremental collapse were not considered. The main stages in this 
rational design procedure and its advantages have been adequately 
presented in Chapter 1, and have been used in this work as the framework 
for the review and recommendations that have been tackled and presented.
In terms of material selection, the expected move towards designs of larger 
displacements coupled with the weight sensitivity of the structure, requires 
the application of advanced lightweight materials. The attractiveness of 
steel, in terms of ease of fabrication, maintainability fatigue and fire 
resistance, makes it a prime candidate for very large designs {>10,000 tonne, 
46 knots, 120 m in length) where the question of structural stiffness rather 
than weight sensitivity controls the material selection. Structures in high 
strength steels however, are prone to higher and earlier fatigue damage and 
therefore particular attention and alterations to the design of local structural
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details is necessary. For intermediate displacement designs (75 m in length, 
>1,000 tonnes), w here w eight sensitiv ity  is even m ore im portan t, 
lightw eight m aterials are preferred. Considering that both  m aterial and 
construction cost of titanium  is prohibitive to its w idespread application, 
alum inium  and FRP provide handy alternatives. Structural design w ith 
FRP is n o t so stra igh tfo rw ard  (in con trad iction  to its construction 
advantages) and its inability to provide adequate stiffness in conjunction 
w ith  its low fire resistance, restrict its use to secondary structural elements 
and indeed small vessels. In terms of cost, none of the composites is found 
to be competitive w ith steel or aluminium in stiffness sensitive applications 
and only glass-based composites can compete bu t only in strength-critical 
areas. The construction costs associated w ith these materials are similar to 
alum inium  construction for sandwich structures bu t increase considerably 
for single-skin construction.
A lum inium  provides a m ean route in achieving sufficient stiffness and 
light weight in construction and is quite attractive due to its low density, 
corrosion resistance and light weight. The advantages and disadvantages 
have been presented in Chapter 1, bu t the characteristics that will dominate 
the response and behaviour of an aluminium structure is the susceptibility 
of the 6000 series and some 5000 series alloys to HAZ softening as well as the 
relatively  sm all m odulus of elasticity  w hich renders  the structu re  
particularly prone to buckling, vibration and large displacements.
C onsiderable cost benefits are possible in using steel in a hom ogeneous 
construction or alum inium /FR P/steel in a hybrid construction while the 
largest weight benefits are observed by using alum inium  throughout the 
structure, or, in the case of hybrid construction, by using a FRP hull/a lloy  
box /alloy  superstructure construction arrangem ent, at least for m edium  
sized SWATH ships. It is w orth remembering that the cost advantages of 
preferring a specific material should be based on an overall construction cost 
and maintainance analysis, and not on the relative m aterial purchasing 
costs.
The problem of estimation of both prim ary and secondary loads on SWATH 
ships was tackled in Chapter 2. Of the prim ary loads, the side load at zero 
speed in beam seas is the most dominant and seems to act as the m ain load 
input to any structural design procedure. This however, does not mean that 
the remaining loads (longitudinal, torsional, fatigue) should be neglected
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and appropriate empirical expressions have been presented. These were the 
result of the most extensive experimental studies carried out in the USA 
and are highly recommended for preliminary design evaluations. The 
international effort in theoretical prediction of the load and response of 
SWATH ships has also been briefly described but sufficiently referenced. 
Earlier approaches were based on two-dimensional strip theory whose main 
drawback was that load predictions can only be made in the direction in 
which the section is chosen in. Current developments move along the 3-D 
panel theory, which offers the advantage that it allows the inclusion of 
wave load effects in all directions thus facilitating consideration of the pitch 
and yaw motion effects which would otherwise be neglected. Hence, 3-D 
approaches accounting for forward speed effects (translating-pulsating 
sources) are widely used nowadays (e.g. in the US and the Royal Navy) in 
the detailed design of SWATH ships.
The description of the seaway can either be short- or long-term. The spectral 
representation is only applicable for short term wave records whose surface 
is assumed to be a stationary, Gaussian process. The prediction, on the other 
hand, of the characteristics of long-term extreme values deals with the 
occurrence of extreme events which cannot be described by a normal 
distribution because, in a long-term description of the sea, the significant 
wave height and zero up-crossing period will vary, and are by no means 
stationary processes. Hence, the definition of a long term distribution for 
extreme value environmental statistics over the lifetime of the vessel is 
required. Two methods are available for estimation of the maximum 
lifetime wave load action as well as the lifetime fatigue loading on the 
structure; the design sea load method and the lifetime weighted sea 
method. The latter is preferred by the US Navy for application to both 
monohulls and SWATH ships, while the former is a more simplified 
approach preferred by the Royal Navy. The US Navy approach is the more 
accurate in the sense that it accounts in greater detail of the environmental 
considerations for all operational modes over the vessel's lifetime and is 
justified for locations in the structure where failure will automatically 
imply structural collapse, although this is quite rare. The Royal Navy 
approach requires the simplified description of the long-term stress range 
history over the vessel's lifetime in the form of a Weibull distribution and 
is more acceptable for structural areas where fatigue crack will merely lead 
to load shedding to other structural components (Chapter 2).
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Of the secondary loads dominating the structural weight of the wet decks 
and side plating, it is in slamming loads that the work described herein has 
concentrated. The historical development of the topic has been presented 
followed by a description of large scale tests into the phenomenon, 
undertaken in the Department. All researchers are in agreement on the 
presence of the air cushioning effect, in the case of flat bottom impact, 
resulting in a significant reduction in the peak impact pressure. 
Furthermore, the pressure developed during flat impact is not evenly 
distributed over the flat surface. On the evaluation of the effect of 
structure/model weight variation it is generally agreed that the heavier 
structure/model (with the same geometrical size) will result in larger 
magnitude and shorter duration impact pressures. Furthermore, the 
pressure is directly proportional to the square of the drop velocity. At very 
high mass loading the peak impact pressure tends to fall below the line of 
proportionality, and may bring about a linear relationship between 
maximum pressure and drop velocity. In contrast to the flat bottom impact, 
the pressure behaviour of wedge shaped bodies is characterised by the larger 
peak pressure which occurs at a short distance away from the keel rather 
than along the keel. Experimental evidence shows the largest impact 
pressure away from the keel would be experienced on wedge shape bodies 
with a deadrise angle of about 3-4°. The expectation of larger impact 
pressure occurring at lower deadrise angles than 3° is not satisfied due to 
the fact that at such angles the cushioning effect of the entrapped air still 
exists, although not as intense as in the case of flat bottom impact. There are 
some areas that have not been sufficiently incorporated in the slamming 
investigations by drop test models, like the effects of structural flexibility, 
disturbed (irregular) water surface, and forward speed. In addition, 
verification of drop test data should be made against the information from 
seakeeping tests. The inclusion of the structural flexibility and irregularity of 
the seaway may well lead to a shift from the current static load to more 
realistic dynamic load criteria.
The experimental work described herein, has since been extended to smaller 
scale tests by Zhu and Faulkner, in the attempt to identify the possibility of 
obtaining reliable slamming data from small scale drop tests and deriving 
load predictions formulations for direct use in design. The possible effects of 
scaling laws need to be addressed before design guidelines are proposed.
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Design considerations against fatigue were tackled in Chapter 3 
concentrating more towards aluminium applications. The specific aspects 
affecting the fatigue strength of welded joints, irrespective of material type 
have been reviewed. Geometrical misalignment is detrimental to the 
fatigue life of welds as it amplifies any nominally applied stress range, but 
its effects should only be considered in the presence of axial loads on the 
joint. The sole presence of repeated bending stress loads in the structure will 
not justify the use of any of the load amplification factors presented in 
paragraph 3.2.1. Furthermore, the fatigue strength of a joint decreases with 
an increase in the attachment length (in the direction of loading), plate 
thickness and the width of the stressed member. Proper thickness correction 
factors are recommended and should be introduced to account for the fact 
that the test data on which the S-N curves were based have been derived for 
a particular thickness, which is not necessarily that encountered in an actual 
design problem. The use of high tensile strength materials, will certainly 
increase the static and elasto-plastic buckling strength of the individual 
structural components and joints. Unfortunately, it also usually increases 
the applied stress range level in the structure and reduces its fatigue life. 
Careful and more complex design of the sensitive joints will have to be 
undertaken in order to counterbalance this problem.
Corrosion is (together with temperature, see later), one of the 
environmental factors that will affect the fatigue life of welded joints. In 
steel joints, corrosion effects are quite notable, having been known to reduce 
the fatigue strength of offshore structure joints by a factor as high as 50%. 
The simultaneous depression of the endurance limit is so large it is perhaps 
best ignored. In aluminium however, weathering corrosion is not a 
problem as oxidisation of the material's surface ceases naturally. When 
aluminium welds in saltwater environments are considered however, 
experimental investigations reviewed in Chapter 3 have concluded that at 
R=0.5 at least 30% strength reductions (at 105 andlO6 cycles) have been 
observed for both 5083 and 6063 alloys. In the 5083 alloys the reduction 
seems to be the greatest (app. 40%), being worst for fillet welds (48%). The 
6063 alloys present similar levels of strength reduction (app. 30%) for both 
butt and fillet welds. Limited experimental data have shown that at least for 
the 7000 series alloys shot-peening has been found to benefit the corrosion 
strength of aluminium welded details by increasing it at least by a factor of 4. 
Galvanic corrosion should be avoided in aluminium by separating 
dissimilar metallic materials either by painting or use of a a proper sealant.
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Stress corrosion is also important for magnesium (Mg) alloys (5000 series 
alloys) with increased levels of cold forming or annealing at temperatures 
greater than 60°C/ only if the Mg contents are greater than 2.7% (5083, 5086 
and 5456). Alloys containing less than 3% magnesium, have no exfoliation 
and stress corrosion problems. In the annealed state, the Mg alloys may be 
considered as non-sensitive to stress corrosion up to Mg levels of 7%.
Furthermore, the fatigue strength of steel joints decreases with increasing 
temperature while at low temperatures steel becomes particularly prone to 
brittle fracture, especially those in the high strength end of the range. 
Aluminium on the other hand maintains its fatigue strength down to 
temperatures as low as -196 °C but elevated temperatures (300 °C and 400 °C) 
were found to reduce the fatigue strength values by factors up to 50% for 
both smooth and notched specimens. The design codes generally limit their 
application to specific temperature ranges.
Of the alloy types available and widely used in structural engineering, the 
7000 series have been found to exhibit 44% higher fatigue strength than the 
5000/ 6000 series alloys over the complete cycle range. It is worth noting that 
considerable differences are observed between the 5000 and 6000 series in the 
low cycle-high stress range, the high-cycle range showing no difference. 
Current aluminium fatigue design codes make no distinction between 
different alloy types.
The need for more rational, reliability based limit state checks is also 
expected to shift the design against fatigue away from the currently 
applicable lower bound strength solutions and to reliability-based derivation 
of safety factors on load and strength. Therefore, the method of deriving 
such factors to a pre-specified level of safety for the fatigue strength check 
has been described in some detail in Chapter 3. The safety margin can be 
expressed through empirical S-N curves, or through the more theoretical 
fracture mechanics approach and these have been appropriately described. 
Due consideration has been paid to the uncertainties inherent in Miner's 
damage rule, and the levels of uncertainties for their variables are 
recommended based on extensive work carried out mainly for the offshore 
industry. The method for deriving partial safety factors for spectrum loading 
has also been described but not applied herein. A rather extensive 
description of the background and recommendations of the current
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aluminium fatigue codes was also presented which has demonstrated that 
both the reliability-based ERAAS and the BS 8118 recommendations reflect 
the state-of-the-art in aluminium fatigue design mainly due to the fact that 
they have benefited from a thorough review of available experimental data 
and the undertaking of extra tests mainly in Europe in the last 15 years. A 
historical review of these developments and tests has been presented and 
available comparisons of the various aluminium design codes as presented 
in the literature have also been reviewed (para. 3.6.5). Comparison is in 
general not so easy as the design S-N curves, as well as the categories of 
details in classes, is different in the various codes due to the different sets of 
experimental data used for each case. The lack of a standardised detail 
categories between the two codes generally hinders the comparison by 
forcing the use of equivalent details.
The last part of Chapter 3 dwelled on aspects of weldability of aluminium, 
and weld repair methods. Hot tearing and solidification cracking are the 
main causes of low weldability in aluminium alloys. Tearing sensitivity is 
at a maximum for an alloy content between 1% and 3% (e.g. 2000 and 5000 
series) with copper being the alloying element with the largest negative 
influence on MIG/TIG weldability. On the other hand, liquifaction in the 
HAZ can give cracking in alloys (e.g. 6082) which are not considered 
susceptible to tearing. As hot tearing is primarily controlled by grain 
boundary liquifaction, a high solidification temperature should have a 
negative influence on the weldability, the value of which has been found to 
reduce when the solidification interval is increased. Generally copper and 
elements like lead and bismuth, which are added to improve machining 
characteristics, have the largest deteriorating effect on the MIG/TIG 
weldability. Gas weldability is also adversely influenced by lead and bismuth 
in addition to silicon, manganese and magnesium alloying elements.
The identification of the best ultimate limit state strength models and 
serviceability requirements for all structural components and failure modes 
was carried out in Chapter 4. Closed form solutions describing their 
behaviour under prescribed stress fields and stress field interactions were 
reviewed and recommended while their accuracy is presented in terms of 
the bias and standard deviation relative to experimental and/or numerical 
data. In accounting for welded aluminium in structural design, one should 
consider the level of residual stresses locked-in the structure, the reduction 
of the material strength due to HAZ softening and the considerable strain
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hardening observed in aluminium's stress-strain curves. HAZ softening is 
more significant in the 6000 and 7000 series alloys and in the 5000 series 
alloys only when these are at a work-hardened temper. It is the extent and 
strength of this reduction that investigators and codes have attempted to 
model as accurately as possible, and the recommendations by Dwight and 
Robertson in Cambridge (para. 4.1.2) correspond to the state-of-the-art and 
have been employed in the latest BS 8118 structural code. Furthermore, the 
effect of residual stresses in lowering the resistance of aluminium 
compression bars was found experimentally to be approximately 40% lower 
than the effect on steel bars, mainly due to the increased heat conductivity 
of the former material. The beneficial effect of strain hardening, is normally 
neglected, a conservative but simplifying assumption.
If attention is drawn to the stability of the structural components of the 
SWATH ship, the first observation would be that the cross-deck deep web 
plate girder is loaded under shear, direct and bending in plane loads. 
Therefore a review and comparison of the available ultimate strength 
design methods was presented. The tension field approach has been found 
to dominate the design thinking, the main differences in the models arising 
in the assumed boundary conditions for the web, the inclination and width 
of the tension band and the tensile stress distribution within this band. The 
Cardiff model is to be preferred for reasons presented in paragraph 4.4, and 
has been used in the application example described in Chapter 5. Although, 
models exist which tackle the interaction between shear and bending loads 
on deep-plate girders, none accounts for the additional presence of in-plane, 
direct compressive loads as applicable to the SWATH example. These have 
been introduced as a superposition to the bending stresses acting on the 
flanges, a theoretically sound solution. The beneficial effect of the presence 
of horizontal stiffeners in the 'girder' web are also properly accounted for in 
the final proposed expressions. Four failure modes are possible (para. 4.4.2.4) 
ranging from 'pure shear' loading to pure bending, depending on the 
relative magnitudes of in-plane shear and direct/bending loads acting on 
web panel. Patch loading, however, has not been addressed. The 
conservative extension of the theory to aluminium girders already exists as 
the model has been introduced in the BS 8118 code of practice. In accounting 
for the HAZ softening effects, the complete web area (and not just the HAZ) 
is assumed to possess reduced material strength thus affecting the 
contributions of the tension field and the flange plastic hinges to the overall 
ultimate strength.
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The ultimate strength of perforated girders has also been investigated (para. 
4.5). Although cutting a hole in the web plate reduces its shear buckling 
resistance and ultimate strength considerably, the reduction in bending 
s treng th  is small because the flanges carry most of the bending moment. 
The positioning of an opening at the centre of the web results in the biggest 
reduction of the width of the post-buckling tension band thus reducing the 
ultimate shear capacity of the girder. Therefore, where possible, the cutout 
should be placed eccentrically to the centre and on the compression 
diagonal. The extreme case of positioning the perforation in a web corner 
(and away from the anchoring corners of the tension band) offers the 
advantages of an increased critical buckling shear stress and an increased 
tension band width and thus an increased ultimate shear strength relative 
to the values obtained for the centrally located cutout cases. In the cases 
where alternating loads exist, the openings can only be placed centrally on 
the web. Detailed models, based on the Cardiff model exist for the cases of 
single, circular and rectangular perforations positioned centrally, 
eccentrically and on the corner of the web panel and relative to the tension 
field band. No models are available for perforated aluminium plate girders, 
and hence the approach used by Cardiff for the unperforated cases has been 
extended for use in the example of Chapter 5. No experimental/numerical 
support to this proposal exists as yet. For design, a conservative approach by 
Narayanan et al which assumes that the reduction in ultimate strength of 
the plate girders is proportional to the increase in diameter (or equivalent 
diameter) of the cut-out while the ultimate strength capacity is obtained by 
linear interpolation between the unperforated ultimate strength and the 
Vierendeel load, is recommended and has been used in Chapter 5. The effect 
of the reinforcements may also be included via accounting for the 
formation of 4 extra plastic hinges on the reinforcement itself and the 
resulting extension of the tensile band relative to the unreinforced case. 
Suitable reinforcements could be designed to restore the strength of the 
girder to that of an unperforated web and the subject is sufficiently 
referenced in paragraph 4.5.5.
Stiffened flat plating is used in a SWATH structure on the main and wet 
decks, the haunch, side shell, and strut arrangements. In tackling the 
buckling question of stiffened/unstiffened plate elements use of an 
'equivalent' column approach is usually made. Boundary conditions can be 
considered in detail but pinned assumptions are more widely acceptable as
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simplifying and conservative. Modelling their strength can be carried out 
either via a 'Perry-Robertson' beam-column approach which concentrates 
more on the effects of initial imperfections and does not directly account for 
the effects of residual stresses or via a 'column' approach which concentrates 
in the effects of residual stresses but does not account implicitly for the 
effects of initial imperfections. Although, most aluminium design codes 
follow the beam-column representation of strength by appropriately 
calibrating Perry's constant to experimental data, it is the detailed 
consideration of residual stress effects and the potential to extend this 
method to account for HAZ strength reductions that makes the column 
approach most attractive. It is therefore recommended through Faulkner's 
effective width model and has been adopted in a new model proposed for 
the design of unstiffened aluminium flat plates. The accuracy of this model 
has been proven for steel plated structures (paras. 4.2.4, 4.2.5), and its ability 
to predict the strength of 'long', unstiffened, welded and unwelded 
aluminium plates has been tried in 4.2.5.3 against a limited number of 
experimental data. For unwelded, plates, the agreement of Faulkner's model 
with experimental data is excellent. For welded plates, the additional effect 
to residual stresses of HAZ softening had to be accounted for. Therefore, the 
reduction in strength in the heat affected zones was appropriately balanced 
over the complete section of the plate through an 'equivalent strength' 
value. This strength was obtained from plate stiffness considerations of the 
heat affected and non-heat affected zones.
In accounting for the residual stress reduction effects and inelastic 
behaviour, it must be remembered that the main difference between the 
mild steel and aluminium alloy stress-strain curves is that the former 
demonstrate clearly an elastic to plastic behaviour transition point. The 
proportional limit can thus simply be defined. In aluminium however, 
material non-linearities characterise the curve throughout the stress-strain 
range and hence the application of residual stresses in the model becomes 
more complex. Using Faulkner's steel assumptions which are equally 
applicable to aluminium structures, in addition to the Ramberg-Osgood 
representation of the material stress strain curve the value of the 'inelastic' 
collapse stress may be obtained and hence the reduction in the ultimate 
strength of a long plate determined. Comparison of the model with limited 
experimental data has yielded very encouraging results, but more tests and 
comparisons are required before a final statement can be given with respect 
to its accuracy. This is mostly needed for the 'transversely welded' plate case.
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It is interesting to note that, in accounting for the effects of the weld 
orientation relative to the compressive load and its position on the plate, 
the extensive numerical and experimental research into the behaviour of 
aluminium welded columns has been reviewed and its main 
recommendations adopted in the plate model.
The extension of the long, unstiffened aluminium plate' model to the 
stiffened case is straightforward as demonstrated in paragraph 4.2.5.4. The 
way the model has been developed, permits the possibility of different alloy 
materials being considered for plate and stiffener, the need to account for 
construction aspects arising from the use of extruded sections and the effect 
that the position along the length of the stiffener of a possible transverse 
weld will have on the overall column strength. Hence, separate account is 
made for the case of non-welded stiffeners or extrusions and for stiffeners 
welded at their toes. The approach has not been tested against experimental 
data and is presented herein as a rational extension to the unstiffened 
aluminium plate approach presented in paragraph 4.2.5.3. Appropriate 
experimental data are very limited and thus a more thorough investigation 
and evaluation is recommended as further work.
Interaction expressions accounting for the effects of co-existence of in-plane 
load (any combination of axial, biaxial compression, in-plane shear) and 
lateral loads, are generally derived based on numerical and experimental 
data, as a result of a simple curve fitting exercise. The most extensive review 
of available data has been carried out by Guedes Soares and Gordo and the 
recommendations proposed herein are a direct result of their work. As a 
general comment, it may be said that for biaxial loading a generalised von 
Mises expression is used by the various codes, ranging from circular to 
parabolic and to expressions permitting tensile and compressive loads to act 
in-plane. The most 'mechanically correct' interaction expression is the one 
that accounts for both the aspect ratio as well as slenderness effects on the 
plate behaviour. In the presence of lateral pressure load, it is a linear 
interaction expression between the pressure load and a form of 'equivalent' 
uniaxial in-plane compressive load. Uniaxial (or 'equivalent' uniaxial) 
compression and shear are normally obtained from a circular interaction 
expression.
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Numerical and experimental investigations into the possibility of applying 
interaction expressions derived for steel plates for aluminium plate 
components, have concluded that this is possible except in the cases of 
stocky plates loaded transversely and plates with small imperfections, for 
these cases the maximum reduction in strength observed was not greater 
than 5%. In addition, aluminium plates were found to be less imperfection 
sensitive than their steel equivalents and their load-deflection curves in the 
post-buckling range are flatter than steel thus enabling plate grillages to 
sustain greater loads.
Stiffeners throughout the structure should be designed against a rigidity and 
a strength criterion (para. 4.3). For the rigidity criterion, Maquoi's proposals 
for the minimum rigidity (y) that longitudinal or transverse stiffeners 
should possess in order to guarantee rigid nodes of attachment to the plate 
under a variety of load conditions, should be used. Amplification factors are 
also introduced on the optimum rigidity values depending on the type of 
stiffeners, the type of the stiffener cross-section and the thickness ratio of the 
plate. Furthermore, the vertical stiffeners which define the main web 
subpanels at the cross deck girder should be designed so as to withstand the 
compressive components of the tension field formed on the web plate in 
the post-buckled regime in addition to to the destabilising bending 
moments introduced by the out-of-straightness of the longitudinal stiffeners 
(paras. 4.3.2 and 4.3.3). Similarly, any horizontal stiffeners present are also 
designed to withstand possible direct compressive loads, this time externally 
applied. Guidance is provided for the proper load estimation for both 
stiffener types, while for the longitudinal stiffeners means are available for 
determining their number and position on the plate, as these two factors are 
expected to affect the structural weight and behaviour (para. 4.3.3.1). In 
designing against tripping, it must be borne in mind that this failure may be 
avoided by appropriate proportioning of the stiffener dimensions, by using 
symmetrical stiffener cross-sections or by the introduction of tripping 
brackets. The benefits of the latter measure are questionable especially as it is 
on the assumption of pinned boundary conditions at the stiffener toe that 
their use becomes worthwhile. For the majority of structures, tripping 
failure is independent of the unsupported length as the plating provides a 
stabilising (or destabilising) rotational restraint to the stiffener. To account 
for the plate contribution to strength, Faulkner's closed form expression 
which explicitly introduces the degree of restraint the plate offers to the 
rotation of the stiffener about its toe, is recommended. It does not however,
540
consider the effect of web deformations occurring at positively restrained 
conditions at the toe, and is hence found to be conservative. Morandi's 
inclusion of this aspect, has resulted in an expression, which although 
accurate with respect to numerical data, is quite complicated for direct use in 
design. Finally, the serviceability requirements proposed for the stiffeners, 
apart from the rigidity requirements mentioned earlier, are those which 
refer to the relative dimensions of the flange and web of the stiffeners. A 
yiled stress safety factor of 3 against critical, elastic buckling is recommended 
(para. 4.3.5) to avoid local buckling of these stiffener components.
The stability of ring and stringer stiffened shells against external pressure 
loads is also addressed (para. 4.7). To obtain a weight efficient cylindrical 
structure when it is externally pressurised it is worth remembering that, the 
shell thickness and hence weight decreases with decreasing frame spacing, 
that the high strength material is advantageous only when high external 
pressures are expected, that the ring frame cross sectional area increases with 
increasing frame spacing and finally that the structural weight is not 
proportional to the level of external pressure loading. Of the two main 
modes of failure, interframe shell collapse forms the basis for design while 
overall collapse, which is frame induced, is avoided by large safety factors. 
The former can occur in the form of elastic shell buckling for the more 
slender geometries and appears in the form of a number of circumferential 
waves with one-half wave between frames or in the form of interframe 
yielding (axisymmetric plastic deformation), a characteristic of stocky shells. 
On the other hand, in overall collapse, frame failure can occur either by 
frame yielding, shell yielding, or frame tripping (interacting with shell 
buckling). General instability is sensitive to shape imperfections and its 
prediction is therefore less certain. Hence, it is designed out by 
dimensioning the ring frames against o-o-c bending stresses and by 
providing them with adequate rigidity against tripping. In design the BS 
5500 proposals should be used on the basis of conservatism and wider 
acceptance, while for tripping, Faulkner's closed form expression accounting 
for the interaction of shell and frame is to be preferred especially 
considering the undue conservatism of the BS 5500 requirement. Generally, 
in the design of cylindrical externally pressurised structures of a given 
radius, the stiffener spacing is governed by interframe shell collapse, the 
stiffener size is governed by general instability and volume requirements in 
the cylinder, while the proportions of the frames are governed by tripping
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and local buckling considerations. To design any conical transition joints, 
Niordson's proposals (para. 4.7.2) are recommended as being sufficiently 
tried and require the use of the same strength formulations and criteria as 
for cylindrical elements under external pressure, but with appropriate 
modifications to account for the taper angle. For the design of dome ends 
under external pressure loads (para. 4.7.3), Faulkner's proposed Merchant- 
Rankine interaction between elastic and inelastic sphere collapse pressures 
offers a mean curve through experimental data and is recommended.
For the design of orthogonally stiffened cylindrical structures under axial 
and pressure loads, the failure modes that should be considered are the 
buckling of shell element between the stiffeners (serviceability), bay 
instability, the tripping of stringers and/or ring frames, and finally general 
instability. General instability is designed out by the choice of conservative 
dimensions for the ring frames and based on the same procedures as for the 
ring framed cylinders. Hence, the design of orthogonally stiffened cylinders 
proceeds as a stringer stiffened only, over the bay length between frames and 
for the former three failure modes. For this purpose, the 1991 RCC revised 
proposals demonstrate the best agreement with steel experimental data and 
have therefore been recommended.
In applying the steel models for cylindrical sections under external pressure, 
to aluminium constructions, Kendrick's procedure is recommended. The 
equivalence comes by replacing a y with the 0.2% proof stress, a0 2, and by 
replacing Young's modulus E, by the secant modulus, Es, defined at the 
0.2% proof stress by a0 2 /  e0 2. The comparison of this proposal against the 
aluminium shell data has not been carried out, but its general effect would 
be to increase the shell slenderness, resulting in reduced compression 
strength. The check of this expression and the possible extension of the 
aluminium flat plate model (para. 4.2.5.3) to shells could offer the basis of 
future theoretical and experimental investigations.
An attempt has also been made to view the web plate in the plane of the 
cross-deck/haunch intersection as a 'knee-joint', like those encountered in 
civil engineering practice. The main difference is that in this specific case 
the web is deep and slender and therefore cannot be designed based on the 
plastic approaches used for the standard beam-to-column frame 
connections. Research work carried out in Germany on steel knee-joints of 
deep girders and columns (para. 4.6) has been reviewed and extended to the
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current application, rather arbitrarily and without the support of 
experimental data (Chapter 5). Possible extension to aluminium 
construction of the model has also been attempted. The changes to the 
original model suggested herein, have a sound theoretical basis and were 
based on approaches used for the design of deep plate girders. They still 
however, remain mere suggestions until appropriate experimental data 
become available.
It is believed that Chapter 5 has succeeded in demonstrating that it is 
possible to combine an AFOSM reliability-based multiple criteria 
optimisation procedure with ultimate strength modelling of local structural 
behaviour in order to address simultaneously weight, cost and safety issues 
even from the concept design stage. The use of a larger number of variables 
and/or of another example ship would have demonstrated the effectiveness 
of the method more emphatically, at the expense of increased 
computational effort. The design optimisation was achieved by obtaining 
efficient solutions via random generation of designs in the feasible design 
region. Final selection was performed by a goal programming approach 
based on the criteria of structural weight, cost and minimum safety 
(reliability index). Aluminium alloy material, as well as realistic fabrication 
constraints, are incorporated in the analysis.
The structural design variables optimised were the plate thicknesses, frame 
spacing, the frame dimensions in the strut, the cross-deck stiffening, the 
main and wet deck stiffening, and finally the dimensions of the main 
longitudinal stiffening throughout the structure. The choices of the limits 
within which these variables were allowed to vary, had to conform with 
what is generally available from the construction methods, extrusion 
manufacturing processes, etc. and would benefit greatly from the designer's 
experience. Only one transverse slice of the vessel was chosen and 
optimised as representative of the vessel's geometry.
The design criteria were introduced in the form of linear constraints on the 
design variables in the design space, analytical ultimate strength 
formulations and design attribute functions.The linear constraints imposed 
accounted for constructional aspects, the possibility of the use of extrusions, 
restrictions on the minimum stiffener spacing, the relative depths of 
intersecting stiffeners, thus making the process adjustable to individual 
construction and welding practices. The ultimate limit state checks
543
considered were described in Chapter 5. It is worth noting at this point, that 
the modularity of the computer code coupled with an efficient optimisation 
algorithm, can accommodate hybrid material construction cases in the 
search for the best solution in terms of safety, cost or weight solution. Such 
an investigation will be very useful and can initially be restricted to the 
allocation of different materials to different structural components, and 
then extended to the use of alternative material stiffeners and plating 
within the same structural component. The effectiveness of the connection 
joints will have to be guaranteed for the options finally considered.
In the design attribute functions, a simplified cost expression was used 
which reflects mainly the difficulty in obtaining accurate costing algorithms 
from the industry but considering the comparative nature of this study they 
were more than sufficient. The cost model can be extended to include 
overheads (e.g. plate cutting and forming, the number and size of structural 
components relative to the number of workers handling them etc.), 
variations in the labour rate from yard to yard, the efficiency of the 
individual labour groups within a yard and relative to other yards. The size 
and capacity of the handling equipment such as cranes will also affect the 
labour cost as it could determine, among others, whether construction 
would be carried out undercover and away from the effects of the 
environment, or the efficiency and quality of construction would be 
adversely affected by bad weather. The effect on cost of corrective actions 
that are almost certainly linked with inefficient working practices, would 
also have to be accounted for. Furthermore, the material cost is a function of 
the grade (steel) and alloy (aluminium) and is always prone to specially 
negotiated prices. The introduction of any special considerations such as the 
higher inert gas cost, welding consumable cost and the number of welding 
passes required, require additional attention and the industry can provide 
useful experience along these lines. The cost algorithm should finally reflect 
the beneficial effects of standardisation introduced by extrusions in every 
aspect of the construction process. This has to be balanced against the 
complexity and quantity of the extruded sections which are likely to render 
the standardisation of the costing procedure more difficult.
The procedure described in Chapter 5 also allows the designer's preferences 
and requirements to be interactively applied and therefore its potential is 
proportional to his expertise, complementing his experience rather than
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replacing it. This obvious flexibility of the procedure is underlined by the 
modular nature of the program allowing the optimisation process to 
concentrate on individual structural elements at the discretion of the 
designer as well as on global optimisation of the complete structure.
Unfortunately, the main problem encountered in running the application, 
was that of time and computational effort required by the optimisation 
routine. Streamlining and further development of the program are essential 
to address the problem of speed, although its modularity provides, 
potentially, great flexibility by permitting the introduction/upgrading of 
other/new ultimate strength and cost models as research and technology 
develop.
The limits on the minimum values of target reliabilities used in the specific 
application were those implied by the individual structural components of 
the original design. A more general and "application independent" levels of 
safety for calibration of the optimised structures need however to be 
prescribed. Such target levels of safety indices can only be obtained either 
from analysis of a large number of similar existing ship designs and/or from 
an analysis of the safety levels implied by already existing and widely used 
and respected design marine codes. At the local structure level, the 
experience of other disciplines (e.g. civil engineering) could assist in setting 
the target of safety for the individual structural components. Extension of 
the method to other geometries (e.g. catamarans) would be very useful.
The optimised solution has provided disappointingly small improvements 
in weight, cost and system reliability for the chosen design, for reasons 
explained in Chapter 5. Nevertheless, the optimisation of an already good 
design can still be important in its own right.
Appendix 6.1 provides a condensed version of the more important Design 
Recommendations drawn from the main chapters under the headings:
• Preliminary Considerations
• Load Estimation Recommendations
• Fatigue Strength Modelling Recommendations
• Ultimate Strength Modelling Reccomendations
References to the appropriate sections in the main text are provided.
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APPENDICES
APPENDIX 1.1: The Types of Advanced Marine Vehicles
There are three ways of supporting a ship and its cargo on the water. The 
traditional solution has been static buoyancy lift although hydrodynamic 
lift, as obtained by hydrofoils, has been in use for many years in fast 
passenger vessels. Powered static lift is only now becoming more attractive 
through the SES concept but has been in limited use in air cushion vehicles 
for quite sometime too. The current trend is more towards hybrid solutions 
combining two or all three of the lift forces, the most popular being the 
surface effect ships.
The most common types of fast marine vehicles are the d isp la c e m e n t  
t y p e s  either in their m onohu ll  or tw i n /m u l t i - h u l l  versions. The 
monohull design has evolved from round bilge to chine type with a deep- 
V hull and is quite attractive because of its low building costs and limited 
technological risks. Their high wave making resistance however, renders 
them uneconomic at high speeds. Multi-hull vessels on the other hand, 
have the advantage of greater deck space and improved stability 
characteristics arising from the distribution of the buoyancy away from the 
centreline. Of these, catamarans are most popular despite their operational 
limitations at rough weather. Improvements in the seakeeping capability of 
twin-hull vessels, and indeed any displacement vessel, is only available via 
the SWATH concept whose high resonant frequencies are not in phase 
with the swell frequencies in a developing seaway. The disadvantage of this 
concept is that very high speeds are attainable at the expense of considerable 
power consumption and hence their speed is usually restricted to a 
maximum of approximately 35 knots.
Planing hulls and hydrofoils with fully submerged or surface piercing foils 
belong to the category of vessels whose operation is based on hydrodynamic 
lift. Planing hulls are usually the norm for small, fast pleasure craft but 
their operation is very sensitive to sea conditions. Hydrofoils are limited in 
size, but provide reduced wave making resistance mainly due to the foil 
being the only part of the hull in contact with the water. The surface 
piercing hydrofoils, have good seakeeping and speed characteristics and are 
intrinsically stable, but are limited by the foil interference with the water 
surface. On the other hand, submerged foil hydrofoils present good 
seakeeping characteristics but require a sophisticated foil control system as
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they are intrinsically unstable. Although specific designs are on offer in 
Japan, Korea and the USA, hydrofoils offer the least scope for size and 
payload increase and hence their further development is not actively 
pursued worldwide. A more recent development in Korea and Japan, is 
that of foil-assisted catamarans, the amount of hydrofoil lift varying 
between 20-80% of the total depending on the design. Flaps on the foils 
provide roll, heave and pitch control. The main advantage of this concept 
is that it permits the development of efficient designs depending on the 
speed and craft sizes [1]. For a given speed, as the craft size increases the 
proportion of lift available by the foils diminishes, until the concept 
reduces to a catamaran with ride control foils. Hence, an efficient design can 
be developed over a wide range of vessel sizes. A very good historical 
review of the developments and applications of hydrofoil technology and 
its hybrid applications worldwide is provided in [2-4].
Ships with dynamic or powered lift are more weight critical than those 
supported by buoyancy as an increase in the main dimensions will not 
necessarily compensate for a weight/payload increase. This occurs because 
the structural weight is proportional to the third power of length while the 
lift of a foil or planning surface or an air cushion is proportional to the 
square of length. In any case, powered air static lift vehicles are of two types, 
hovercrafts and surface effect ships (SES). In the former case the air-bubble 
containing ’skirt' extends over the perimeter of the craft and the propulsive 
efficiency is considerably reduced because the propulsion is not of marine 
type but 'air based'. SESs present an hybrid form between a catamaran and a 
hovercraft by containing the air-bubble between the two side hulls and two 
(fore and aft) 'skirts'. This bubble normally supports 80% of the weight of 
the vessel. The popularity of surface effects ships may be traced back to their 
limited resistance to high speeds (wetted area and wavemaking resistance) 
as available in hovercraft, and the efficient marine propulsion (waterjets) as 
available in catamarans.
Another rather distict concept, which be loosely placed in the 'dynamic lift' 
category is the Wing-in-Ground-Effect concept (WIG). These craft own their 
lift and high speed on a hybrid design between hovercraft and aeroplane 
which uses the aerofoil lifting effect when operating close to the sea or land 
surface. It is a technology not well developed worldwide except in Russia [5- 
7] were it has seen great growth in the form of large cargo-transportation 
amphibious craft. China is also actively involved in the concept. The main
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argument is whether this technology is categorised as marine vehicles or 
aircraft, with the knock-on problem of classification and operation 
restrictions. The debate on this matter is on-going between the Russians 
who prefer to see the technology as fast marine craft rather than accept the 
hydroplane viewpoint of the western world.
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APPENDIX 1.2: The Major Research Programmes in Fast Marine
Transportation Concepts
Current research effort into fast marine transportation seems to be 
advancing along two rather distinct routes [loc. cit. 1]. European yards 
restrict their research and development to monohull designs [1, 2, 3] with 
only some research institutions currently actively involved in the design 
and development of small, passenger vehicles in the form of catamarans, 
SES and SWATH ships. Although conceptual designs are available in 
Europe for larger, high payload cargo catamarans up to 1,000 t payload, no 
major construction has been carried out, except perhaps the sole example of 
the Stena HSS Catamaran and the SWATH cruise liner 'Radisson 
Diamond' [4]. On the other hand, Japanese and Korean shipyards are 
concentrating on large multihull vessels and particularly hybrid designs. As 
pointed out in the conclusions of a recent fact-finding visit of a team of 
experts [5] to Japan and South Korea, the shipyards actively involved in the 
design and construction of advanced marine vehicles are specialising at 
most in three concepts each.
Japanese research and development efforts concentrate on the catamaran 
concept and some variations like foil-assisted (e.g. Hitachi Zosen), super- 
slender twin-hull (e.g. IHI), SWATH (e.g Mitsui, also specialising in 
hovercrafts) and hydrofoils (e.g Mitsubishi, Kawasaki under liscence from 
Boeing, USA). Air-cushion vehicle designs are also available (e.g. Mitsui) 
but further developments are not actively pursued. In parallel to these 
developments, in an attempt to extend the technology and advantages of 
high speed marine travel to the transportation of payloads of considerable 
magnitude, the Japanese ministry of transport has launched, in 
collaboration with 7 major Japanese shipyards the Techno-Superliner (TSL) 
project [6, 7, 8]. Two distinct concepts are investigated by the project, both 
required to carry 1,000 metric tonnes over 5000 nautical miles at a speed of 
50 knots. The first concept (TSL-A) is an 127 metre surface effect ship 
considered by Mitsubishi and Mitsui. A 70m prototype able to carry a 
payload of 200 tonne at a speed of 40 knots has already been built with sea 
trials completed in late 1994. The second concept (TSL-B) is a hybrid of a 
foil/submerged hull concept developed by Kawasaki Heavy Industries, 
Hitachi Zosen, Ishikawajima-Harima Heavy Industries, NKK Corporation 
and Sumitomo Heavy Industries. Although a 17m long prototype has been
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constructed and sea trials have been completed, further development of 
this concept is unlikeley as its primary aim was to develop the associated 
technologies for use in the (TSL-A) project [5]. The results of sea trials on 
both concepts are expected to be reported in September 1995 at the Fast'95 
conference in Germany [9].
The Korean activities in turn, include a range of foil catamarans up to
12,000 tonnes and 50 knots (e.g, Hyundai), ultra-slender catamaran (e.g. 
Daewoo), surface effect ships (e.g. Daewoo, Samsung, Semo, Hanjin), 
SWATH ships (e.g. Hyundai), hovercraft (e.g. Hanjin) and monohulls (e.g. 
Halla). Generally, twin-hull designs are the most favoured in both Korea 
and Japan. Faulkner et al in [5] provide a summary Table of the concepts 
developed in both Korea and Japan. Non-hybrid twin hull craft (i.e. 
planing, wavepiercing, SWATH, catamarans) constitute approximately 30% 
of all concepts being built or investigated in the Far East. Inclusion of hybrid 
craft would increase this percentage to 75%. The SWATH concept is not 
actively pursued by the Far Eastern yards. More detailed and technical 
information on the developments may be obtained from [loc. cit. 1].
In Europe, the four year Norwegian High Speed Marine Vehicle Research 
Programme was launched in 1988 under the initiative of MARINTEK and 
the NTH and under the auspices of the Norwegian Council of Research [10]. 
Its main aim was to integrate in a 'global' research effort all aspects affecting 
the design, construction and operation of fast marine vehicles, through the 
improvement of old and/or development of new design practices. It has 
suceeded in increasing both the number of employees working in the 
norwegian fast craft marine industry and the total industrial turnover by 
factors 2 and 3 respectively. In the technological field, the project 
concentrated in the development and prototype construction of foil 
catamarans and SESs [11, 12], mainly for passenger transportation. Sizes up 
to 40m length, transporting 350-400 passengers at speeds of 45-50 knots, 
have been considered. Particular effort has been paid in motion control 
system design and development, noise reduction, while the application of 
advanced composites and lightweight materials coupled with a fresh look 
at strength design formulations have been encouraged. Work is currently 
underway on the design of large, fast cargo ships of 90-100m length with 
payload of 500-800 tonnes and a range of 500-700 nautical miles. Different 
concepts (catamarans, SWATHs, SESs, monohulls) are studied for different 
types of cargo transportation in european waters. The work on small
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marine craft is also used as a 'scaled' down prototype basis for larger scale 
designs. The norwegians seem to be the only nation which have extended 
their research into the development of general safety and economic 
guidelines. Studies have been undertaken in the attempt to reduce 
operational costs and improve passenger safety. Considerable effort has 
been invested in the improvement of machinery reliability while the 
development of operating and emergency procedures and procedures for 
evaluation of the competence and training level of the crew are currently 
considered. Furthermore, standards have been derived for the arrangement 
of bridge equipment [13], working conditions, navigation equipment, fire 
safety as well as limitations on the effects of collision loads and operational 
practices. Current research, (to be completed in 1996) has extended in more 
detail into aspects of structural design, mainly though in the accurate 
prediction of dynamic loading and response [14-17] and the reliability of 
machinery systems [18].
The German Research Program for fast and unconventional ships 
commenced in 1990 and concentrates on three main concepts, the 
conventional planing and semi-planing catamarans (SUS-A), SWATH 
ships (SUS-B) and SESs (SUS-C). Research into catamarans has proceeded in 
hydrodynamic investigations (hull resistance and ship performance in 
calm water and waves) of a series of catamarans with four length to beam 
ratios (7.5-13.5), three dead rise angles and different frame characteristics. 
Symmetrical, semisymmetrical and asymmetrical forms are examined and 
hard chine and round bilge catamarans compared. A variety of propulsors 
have also been investigated. Conceptual designs have been prepared for 
river-, passenger-, container- and car/passenger-catamaransof lengths 
between 20 m and 70 m and speeds up to 30 knots. The maximum 
displacement investigated is that of 1,000 t (cargo-catamaran). The research 
effort in SWATH ships (SUS-B) also aimed in creating hydrodynamic and 
conceptual design information for different types of SWATH ships for a 
variety of operational roles (e.g. passenger and cargo transportation, ferries 
and research vessels). The research effort has concentrated on seakeeping, 
resistance and propulsion, maneuvrability and stress analysis and the 
creation of systematic hull forms for design. Studies into slamming is also 
scheduled but no results have as yet been published. A major aspect of this 
work has been the development of numerical tools for the calculation of 
resistance in waves, slamming, and response to waves. Such tools have 
been developed for resistance estimation but not tested against test data as
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well as for the motion prediction and load estimation of the systematic 
series using strip theory for twin-hulls. Load predictions were however 
tested against experimental data and were found to be satisfactory only 
when cross-flow forces were included. Speed effects do not seem to have 
been considered yet and further research is underway along these lines. 
Research efforts in aspects of structural design and lightweight 
construction, seakeeping and maneuvering have not, however, 
commenced. Details of the status and results of these programs up until the 
end of 1993 are presented in [19-23].
As described by Faulkner in [24] UK activities in the field of fast marine 
transportation are not as organised and frequent as in the other European 
countries described above. Universities have been and are involved in 
individual projects referring to stability, motion control, manoeuvering, 
hydrodynamics, structural design and material aspects, but very few of 
them are interrelated. The U.K. industry is also actively involved in the 
design and construction of small vessels but the degree of co-operation and 
'nationalistic' approach observed in Far Eastern European countries and 
Norway is missing. More details may be obtained from [24]. 1 ■ 1 11 ' ■
An update on the worldwide research and developments is expected in [9].
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APPENDIX 1.3: The Steps in the Evaluation of Partial Safety Factors
1. Determining the limits of applicability of the code to be calibrated, in 
terms of materials and structural components
2. Identifying the level of safety required from each of the structural 
components in question (usually obtained by a reliability analysis of 
already existing designs and/or code checks)
3. Determining the failure functions for the individual structural com­
ponents and for every load case under consideration
4. Identifying the modelling uncertainties and the randomness of the 
design variables involved
5. Decision on suitable safety format of the check expression, i.e. the 
number of PSFs in the expression, their position in the expression, and 
the variables with which each of the PSFs will be directly linked
6. Decision on whether the inputs to the check equations as values for 
the random variables will be mean or characteristic (nominal) values. 
This decision will greatly depend upon the efficiency and accuracy of 
the quality control procedures used by the material manufacturer as 
well as by the constructor. It is these limits that will influence the final 
acceptable tolerance levels (for both material and geometrical 
properties)enforced by the code draughter and will determine whether 
mean or characteristic values should be used in the code expressions. 
Generally, variables with small sensitivity coefficients otj (low 
dependency of strength on its value) should be represented by their 
mean values (e.g. most dimensions) and variables with large 
sensitivity coefficients (e.g. most loads and material strengths) by their 
characteristic values (generally 5% and 95% fractiles)
7. Variation of the values of the PSFs and estimation of the reliability 
index for each set of chosen PSFs. These have to lie within a preset 
range and as close as possible to the required level of target reliability 
for the structural component, or to the global reliability index in the 
case where a uniform safety level is required throughout the structure.
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APPENDIX 3.1: Experimental Investigations into the Fatigue Strength
of Aluminium Weldments
The development of the more recent aluminium fatigue design codes (e.g. 
BS 8118, ERAAS) has demanded (a) the re-evaluation of old fatigue data 
usually carried out in small scale and (b) the generation of new data, more 
'application specific' and in large scale. The following experimental research 
projects aimed to satisfy both of these goals for alum inium  jo in ts:
(1), the ALDABA project [1] which commenced in 1980
(2) the ECCS activity resulting in the 1991 recommendations (COST 506 
Program) [2,3,4]
(3) the EUREKA project [5] undertaken by Denmark, France, Germany, 
Italy, Portugal, Holland and Spain concerned the investigation of the 
behaviour of welded, bolted and bonded aluminium alloy joints
(4) the ALFABET project, joining existing databanks in Germany and 
the USA and expecting to provide a system of information sources 
on design procedure and reliability estimates for aluminium 
structures [1].
The latter three projects aimed at enriching the existing databanks with 
more realistic and representative full-scale fatigue test data. In addition, 
aluminium fatigue data compilations exist at the Welding Institute, 
Cambridge by Guerney and Maddox (sources of data referenced in [6]), in 
Europe by Haibach and Atzori [7] and in the USA by Oliver and Ritter [8].
The ALDABA (CAFDEE) Databank: Aluminium fatigue test data in the 
form of a databank were first initiated by Munse, followed by Saunders in 
the early 1970s when the Welding Research Council (WRC) databank was 
formed at the Iowa State University. In parallel (in late 1960s), Kosteas 
developed relevant statistical regression analysis software at the University 
of Karlsruhe by Steinhardt and Kosteas. The Committee on Aluminium  
Fatigue Data Exchange and Evaluation (CAFDEE) was founded in 1980 
based on the co-operation of these two institutions. Its aim was, and is, to 
collect and analyse aluminium fatigue data obtained worldwide, thus
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forming the Aluminium Data Bank, as well as assisting in and planning 
additional experimental tests and code developments. Many countries are 
represented on the Committee both at the academic and industrial levels. A 
summary of the CAFDEE study is presented in [9]. In 1982 the Bank 
contained the results of over 1100 test programs with approximately 12,000 
individual test results [10] and in 1992 approximately 15,000 data points [1]. 
The CAFDEE data bank also contains data on fatigue crack growth, bolted 
joints fatigue and adhesively bonded joint fatigue. Since 1985 there is a 
simultaneous installation and operation of ALDABA in the University of 
Munich and Iowa State University. The development of the ECCS 
European Recommendations on fatigue design of aluminium structures [3] 
was based on this databank (with additions of further large scale test data).
The ECCS Large Scale Model Activity: Considering the previous work of 
the ECCS TC2 and the interests of several national bodies, as well as the 
difficulties in evaluating and analysing previously derived small scale data 
and data stored in ALDABA, the European Aluminium Association (EAA) 
put forward in June 1988 the COST 506 Program of the Commission of the 
European Communities to provide the first comprehensive outline for the 
fatigue behaviour of structural components (especially beams) in 
aluminium [2, 4].
To enhance this data and to overcome the limitations introduced by small 
scale test data, fatigue tests on large welded beams [11,12] were carried out at 
the Technical University of Munich between 1982 and 1991, yielding 
approximately 1000 experimental data. Two different full scale beam 
projects were performed, Project A (1982-1986) and Project B (1987-1991) [12]. 
Three different alloys were tested-7020, 5083 and 6005. These tests 
contributed significantly to the structural detail classification of the ERAAS 
Rules.
Further fatigue tests were performed by Alusuisse on full and half depth 
stiffeners, welded on extruded 6000 series beams and on various web 
attachments [13,14] between 1988-1990 (20,000 data points) in support of the 
development of the ECCS recommendations. Evaluation of both the TUM 
and these results (a total of 414 test points) is presented in [13, 15]. These 
tests, together with work by Fisher and Menzemer [16], increased the TUM 
data points to 2500.
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Ondra and Kosteas in [11] report the existence of experimental results by 
Maddox and Webber (1987) of small specimens with induced high residual 
stresses (sources of data referenced in [6]), which they compare with the 
TUM data. No specific reference is however provided.
The EUREKA Project, EU 269 [5], commenced in 1989 and completed by 1992 
was undertaken by Denmark, France, Germany, Italy, Portugal, Holland and 
Spain. It focused on the behaviour of welded, bolted and bonded joints 
made of 5000, 6000 and 7000 series aluminium alloys. It consisted of three 
phases, concentrating on the evaluation of already existing data, additional 
experimental testing of structural details with associated fracture mechanics 
evaluations and proposal of fatigue life estimation methods for design code 
application, respectively. The results and conclusions are presented by 
Soetens et al in [5].
The ALFABET Project: The Aluminium Fatigue Behaviour and Evaluation 
Task Project (ALFABET), currently underway between the Munich and 
Iowa Universities, aims at providing a complete computer aided system for 
fatigue design of aluminium structures. This is envisaged to be carried out 
by linking ALDABA (and additional fatigue data updating it) as one 
information source to further information sources and decision making 
tools (e.g. literature, books, manuals, expert knowledge) and then to design 
recommendations based on reliability estimates. All these will be accessed 
and connected via computers and computer terminals. The project is 
developed in three phases [1]:
Phase I: Development and enrichment of the data bank
Phase II: Formation of links between data description and data analysis
(detail classification, description and evaluation, graphics, design 
parameters, manufacturing options, quality criteria, welding 
technology information)
Phase III: Integration of Phases I and II into a system by providing interface
and feedback information to the user. It concerns the integration 
of criteria and manufacturing parameters as well as assessment 
procedures for components and structures.
A detailed description and the layout of the menu driven computer 
program permitting interaction and analysis with the database, as well as 
the information technology aspects supporting it, are presented in more
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detail in [1]. Information on the user-friendliness and interactive
capabilities and program flowchart are provided.
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APPENDIX 4.1: HAZ Effect Modelling by Robertson and Dwight
In 1985 work at Cambridge University by Robertson and Dwight [1, 2] 
tackled the question of HAZ effect representation in the most 
comprehensive way to date. Their work concentrated in providing accurate 
estimates of the extent and the strength of the HAZ softening using Kelsey's
[3] earlier description (Fig. 4.5) assuming a three-part distribution of 
strength in the welded section. It was shown that the exten t of the HAZ is 
affected by:
• the metal temperature at the beginning of welding
• the built-up of temperature in multi-pass welds
• neighbouring parallel welds; if these are laid simultaneously the
extent of their combined HAZ increases
• the positioning of the weld too near to a free edge. The HAZ softening 
increases as in this case the heat dispersal is by far less efficient. In this 
case the effect was found to depend on the ratio between the distance
of the weld to the free edge and the extent of the HAZ calculated
disregarding the free edge effect.
It is important to remember that the following description of the model is 
only valid in the absence of any 'free-edge' effects. This is the case when the 
'free-edge' is located further than 3r from the weld. Fiurthermore, it relates 
to MIG welding process. TIG welding tends to produce additional softening 
due to the possibility of the torch dwelling in the spot.
For design purposes the assumed step change from welded to parent 
material strength values is taken to occur at a distance from the weld (or 
the root of the weld) given by:
r = (xA+x„)/2 For thin plates (<10mm)
r = iJo .5 (x2A + x l) For thick plates (>25mm)
Roberston's investigations have resulted in the following models in three 
thickness ranges; thermal control is assumed throughout but correction 
factors are introduced when this fails and elevated temperatures exist:
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1. For thin plates (up to 10mm app.) the extent of the HAZ measured from 
the centre-line or root of a weld was found to be proportional to Aw/N  and 
inversely proportional to the mean thickness of the heat flow paths. 
Rosenthal's 2D heat flow model [4] was used in the modelling resulting in 
the following recommendations:
• For Bead and B u tt W elds-SINGLE PASS
*a = kA (Aw/ 2) and x„ = k„ (Aw/2)
where Aw and d are the weld deposit area and plate thickness respectively 
and
K
For 6000 series alloys 3.0 6.6
For 7000 series alloys 5.8 8.0
• For Bead and B u tt W elds-M ULTIPLE PASS
The same expressions should be used provided that Aw is taken as the 
deposit area of the largest pass. It is unlikely that multiple passes will be 
required in thin plating.
• For Fillet Welds
For single fillet corner weld r is obtained via the above equations and 
measured as shown in Figure A4.1.1. For T-fillet joints, r is measured from 
both welds (Fig. A4.1.1b) and the net area is the HAZ assumed, r is now 
taken as 2/3 of the value for bead and butt welds to allow for the presence of 
three heat-paths (against two for the butts). For the cruciform joint r is 
measured as for the fillet joints and is taken as either 2/3 or 1/2 of the bead 
and butt weld values depending on whether there are three or four heat- 
paths available during welding.
• The effect o f initial temperature
The effect of initial temperature (insufficient thermal control) is accounted 
for, by multiplying the r value determined above by a factor F given by:
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F = (Tp-20)/(T p-T o)
where Tp is the peak temperature and T0 is the initial temperature (both in 
°C). Hence:
Alloy series Increase inF Temp, increase
(from/to) (from/to)
7000 1 to 3.0 40 °C to 150 °C
6000 1 to 2.2 50 °C to 150 °C
Tp values are given by:
6000 series 7000 series
Edge of zone A 520 °C 275 °C
Edge of zone B O o n 205 °C
2. For thick plates (exceeding 25mm app.) the extent of the HAZ is 
measured radially and was found to be proportional to ^Aw/N  where Aw 
is the total section area of the weld deposit per pass and N is the number of 
heat flow paths adjacent to the weld. Rosenthal's 3D heat flow model [4] 
was employed in the theoretical modelling. For a thick plate zones A, B, C 
are separated by semi-circular arcs of radii xA and xB given by:
• For A ll W elds-SINGLE P A SS
Xa= K 4 K  and xB=kBVA7
where Aw and d are the weld deposit area and plate thickness respectively 
band
K
For 6000 series alloys 1.7 2.6
For 7000 series alloys 2.4 2.8
563
• For A ll W elds-M ULTIPLE PASS
For multi-pass welds it is assumed that each pass has a "zone of influence' 
of radius r (Fig. A4.1.2) where r is as given above for a surface run. The total 
HAZ is defined by all the overlapping arcs. Its boundary may be 
approximated by drawing tangents at a perpendicular distance r from the 
preparation (as shown in the figure) and the area thereby enclosed is the 
assumed HAZ used in design.
• The effect o f initial temperature
The effect of initial temperature is accounted for, by multiplying the r value 
determined above by a factor F given by:
F  =  V ( T p - 20 ) / ( T p - T ° )
where Tp is the peak temperature and T0 is the initial temperature (both in 
degrees centigrade). Tp values are as given earlier. Hence:
Alloy series Increase in F Temp, increase
(from/to) (from/to)
7000 1 to 1.7 40 °C to 150 °C
6000 1 to 1.4 50 °C to 150 °C
3. For intermediate thickness plates (in the range 10-25mm app.) separate 
estimates based on the 'thin' and 'thick' models should b$ carried out and 
the smaller of the HAZ areas found should be chosen. To avoid 
discrepancies arising by employing the thick model to relatively thin plates 
(e.g. 17mm) the following r values should be used for the calculation of the 
'thick' plate estimate:
For 6000 series alloys r greater of 180/d or 14mm
For 7000 series alloys r greater of 270/d or 17mm
The estimation of the severity of softening is based on a simplified
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approach in terms of the factor s (the ratio of HAZ strength to parent 
strength). This approach assumes that the reduction in strength is a 
function of the alloy alone neglecting the possible variations due to the size 
of the weld and the thermal history. It is therefore pessimistic when applied 
to welds which are small in relation to the thickness of the plate. Hence the 
estimation of s was based on the most adverse conditions likely to occur in 
practice. Therefore Robertson and Dwight recommend:
For 6000 series alloys s = 0.5
For 7000 series alloys s = 0.75
Special attention should be drawn to transversely loaded welds. In this case 
it is necessary to base the design of the joint on the strength at the critical 
position A (Fig. 4.5) or the strength of the weld metal itself. For 6000 series 
plates it was estimated [2] that with a 5000 series filler point A is critical 
while for a 4000 series filler the weld metal and point A are of comparable 
strength. For 7000 series plates with their 5000 series standard filler the 
critical position is the weld metal position which is usually weaker than 
position A although under certain circumstances the reverse may be the 
case [2]. Hence to cover both possibilities, Robertson suggests the use of a 
reduced strength equal to 60% of the parent material strength (if the metal 
temperature at the start of the weld cannot be guaranteed to be below 40 °C. 
Temperature built-up between weld passes was accounted for by a factor a  
although for thin material temperature built up is not the norm, a  is 
assumed to vary as follows:
Alloy series a  increase Temp, increase
(from/to) (from/to)
7000 1 to 3.0 40 °C to 150 °C
6000 1 to 2.2 50 °C to 150 °C
References
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Figure A4.1.1: Extent of the HAZ as recommended by Robertson [17].
Figure A4.1.2: Robertson's recommended method for estimating the
HAZ extent for a multi-pass weld [17].
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APPENDIX 4.2: Initial and Final Permanent Set Values
In 1974, Faulkner presented the results of measurements of values of 
central plate deflections on British frigates [1, 2], recommending the 
following expression for their representation:
w„/t =
0.12 p2 (tw/t) for P £ 3
, ,  , x for tw > t
0.15p (tw/t) for p > 3
tw ,t are the web and plate thicknesses respectively. A normal distribution of 
deflection amplitudes was observed with COV in the range between 0.3 and 
0.6. High COV values corresponded to heavily welded (and hence thicker) 
plating [2]. It must be noted that the measurements were on single-pass 
welds. Multi-pass welds result in larger deformations.
Antoniou in 1980 [3] presented the following expression for the value of 
assumed initial permanent set in the analysis of plate behaviour for lateral 
as well as in plane loads:
,  y>.42
w D/t = 0.073 P165 1*- for p£2.5
v t
This formula was based on a regression analysis of over 2000 values of w Q/t  
measured on newly built steel merchant ships over a period of 10 years. For 
steel plates, Antoniou was more specific in proposing the following 
expressions for maximum initial deflection assumed:
0 .014 --0 .32  for t£14m m  
t
t 0 .018--0 .55  for t<14m m  
t
The main difference of Faulkner's recommendation from that of Antoniou 
was the linear relationship of the magnitude of the initial deflection with 
the web to plate thickness ratio tw/t. Antoniou opted for an exponential 
relationship.
More recently, Jastrzebski and Kmiechik suggested another relation 
following measurements in merchant ships [4]:
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w pi/t  = 0.0094 (b/t) -  0.205
These investigations have led to the general adoption of equations centred 
around w pi/t  = 0.1 p2. Masabuchi has presented more complex formulations 
in 1970 [5].
There is insufficient information for the weld induced distortions on 
stiffeners. According to Faulkner in [6], stiffener (initial or permanent set) 
deflections of the order of w stiffener/l = 0.001 have been measured. This 
relationship, being also typical of civil engineering structures, is finally 
recommended. 1 is the stiffener length.
Because of the variety of serviceability requirements no universal value of 
acceptable permanent set, w pt, can be set. For naval vessels and every 
weight critical structure, a relatively large value of w pt/b = 1/50 is accepted. 
For cargo ships the ratio may drop down to 1/100 [7]. This out-of-flatness 
may be about 1/75 of the plate width in aircraft carrier deck structures. 
Concentrated loads will generally alter these values as they are assumed to 
act with any coexistent uniformly distributed pressure loads.
Faulkner in [8] presents the following limits on permissible maximum 
deflection, based on U.K. naval experience:
• For bottom plating and strength deck w pt /t  = 0.25 P
• For decks, bulkheads and remaining structure w pt/t  = 0.5 p
API Bulletin-2V [9] in turn, recommend the use of w pt/t  = 0.2p. In the 
presence of coexisting in-plane compressive loads, the allowable maximum 
permanent set must be restricted, to protect against reductions in plate 
buckling strengths.
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APPENDIX 4.3: The Design of Flat Plating Under Lateral Pressure
Elastic Small Deflection Design (Not recommended)
For long plates the maximum elastic deflection is given by:
15 ^ 0  for simply supported edges  ^
{ k1 C for clamped edges
_ p b 4( l - u 2)
32 E t
and the maximum stress in the plate is given by (Figs.4.11, 4.12):
where
k ,=
-0.0269 a4 +0.3409a 3 -1.599a2 +3.296a -1.517 for l< a < 2 .4  (s.suppd)
1 for a  >2.4
0.0052a 3-0.5275a 2+1.781 a -0.98224 for l< a < 2 .6  (clamped)
1 for a  >2.6
and for the maximum stress, the correction factor becomes:
k2 =
-0 .018a4 +0.1736a 3 -0 .599a2 +0.8389a -0.1054 for l< a < 3  (s-suppd)
0.25 for a > 3
-  0.0162 a 4 + 0.188 a3 -  0.813 a 2 +1.552 a  -  0.603 for 1 £ a £ 1.6 (clamped)
0.34 for a  >1.6
Elasto-Plastic Design
Boundary Conditions: Edges Free to Slide,
• For 1 < a < 5 and 2 < (3 < 6, the allowable pressure, p, is expressed
in terms of an allowable permanent set, wpt
P =
6 a„ ( t x2 /
6 g y f t
Va Vb
2 w 
i + — £  
a t
v3 °“ y
for p<2.5 
for P>2.5
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• For l £ a < 5  and (3 <2, the elastoplastic approach is overruled 
and the fully plastic design approach of Wood is used. It is based the 'roof­
top' collapse bending mechanism, not accounting for membrane effects:
Fully Plastic Design
Boundary Conditions: Clamped apart
The criteria are either three hinge collapse or roof-top collapse with or 
without accounting for membrane stresses depending on whether the 
plating is 'long' or 'short7, slender or stocky. Specifically,
• For 'long' plates (a  £ 2.5) failure occurs by three-hinge collapse:
C^ is equal to 1 for clamped plates and equal to 0.5 for simply supported 
plates.
For 'short' plates (a  < 2.5) - Roof Top Collapse Mechanism
for p < 2
P = 1
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APPENDIX 4.4: Morandi's Model for the Stiffener and Ring-Frame
Design Against ElasticTripping 
As a result of the inaccuracies occurring in tripping stress predictions due to 
the neglect of the web deformation effects, Morandi [1, 2] adapted 
Adamchack's previous theoretical approach for flat stiffened panels [3] 
accounting for web deformations, to the case of ring frames. Morandi's 
expression does not tackle tripping failures in the inelastic range for which 
the approach recommended by Faulkner is used (Chapter 4):
Stiffened Panels under compressive loads should be checked against elastic 
tripping failure based on the expression that follows:
For T-Stiffeners where
a = (Al)2(
f  \ 2
b = c~c. +c.r„ +lGT + E r ^ A lV l  c .fA lV  + -^ 2 - +
c = | c ,  c2 d2 (Al)'2 + [G J + E r 2 (Al)2][c, + c2 + EIz (Al)4] + E r , (Al)2 c, + 1-
c6 = I. -  - 1  twdc3 c7 = I, + b(t(d2
A l = A2 = a„.platt a. for a t 5 2o„_,
R ing  Framed C ylinders  under compressive loads should be checked 
against elastic tripping failure based on the expression that follows.
For Flat Bar Stiffeners (Jt —
b -  -^ b2 -  4 a c 
2a
where
b = 225( l -  v 2)a t a2 + 2a3 +90(1 -u)a? +525a, + ^ a 3 [84 + y  a, (3 -5 v ) + af
c = a,4 + 90(1 -  w)a,3 + [l029 -  21(2 + 5u)2laJ + 3150(1 -  u)a, +
225(l-\)2)a2 8 4 + y a ,(3 -5 \))  + a12l
C „d.ai =((A l)d„) a2= ^ a, =
(A2)dw t.
where Al, A2 and Con are as given earlier.
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APPENDIX 4.5: Flowchart of Scheer et al's Procedure for Estimating the
Ultimate Strength of Knee Joint Plating [1]
1. Gegeben Mc r rM2
2 . G ew ahlt M,Nx ,Ny , NXy ,N y x  *)
3 . S e t z e XAB ” LC 
Mi * 0
er -  a i
ec “ ax
:d * 0
•c t a n  bw/ a w 
:c t a n  aw/ b w
4 .  B e rech n e «  -  (Mc r + m2 ) /  m
5 .  B e rech n e Np l , r  
Np l , c  
" p l . r  “
“p l f C
f y f  * b f  * b f r  
£y f  * b f  * b f c  
f y f  * b f  * h fr *  1 4 
f y f  * b f  ’ h f c *  1 4
6 .  S e t z e Mi - 1  “ Mi
7 .  B e rech n e Nr  -  (Nx y  + Ny ) « a  
Nc  -  (Ny x  + Nx ) • a
1
8 .  B e rech n e *A * « p l , r  * t 1 -  ( " r  1 Np l , r > * >
Nn m N— " t p r  • t w • 1x0
mB * **plf r  * " <NB !  N p l . r ) 1 ) 
Me -  Mpl f C  • (1  -  (Nc  /  Np l f C ) » )
nD * Nc  " Tc r  * ^  * XCD
mD * * * l , c  * C1 -  <ND '  N p l ^ ) * )
\  ■
9 .  B e rech n e 1*3  -  y 2 ( M ^ M u J / f O y t . t ^ . s i n ’ e, .)'  
■^AB > *w m> ^AB " *w
1CD * ^2 ( M e + M u J / t O y t . t ^ . s i n t e c )  
1CD > bw “ > 1CD ” bw
i
1 0 .  B e rech n e
3 l * max |
^AB * 
i CD *
s i n  8 r  
s i n  9C
Mi * - 9 l  • • ( b 2 + 9 i  !  2)
Mi * ml + m2 +
a -  Mi /  M
n e i n
—( ende^
1) Scheer, J., Pasternak, H., Schween, T., 'Zum Tragverhalten Ausges- 
teifter Rahmenecken mit Schlanken Stegen', Stahlbau, Vol. 60, 1991.
APPENDIX 4.6: Proposed Strength Models for Ring/Stringer Stiffened
Cylindrical Shells After the 1991 Re-evaluation of the 
RCC Formulations [1]
A .l Axial Compression
It is basically the RCC formulation with a revised value for the bias 
for the shell knockdown factor.
(i) Elastic buckling stress for perfect curved panel of mean 
radius R, arc length s:
(Ja = 0 . 9 0 4 (4 + ^ -jfo r Z ,S 1 1 4  
= 0.605eT^1 for Z, >11.4; Z. = | U / l - v 2
(ii) Knockdown factor Cower bound):
e„ = l-0 .0 1 9 z ;25 + 0 .0 0 2 4 Z ,( l - ^ j  for Z. S 114
e„=0.27 + ^  + J  + 0 . 0 0 8 ^ 1 - 3 ^ )  fo r ll4  < Z. S 70
(iii) Bias for mean knockdown factor
B = 125 fo r ln= y a r/(e„ c j > l
= 1+0.25 Xn for A.n £ 1n  n
Q = B m e a n  knockdown factor
(iv) Elastic buckling stress for imperfect shell:
<*kx =  Qoa =  BQma a
 ^ reduced slenderness parameter
(v) Assume for weld tension block parameter in shell:
r\ = 4.5 for continuous structural fillet welds
= 3.0 for light fillet welds
= 0 for stress-relieved structure
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(vi) Residual stress reduction factor 
ft) X* X2Rr= l -
( a / t - f t t i  (1+0.25X4)1 (105X -0.28) 
1 , for X£ 0.53
, for X> 0.53
(vii) Shell reduced effective width (minimum) and shell effective 
width (minimum):
2®- = (0.53/x)Rf , for X > 0.53, =1 for X £  0.53
for X £  0.53,=lforX 2:0.53
(viii) Elastic critical stress for column-shell combination: 
*2EI'. . .  0.605E(t/R)
0 ,=  L2(A§ + L t ) +C* l + A . / s . t
where:
fA t (zt + t / 2 ) s _ t
12I ,= I ,+  ^ l + A . / s . t  y
I  = I  + [ A t ( z , - h t ^
• * [  l + A , / s « t  J 12 
= a , /  oy , c,=0.75 assumed knockdown factor
Ox) Inelastic buckling stress using Ostenfeld-Bleich structural
tangent modulus approach:
= { l - p . ( l - p j  /  + }o , ,fort|> * p,
= rjKTy for op < p. , where p, = O p ,/o y
p, s  0.5 in general ; 0.75 for stress-relieved structures
(x) Revised shell reduced slenderness parameter and effective
width of shell:
h.  =  for X. 2  0.53, =  1 for X ,<  0.53
s x, ;
(xi) Average ultimate collapse stress:
(•A .+ set l
Using the above formulations, the mean and cov of the modelling 
parameter for the 52 (steel + aluminium) data set are: Xm = 1.01 
and s  13.3%.
A .2 Partial Pressure
The preferred provisional strength formulation far radial pressure is 
that of API Bui 2U discrete, but with some changes in the effective 
pressure correction factor.
(i) y burning pressure for ring-stiffened cylinder of mean
radius R, thickness t, unsupported length L:
P«L =
127
A +0.5
E(t/R)2 , for Mx > 1 5  and A  <2.5
0.92
E(t/R)2 , for 2.5 < A  <0.208 R/t
= 0.836q;LO“E(t/R)3 , for 0.208 <C p <2.85
= 0.275E(t/R)J , for Cp > 1 8 5
where: A  = -1 1 7 ,  Mx = L /  V R A  , Cp = At /  R
(ii) Plastic collapse pressure of stringer stiffener-shell 
combination:
p . = ^ A k k
(Hi) Effective pressure correction factor.
Kp= 0.25 + 0 .8 5 g /500 , forgSSOO
= 0.98+ 0 .1 2 g /500 , for 500 < g  < 2500 
where g  = MxM#Lt A t/It , M, = s2/R t  
(iv) Bay inelastic failure pressure and stress:
P<a = (p*. + P,)KF
a«ca = P<*(R / t  + 0-5)KIL 
where = 1 , for Mx 2:3.42
= l- e \ |)  , for Mx < 3.42
e = (A /L .t+ l) ‘1;A  = Ar( R / R r ) 2
Rr 3  radius to centroid of ring stiffener 
L. = 156VRt + tw£L  
= 1 0  , for Mx £ 1 2 6  
= 158 -  0.46M, , for 1 2 6 < Mx <3.42  
= 0 , for Mx £  3.42
Using these formulations the statistical results for the 11 models are: 
Xm 3 114 and = 13.4%.. The model will be improved by
incporating the best features of the RCC model
A .3 Combined Axial Compression and Radial Pressure
With terms as defined in the text, the failure interaction equation is:
= 1
Using this the statistical results for the 35 models using the abovt 
recommended axial and radial strength models are 
Xm = 110 and v * . = 211%.
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APPENDIX 4.7: Shear Centres and Warping Constants [1]
Section Distance
to stMar contra, C
Warping constant
H
X c
/.(*•+«*) +/*(&* +a*) 36
I, -  inertia oi bulb about 
median line of leg
H CK
a
S.“
/ -1P ' - f ab?ct 1*1 a 2.1 c \* a*r—  (4c* + 3b*c + 6be3 + ab?) -  I j?c 1j i  . I, |_2 + 4 c ~ 3 \ b )
-
HH
(c
d-----------X
4
h-*H
snpi-i-
r-faJLui
d —  X
( £ M ^ )
|i —  (4c3 + Zb*c -  6bc* + ab*) -  I,*2X fr
a
10.'
b ;
“Uniform Ihickneea, t
N.B. dlmenaiona a, b, c, d, e, i ,  are measured along and to medWn I
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1) Marsh, C , Strength of Aluminium', Alcan Canada Products Limited, 
Fifth Edition, Canada, 1983.
APPENDIX 6.1: Design Recommendations
This Appendix provides a condensed version of the more important 
Design Recommendations drawn from the main chapters under the 
following headings:
• Preliminary Considerations
• Load Estimation Recommendations
• Fatigue Strength Modelling Recommendations
• Ultimate Strength Modelling Reccomendations
References to the appropriate sections in the main text are provided.
For Fatigue design the models are lower bound at about 2 standard 
deviation levels below the mean of the test data. For ultimate strength the 
models are aimed at being close to the mean values, and with two or three 
exceptions this is achieved.
P R E L IM IN A R Y  C O N S ID E R A T IO N S
The widespread use of Fast Marine Vehicles is a question of su p p ly  and 
d e m a n d . D e m a n d  depends on passenger, operator and government 
requirements, and the available fast ship designs should address these 
considerations (sections. 1.1-1.2) in a balanced manner if they are to 
succeed. Supply of the appropriate technology and designs will have to 
address technical as well as strategic challenges and depends on:
• industria l aspects (partnerships and long-term collaboration, para. 1.4)
• opera tiona l aspects (training, "aircraft' technology and operation, 
human error minimisation, para. 1.4) and addressed by the new IMO 
HSC rules
• R esearch  and  D evelopm en t (as identified by observed failures in 
AMVs, page 41) in the following areas
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(a) machinery reliability (Machinery failures more than doubled 
between 1985-89 vs. 1980-1984)
(b) load prediction tools
(c) permissive instead of prescriptive regulations
(d) ultimate strength-based structural design codes possessing  
reliability based partial safety factors thus encouraging first 
principle design. The reasons for such a choice are described in 
para. 1.5, but they mainly reflect the weight criticality of AMVs and 
the uncertainties in load estimation, operational profiles, the 
design variable values and the accuracy of strength prediction 
models
- The assumed target reliability  used for partial safety factor 
calibration should be based on
• existing designs, or
• the values implied by current design codes, or
• taken as p=4 for novel designs
- The fo r m a t  of the sa fety  check expression should be kept as 
simple as possible and close to the form
Yq Y . Q ^ R
BUT choices must be made relative to the number of PSFs and 
the positions of the PSFs in the design equations (paras. 1.5.4.3, 
1.5.4.4)
- The v a r ia b ility  of the design variables 
may be assumed as:
in stren g th m odelling
Item Distribution COV Bias
type % C i %
Yield Stress LN 6-9 10 to 15
Young's Modulus LN 1-3 -2 to 2
Plate Thickness N 1-4 -2 to 2
Cross Section of Scantlings N 2-4 -2 to 2
Welding Stresses LN** 10-15
Plate Distortions N* 30-50
Stiffener Distortions N* 10-15
N=Normal Distribution, LN=Log-Normal Distribution
(*) the same type of distribution as for cross sectional dimensions assumed
(**) the same type of distribution as for yield stress assumed
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(e) new materials and hybrid construction but current trends are
• GRP for A < 50 tonne and V<44 knots
• aluminium for all displacements and V>30 knots
• steel for A >120 tonne and V>20-30 kn and increasingly 
replacing aluminium at higher speeds and displacements
• high strength steel for designs above 1000 tonnes and 46 knots
• In the structural design and analysis of SWATH ships the designer 
should consider the (para. 1.8.3)
(a) shear lag which affects the buckling efficiency of the plating
(b) high stress concentra tions  on the transverse bulkheads at four 
locations
(c) shear stresses  present in the cross-deck girder and transverse 
bulkheads
(d) a first shot at the stress d istribution and m agnitude  in the deck, side 
plating and at the stress concentration  points can be obtained via 
Sikora and Disenbacher's parametric expressions (para. 1.8.3). They 
are conservative for smaller vessels so for greater accuracy FE 
analysis is recommended
(e) the available means for stress and stress concentration reduction 
are presented in para. 1.8.3 from which the radius of curvature at 
the haunch intersection with the cross deck is the best for stress 
concentration reduction while the partial transverse bulkheads is 
the most weight efficient approach.
L O A D  E S T IM A T IO N  R E C O M M E N D A T IO N S
Three means of estimating the prim ary loads on SWATH ships are:
(a) Empirical formulations (at the concept design stage)
(b) Theoretical estimations based on spectral determination of the sea 
conditions and structural response
(c) Experimental Investigations.s
(A) EMPIRICAL FORMULATIONS should be preferred at the design 
concept stage. The design load expressions recommended for the 
individual primary load components are
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• Longitudinal loads
• Vertical shear loads
• Side force
• Torsional loads
• Load Combinations
• Slamming loads
Sikora's empirical algorithm (para. 2.1.1.1) 
Empirical US Navy algorithm (par. 2.1.1.2)
Most significant primary loads, are m a x im u m  
at beam seas and zero speed, h a lf in bow and 
stern quartering seas, and zero  in head and 
following seas
Sikora and Disenbacher empirical relationship 
(para. 2.1.3.1) recommended—Conservative for 
vessels smaller than 3000 tonnes—Used by both 
US and RN (with changes as described in para. 
2.1.3.l~factor 1.584 higher than US) Navies and 
the ABS SWATH code
If ship's main dimensions unknown 0.95 A- 
1.0 A should be used as first shot 
P oint o f  application for design purposes at 0.5- 
0.6 draft
L o n g itu d in a l d is tr ib u tio n  may be assumed 
uniform (para. 2.1.1.3) but dependent on 
geometry (para. 5.4)
For a given wave height, maximum at wave 
lengths 3-4 times the underwater beam 
Maximum side load to decreases as a fraction 
of A as A increases above 400 tonnes 
Sikora et al's expressions (para. 2.1.1.5) are 
recommended-applicable for seas between 15° 
and 450 off beam
T = 0.13 F ^  Ls for the cross deck
T = 0.29 F ^  Ls for the struts
For the yaw torsional moment Sikora and 
Disenbacher's expression proposed (para. 2.1.1.5) 
Kennel's expressions are recommended (para. 
2.1.3.2)
this is the most important secondary load, 
which governs the local structural design of the 
wet deck, haunch, strut and it is amplified by 
ship speed
M a x im u m  within 20% of LQa from the bow,
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dropping linearly from there onw ards to a 
distance of 40% of LQa from the bow where the 
pressure level is at 50% of that at the bow
- Design pressure measured at model scale m ust 
be scaled to full scale values and adjusted for 
different panel sizes for use in design (par. 2.1.2)
- Simple form ulation by Allen and Jones (para.
2.5.1) is recommended. It is the most widely 
acceptable and is used by ABS SWATH Code 
draft. It allows pressure value predictions for a 
num ber of advanced marine craft and requires 
no advance knowledge of vehicle motion
(B) THEORETICAL ESTIM ATIONS (para. 2.1.3.3) of motions and 
hydrodynamic loads may be carried out in two ways:
(a) Two-Dimensional Strip Theory- Should be avoided as it only perm its 
predictions in the direction in which the section is chosen and is hence 
less accurate
(b) 3-Dimensional Sink-Source Theory --Should be preferred as it allows 
the inclusion of wave load effects in all directions thus facilitating 
consideration of the pitch and yaw m otion effects which w ould 
otherwise be neglected- Price et al incorporated the effect of h y d ro ­
elastic ity  on structural responses, Chan accounted for forward speed 
effects (translating-pulsating sources)-Additional European computer 
code developments are available by the National Technical University 
of Athens (NTUA) and NTH Norway.
(C) The SPECTRAL DESCRIPTION of the sea state and m otion/structural 
response can either be carried out based either on short- or long-term 
statistics
(a) Short Term Statistics
- short term  wave records used to define the irregularity of the
seaway and describe normal seaway conditions (para. 2.2.1)
- descrip tion  is in the frequency domain either in term s of
significant wave height, zero crossing period or preferably in terms 
of extremes, i.e. Extreme Wave Heights and the Most Probable 
Extreme Wave Heights (para. 2.2.1.2)
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- the wave height and period follow a Rayleigh distribution for a 
narrow banded spectrum, developed seas, BUT
- Correct for wide-bandedness (s>0.6) the significant wave height 
(para. 2.2.1.1) and Extreme Wave Heights (para. 2.2.1.2)
- Of the available theoretical spectra (para. 2.2.2.)
• P-M spectrum most widely used (for fully developed seas)
• Bretschneider spectrum is mostly used in the Gulf of Mexico
• JONSWAP spectrum (y=3.3) used in the North Sea for storms
• Ochi spectrum accounts for the presence of swell
- Necessary Corrections of energy spectra (if not already included in 
the spectrum itself) for (para. 2.23) are for
• Short-Crested Waves (except for the JONSWAP spectrum)
• Frequency of encounter (forward speed and direction)
(b) Long-Term Statistics
- are based on a long-term distribution of the short term  seaway 
statistics and should be used for the prediction of long term extreme 
values accounting for the occurrence of rare events (para. 2.3)
- predict the largest value of the wave height or response for a given 
probability of this largest value being exceeded
- Two Methods to calculate the long-term  probability  density 
function for extreme m otion/response values
• Design Sea Load Method (para. 2.3.1)
NOT for fatigue damage estimation as it neglects all the load 
conditions linked to every significant wave height other than that 
specific combination of heading, frequency and speed that results 
in the highest response level
• Lifetime Weighted Sea Method (para. 2.3.2)
Total lifetime response of the ship the sum of a series of short­
term responses appropriately weighted to account for the relative 
am ount of exposure of the ship to the various levels of sea 
severity—More accurate bu t computationally intensive and is 
mostly used for fatigue life estimations
• The probability density function of peak values of response for 
the ship's lifetime is usually chosen from Log-normal, Weibull, 
Gumbel and the Fisher Tippett II distributions. Log-Normal and 
Weibull distributions are used widely and are recommended.
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• Two Load Prediction methods are available for Fatigue Design:
(a) The Lifetime Weighted Sea Method (paras. 2.3.2, 2.4)- Should be 
preferred for detailed fatigue design and for critical joints whose 
failure will not lead to load shedding but to the rare case of structural 
failure. It is used by the US Navy (para. 2.4.2)
(b) The Simplified Method (para. 2.4)- Is preferred at the concept design 
stage and for joints whose failure will only lead to load shedding
• proposed by Munse et al it considers a tw o-param eter Weibull 
distribution for the long-term stress-range distribution ignoring 
any sequence effects
• the shape parameter £ of the Weibull distribution is a function of 
the type of structure, its dynamic characteristics and the location of 
its operation (para. 2.4)
• used by the Royal Navy (£ = 1 -exponential distribution, D = A = 1, 
design stress value corresponds to a probability of exceedence a  of
0.01 in the ship's life (para. 2.4.3)
• It is also used by most marine design codes and recommended by 
Moan, Faulkner, and Nordenstrom  (DNV) it is also proposed 
here in
(c) The corrections applied on the stress-range loading should be for
• Wide bandedness—W irshing and Light's m ethod based on the 
rainflow cycle counting method (para. 2.4.1) should be used
• Two segment fatigue strength curves—W irshing and  C hen 's 
(para. 2.4.1) method should be used
(D) EXPERIMENTAL INVESTIGATIONS (para. 2.1.3.4) are essential in 
calibrating theoretical predictions but are currently only restricted to novel 
designs for which the computer codes have not in general been properly 
tested.
FATIGUE STRENGTH MODELLING RECOM MENDATIONS FOR THE 
M A IN  STRUCTURAL COMPONENTS
In analysing a joint for its fatigue strength one should make allowances for 
the following:
(a) Weld Orientation usually accounted by the joint classification system 
transverse welds lowest fatigue strength (para. 3.2)
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(b) Weld Size-Larger Length, thickness, w idth of welded element, all 
lower the mean fatigue strength
- Thickness correction essential (page 185) as code S-N data available for 
specific thicknesses
- Length and Thickness correction - Part of the classification system
(c) Weld Type- butt-failure at the weld toe
- fillet-H=t guarantees failure at the weld toe (para. 3.2) - 
good root penetration  im portan t, p a rtia l  root 
penetration welds help reduce the leg length and hence 
the amount of weld material deposited (page 183)
(d) M isa lign m en t correction (angular or linear m isalignm ent or 
thickness differences) should only considered in the presence of axial 
stresses- the stress magnification factor is dependent on level of 
eccentricity an d /o r thickness difference (para. 3.2.1).
(e) Discontinuity effects- Included in the fatigue data, no correction 
essential
(f) Material Strength/Alloy Type
- H igh material strength encourages high stress ranges to be exercised 
on the joints thus deteriorating fatigue life
- unwelded - beneficial only on crack initiation stage (page 186)
- welded - Has no effect in crack propagation stages which depend
on E instead (page 186)
- A lu m . - 7000 sers 40% higher strength than 5000/6000 (pg 189)
- 5000 vs. 6000 series unaffected at high cycle range but 
large differences observed at low cycle range (pg 189)
- Indications of high strength material enhancing the effect of weld 
im provem ent techniques (para. 3.8.1)
(g) Corrosion negates the effect of any endurance limit
- Steel - Reduction in strength by a factor of 2
- A l u m  - UNWELDED
(a) Weathering Corrosion - is Self Arresting
(b) Galvanic Corrosion-occuring betw een dissimilar 
metals and hence protection is required (page 187)
(c) Stress Corrosion - Occurring in 5000 series ONLY 
Insensitive if annealed and < 7% Mg (page 187) 
OR cold formed and annealed at >60° &<3% Mg
WELDED (page 188) Strength reductions
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For 5083 alloy - BUTT 40%, FILLET 50%, (R=0.5)
For 6063 alloy - BUTT 53%, FILLET 22% (R=0.5)
- Shot peening improves the fatigue and corrosion fatigue life of 
aluminium transverse butts of 7000 series 3- to 6-fold (para. 3.2.1)
(h) Temperature Effects on Fatigue Strength
- Steel - reduction w ith high tem perature (limit of code
applicability 375° C), brittle with low temperature 
- A l u m i n i u m  - High temperature leads to 50% REDUCTION
- Low temperature leads to 15-60% INCREASE
- Limit of code applicability 100° C
(i) Effect of E - 'Steel data may be used for alum inium  joints by
direct division by 3, a generally applied policy
- This is not always true as ratios vary between 2-2.5, 
3 being most applicable to longitudinal non-load 
carrying fillet welds (para. 3.3.5)
(j) Co-existence of Normal and Shear Stresses
- The equivalent principal stress expression by ERAAS should be used
(para. 3.3) in this case
- In term s of weld orientation a w eld should be considered as 
'longitudinal' if the welding line is within 30° of the principal stress 
direction
(k) The Effect of Mean Stresses - Should be accounted for via the
Goodman plot (page 190)
• Fatigue Strength Criteria
- Empirical S-N curves used in the m edium  to high cycle range
- Theoretical crack propagation, expressed in two ways (para. 3.5.1):
(a) limiting the stress intensity factor, K, to the fracture toughness Kc
(b) restricting the crack size to below a preset critical size, a ^ ,  set from 
serviceability considerations
- Theoretical, strain dependent expression should be used in low cycle 
fatigue, e.g. Coffin-Manson Law accounting for plasticity at the crack tip 
(para. 3.3.3)
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• Fatigue Damage Summation Rules
- M iner's Rule - W idely used and thus recom m ended but accurate
only  for narrow banded spectra and large block 
lengths, and sensitive to load sequencing (para.
3.3.4.1). Damage predictions vary between 0.47-1.0
- Guerney's Rule - Addresses Miner's discrepancies but not widely used
(para. 3.3.4.1)
- Miner's rule leads to satisfactory predictions for R=0 BUT Guerney's rule 
is more accurate at higher mean stresses
• Uncertainties in  M iner's Fatigue Damage Model (para. 3.4.2.3) to be used 
in a reliability analysis of the fatigue strength are:
Item Distribution Bias c o v
Primary Load, B Log-Norm 0.7 50%
Strength, K Log-Norm S-N data 70%
Test data, N Log-Norm 36-48% for steel
27% for Alumnm
Fatigue Damage A Log-Norm 1.0 65%
• The Fatigue Strength Design Codes Recommended are
- BS 5400, Offshore, DEn Based on Welding Institute Data, for STEEL
- BS 8118 The m ost conservative aluminium code -P roposed
by the ISSC'94 and recommended herein (para. 3.6.5)
- ERAAS Mean strength predictions relative to other codes
(para. 3.6.5)
• Effects of Post-Weld Repair Techniques
Post Weld Repair methods (para. 3.8.1) interfere w ith the mechanisms of 
crack initiation and propagation. These are:
(a) Weld Toe Dressing- mechanical (hammer peening, shot peening,
disc grinding or, machining) - para. 3.8.1
- TIG/plasma dressing—AVOIDED (inefficient)
(b) Residual Stress - cold working (hammer /sh o t peening)
- prior-overloading (Risk of deformation)
- spot heating (costly, avoid for aluminium)
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(c) Hammer Peening provides the best results from all methods
(d) Indications exist that high strength material enhances the effect of 
weld improvement techniques (para. 3.8.1)
(e) For Aluminium the fatigue strength depends on (para. 3.8.1)
• Filler Wire - reduced porosity filler w ire im proves the
fatigue life of reinforced w elds b u t not of 
unreinforced ones. O verw elding reduces the 
fatigue strength by 10%
• Pore Size - not num ber of pores. Pores of 30% w eld
volume reduce the fatigue strength  by 20%
• Welding Method - Gas welding leads to strength reductions of 50%
in butts, and 67% in fillets
- Electron Beam welding is found to provide 
inconsistent observations
• Repair Method - S ho t-p een in g  p ro v id e s  50% s tre n g th
im provem ent on fillets, and 100% on butts)
- TIG dressing leads to improvements in fatigue 
lives in the ratios between 1.9-3.3 for butt welds, 
and 2.S-7.2 for fillets
- Peening before preloading leads to 40% strength 
increase
- Preloading before peening leads to 60% strength 
increase for butts, and 30% for fillets
• C o m m e n t  - A  strength improvement factor of 1.4 m ay b e
used for all properly applied repair techniques 
in all types of aluminium joints
• Weldability: It is important to check the weldability (para. 3.8.3) of alloys 
chosen if good fatigue life is to be obtained. W eldability reduces w ith an 
increase in- Solidification Interval Temperature. Low Weldability is due to
(a) Hot Tearing in grain boundaries (Max. for alloy content l%-3%)
(b) Solidification HAZ Cracking
Guidance on the weldability of the various alum inium  alloys is available 
in the ALUSELECT database and BS 8118, texts w hich are highly 
recommended (para. 3.8.3).
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ULTIMATE STRENGTH MODELLING RECOMMENDATIONS FOR THE
M A IN  STRUCTURAL COMPONENTS
The 'Transfer of Technology' from 'steel' to ' A l u m i n i u m '  requ ires 
proper account to be taken of:
(a) Rounded material stress -strain curve (strain hardening)
(b) Residual stress effects
(c) HAZ m aterial strength reduction in certain aluminium alloys
• 5000 & 6000 series alloys are mostly used in marine applications
1. 5000 series easier to roll, better corrosive resistance than 6000 series, 
moredifficult to extrude and hence mostly used for plating
2. 6000 higher strength, easier to extrude, less corrosive resistance than 
5000 series, so used as stiffener and for extruded sections
3. 6000 series heat-treated and hence more affected by welding than 5000 
series that remain unaffected unless they are in their work-hardened 
tem per
• Strain Hardening
The strain  hardening advantages of the alum inium  alloy is generally 
neglected in the m odelling  of the buckling phenom ena, b u t its 
consideration is beneficial in the strength of beams and beam columns, for 
the cases where plasticity and plastic hinge formation are considered to be 
the failure criteria. For such cases it is difficult to identify a failure point as 
such, and hence failure may be assumed to occur at strains of 5-10 e0 2 or 5- 
10 90 2 for axial tension and bending respectively.
• Residual Stresses
The therm al diffusion factor in aluminium is 10 times higher than that of 
steel and hence (para. 4.1.1.1)
(a) Extrusions - Neglect residual stresses
Hot-rolled steel profiles - Residual stresses = 0.3-0.5 yield
(b) W elded sections - Steel-tensile resid. strss. at yield level
- Aluminium-tensile resid. strss. at 0.6 of Y
(c) The Cambridge residual stress model is preferred in modelling over
the ECCS as the British model allows extrapolation to all types of
joints (para. 4.1.1.2)
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• HAZ Softening Considerations
HAZ material strength reduction is more significant in the 6000 and 7000 
series alloys and in the 5000 series alloys only when these are at a work- 
hardened temper
M odelling requires the determ ination of the extent and magnitude of 
H AZ softening. The BS 8118 proposals are the m ost detailed and hence 
are recommended for use herein (para. 4.1.2.2)
- Extent - is dependent on thickness, proximity of other w elds/
free edges, weld deposit area
- Reduction - is dependent on alloy and its treatment
General Comments on the Design of Steel and Aluminium Flat Plates
(a) Flat stiffened plates are treated as "columns', the effects of residual 
stresses and initial im perfections accounted for by either the tangent 
modulus approach or the Perry-Robertson approach
- Perry-Robertson - accounts explicitly for imperfection effects but
not residual stresses Used mainly in Europe and 
is conservative for reasons mentioned in pg 266.
- Tangent Modulus - widely used in the USA and Canada. It accounts
explicitly  for resid ual stress effects and 
implicitely for average imperfections and is 
preferable (para 4.2.2)
(b) Inelastic behaviour best treated by the Tangent Modulus approach 
(para. 4.2.2). Effect of larger initial imperfections however m ust be 
accounted for by the use of correction factors based on experimental 
data
• The recommended design models w ith their associated uncertainties 
for the main structural components of SWATH ships are presented in the 
Tables below for both aluminium and steel applications
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Model Material Bias COV(%) Ref. Paragraph
Ultimate Strength of 'Long' Plates in Compression
G. Soares Steel 1.031 10 4.2.4
Tolikas 5083 0.99 6 4.2.5.3
6082 1.0 5 4.2.5.3
or use steel m odel w ith  g02 and Es 
replacing a y and E
Ultimate Strength of 'Long' Stiffened Plates in Compression
Faulkner Steel 1.041 11.7 4.2.5
A lum use steel m odel w ith  o 02 and  Es
replacing o y and E or Tolikas m odel
(para. 4.2.5.4)
Ultimate Strength of 'W ide' Plates in Compression
Soares /Faulkner Steel 0.99 13 4.2.6
A lum use steel m odel w ith  g02 and Es re­
placing a y and E
Plates Under Lateral Pressure
Steel/A lum  1.0 5 Appendix 4.3
Steel - Elasto-Plastic Design (Appendix 4.3)
For l < a < 5  and 2 < p < 6 , the allowable pressure, p, is 
expressed in terms of an allowable perm anent set, w pt 
For 1 < a  < 5 and p < 2 fully plastic design approach of Wood 
is used ('roof-top' collapse bending m echanism, w ithout 
membrane effects)
- OR Fully Plastic Design (Appendix 4.3)
For 'long' plates (a  > 2.5) three-hinge collapse assumed 
For 'short' plates ( a <2.5) - Roof Top Collapse Mechanism 
w ith or w ithout accounting for m em brane stresses de­
pending on the value of the plate slenderness p 
A lum  - Use 'STEEL' m odels—strain  harden ing  neglected. Con­
servative to use reduced m aterial strength  for m aterial 
suffering from HAZ softening and models based on bending 
strength of plates (e.g. formation of plastic hinges) (para. 
4.2.7.5)
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Model Material Bias COV(%) Ref. Paragraph
Ultimate Strength of Plates in Biaxial Compression
O dland/Faulkner Steel 0.99 13.1 4.2.8
A lum  use steel model with o 02 and Es replacing 
a y and E (par. 4.2.11)
Ultimate Strength of Plates in Biaxial Compression & Lateral Pressure
Soares/Gordo Steel 0.99 11 4.2.9
A lum  use steel model with g 0 2  and Es replacing 
G y and E (par. 4.2.11)
Ultimate Strength of Plates in Biaxial Compression & Shear
Soares/Gordo Steel 1.07 6.0 4.2.10
A lum  use steel model with g 0 2 and Es replacing 
G y and E (par. 4.2.11)
Stiffener Design 
Tripping Check
Faulkner's p la te / Steel 1.0 15 4.3.4.1,4.3.4.4
stiffener intctn A lum . use steel model with g 0 2 and Es
Strength Check - Treated as stiffened plates in compression (paras. 4.2.5
& 4.2.5.4) with an effective width of plating 
- Vertical and longitudinal stiffeners of deep plate 
girders treated via a Perry-Robertson expression. Loads 
estimated as for BS 8118 in paras. 4.3.2.1 and 4.3.3.2 and 
strength as in paras. 4.3.2.2 and 4.3.3.3.
Stiffness Check - M aquoi's Criteria based on Orthotropic Plate Theory
(para. 4.3.1.2) are recommended 
Local Buckling Criteria (para. 4.3.5)
Steel - Assume safety factor of 3 on yield against critical
buckling of stiffener components 
A l u m  - use steel criteria with o 02, and Es
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Model Material Bias COV(%) Ref. Paragraph
0.98 6.0 4.4.2.2
1.0 7.0 4.4.2.2
1.74 11.6 4.4.2.2
1.51 6.4 4.4.2.2
1.008 4.5 4.4.2.4
Ultimate Strength of Unperforated Deep Plate Girders (Cross-Deck)
1. Shear Dom inated Failure 
Cardiff Steel-Vert. stiff.
Steel-Long, stiff 
BS 8118 Alum.-Vert. stiff.
Alum.-Long. stiff.
2. Bending Dom inated Failure 
Cooper Steel-Vert. &
Long. Stiff.
BS 8118 A lum . 1.0 5.0 (assumed) as criterion
is first yield of flanges
Cardiff model is recommended accounting for the effect of longitudinal 
stiffeners as recommended by the Cardiff approach (para. 4.4.2.3) and 
w ithout considering the effect of the tension field component on 
the flange rigidity
The effect of bending and direct in-plane loads should be accounted for as 
recommended in para. 4.4.2.4
Ultimate Strength of Perforated Deep Plate Girders (Cross-Deck Structure)
• Note the restrictions on the perforation dimensions relative to those 
of the web panel (paras. 4.5.2 & 4.5.3)
• Nothing has been published for Aluminium Perforated girders or for 
the loading case of co-existent shear, bending and direct stresses- 
Assumptions as proposed by Cardiff model for the unperforated deep 
plate girder cases is hence recommended for this case (para. 4.5.6)
• The design of reinforcements for any web plate perforations should be 
carried out as referenced in para. 4.5.5
• Least ultimate strength of perforated girder when the perforation is 
located at the centre of the web panel, maximum  w hen at the 
com pression d iagonal corner, BUT for alternating shear loads
perforations should be placed only at the center
1. Unreinforced, circular, centrally positioned perforations 
N arynn/R ockey Steel 1.18 9.0 4.5.2
(simplified) A lum  nothing published, as in para. 4.5.6
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2. Reinforced, circular, centrally positioned perforations
N aryn/D er Avan. Steel 1.07 11.5 4.5.1 & 4.5.2
A lum  nothing published, as in para. 4.5.6
3. Unreinforced, rectangular, centrally positioned perforations 
N aryn/D er Avan. Steel 1.14 8.3 4.5.1 & 4.5.2
A lum  nothing published, as in para. 4.5.6
or Steel & Alum Transform rectangular opening to its
'eq u iv a len t d iam ete r ' c ircu lar p e r­
foration (para. 4.5.4) and use simplified 
expression
4. Reinforced, rectangular, centrally positioned perforations 
N aryn/D er Avan. Steel 1.17 4.0 4.5.1 & 4.5.2
Alum  nothing published, as in para. 4.5.6
5. Unreinforced, eccentrically positioned perforations (circular & 
rectangular)
Naryn et al Steel 1.20 13.0 4.5.4
A lum  nothing published, as in para. 4.5.6
Ultimate Strength of Deep Plate Knee Joints (Haunch-Strut Intersection) 
Braunsweig Steel 0.91 11.5 4.6-4.6.3
Alum  nothing published, as in para. 4.6.6
• The model has not been extended to account for the presence of
- longitudinal/vertical stiffeners on the web plate
- web perforations
These can be arbitrarily accounted as shown in paras. 4.6.4 and 4.6.5.
• The design of knee-joints w ith Tapered or Curved Flanges should be 
carried out based on either Vierendeel's tapered Beam Formulae or 
Olander's Formulations (para. 4.6.7)
The Design of Stiffened Cylindrical Structures Under Pressure Loads
1. Ring Stiffened Cylinders Under External Pressure only
1.1 Interframe Shell Collapse
BS 5500 Steel 1.05 13.0 4.7.1.1
(mean curve) A lum  use steel m odel w ith  a 0 2 and Es
replacing o y and E
Chosen on the basis of minor conservatism and w ider acceptance and not 
on the best modelling uncertainty values.
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1.2 General Instability
Bryant 2-term Steel 0.95 13.0 4.7.1.2
expression A lum  use steel m odel w ith g02 and Es
replacing a y and E
1.3 Overall Collapse-Frame Yielding
Perry-Robertson* Steel 1.1 10.0 4.7.1.3
A lum  use steel m odel w ith  a 02 and
Es replacing a y andE  
(*) Note that these uncertainties have been obtained by assuming
a + b n  
n n 2 - 1
based on RN submarine data and where the out-of-circularity varies with 
the num ber of circumferential waves (page 389). The BS 5500 assum ption 
of o-o-c of 0.005R is found in Table 4.13 to be overly conservative and 
unrealistic for modes above n=2.
2. Dome End Design
Faulkner Steel 1.0 15.0 4.7.3
A lum  use steel m odel w ith a 02 and Es
replacing Gy and E
3. Design of Conical Transitions
The conical transition joints should be designed according to Niordson's 
proposals (para. 4.7.2). The use of the same strength form ulations and 
criteria as for cylindrical elements under external pressure is required but 
w ith appropriate m odifications to account for the taper angle. The 
uncertainties to be assumed should be those appropriate to the individual 
s treng th  m odels used for cylindrical sections. For A l u m i n i u m  
applications use the steel models with a 0 2 and Es replacing a y and E.
4. Orthogonally Stiffened Cylinders
4.1 Under Axial Compression only
Glasgow-(RCC Steel 1.01 13.2 Appendix 4.6
recalibration) A lum  use steel m odel w ith  c 02 and Es
replacing a y and E
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4.2 U nder External Pressure only 
Glasgow-(RCC Steel 1.14 13.4
recalibration) A lum  use steel m odel w ith
replacing a y and E
4.3 Com bination of External Pressure and Axial Load 
Glasgow-(RCC Steel 1.09 25.0
recalibration) A lum  use steel m odel w ith
replacing c y and E
Appendix 4.6 
a 0 2 and Es
Appendix 4.6 
o 0 2 and Es
